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CHAPTER 1 - INTRODUCTION 
1.1 Preface  
In the present thesis the numerical simulation of the austenitic stainless 
steel welding process is investigated via the finite element method. In 
order to proceed to the simulation of the thermo-mechanical process of 
austenitic stainless steel, the process itself and the material must be 
carefully studied. The knowledge and understanding of the material 
behavior during the heating by the welding arc, but also upon cooling, is 
crucial for the construction of the model, the accurate implementation of 
the thermal load and the prediction of the thermo-mechanical response of 
the welded joint. In order to acquire such knowledge, a series of welding 
experiments were conducted through the butt-welding of austenitic 
stainless steel plates with various dimensions. In-situ measurements of 
the thermo-mechanical response, along with stress measurements and 
metallographic investigation in the as-welded condition, provided 
sufficient information, thus allowing the accurate numerical modeling of 
the welding process. 
The complete insight in the case of the welding process investigation is 
achieved mostly with the construction of three-dimensional models. The 
thermo-mechanical analysis of solid models with the finite element 
method is a time-consuming process in comparison to two-dimensional 
analyses, since a much larger number of nodes and elements are required 
for the construction of the solid model. The required time for a solution to 
be achieved has been decreased with the ongoing improvement of 
computational efficiency of personal computers. However, efforts are 
focused on various techniques that would decrease computational time of 
three-dimensional analyses mostly in multi-pass welding simulation, 
without any sacrifice in the accuracy in prediction capability. Thus, in the 
present thesis a series of numerical welding simulations are presented 
where the accuracy of the predicted results is evaluated and techniques to 
minimize the computational time are employed.  
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1.2 Experimental Procedure 
Welding experiments have been conducted on austenitic stainless steel 
plates. The austenitic alloy was the AISI 316L, which belongs to the L-
grade group of austenitic stainless steels. The plates were subjected to 
automated butt-welding with the use of a robotic welding arm. The 
automated welding procedure provided to each welding experiment 
constant welding parameters, eliminating the possibility of errors and 
defects during the welding process. The flux-cored arc welding (FCAW) 
process was selected for all plate joints and a special flux-cored wire with 
similar chemical composition to the base metal was used as filler addition. 
The gaseous shield of the welding process was a mixture of Argon and 
Carbon Dioxide (Ar + 18% CO2).  
Three different thickness plates were welded during the experimental 
procedure. The thickness of the plates was 4, 8 and 12 mm, which 
allowed the investigation of single- and multi-pass welding of the 
austenitic stainless steel. The length and width of the plates varied for all 
thickness values, namely, two combinations of plate length and width 
were tested for each thickness. Thus, small and large joints of the various 
thickness values have been produced. During the welding process 
measurements of the thermal cycles, local strain and out-of-plane 
deformation have been recorded with the appropriate measurement 
equipment. In the as-welded case the welding residual stresses were 
determined with a semi-destructive stress-relief method.  
Transverse sections of the weld profile were cut from all welded joints 
and subjected to metallographic investigation. The measurements of the 
thermo-mechanical response of the welded joints established the unique 
properties of the alloy, such as the low thermal conductivity and high 
thermal expansion coefficient. The metallographic investigation revealed 
the austenitic microstructure of the alloy and the small amount of δ-
ferrite, which forms in the weld metal intentionally to prevent hot cracking 
during cooling. The formation of chromium carbides, mostly during multi-
pass welding, has been restricted due to the L-grade character of the 
alloy. 
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1.3 Numerical Modeling 
The knowledge and experience acquired during the welding experiments 
was employed during the construction of the solid models, the application 
of the thermal load and the solution of the thermo-mechanical analysis. 
Numerical simulations were conducted based on all welded joints with 
different plate thickness. One of the primary steps in numerical modeling 
was the construction of the three-dimensional solid model with efficient 
mesh division, in order to avoid long computational-time during the 
analysis and at the same time yield accurate results. Thus, for all solid 
models a fine mesh was constructed in the weld metal and its adjacent 
area, while the mesh became coarser as the distance from the weld metal 
grew.  
An evaluation was performed for the load case of the transient thermo-
mechanical analysis of the welding process. Different heat source models 
were applied in single and multi-pass welding simulations and evaluated 
based on the response of the welded joints. The experimental 
measurements were used to examine the efficiency and accuracy of the 
heat source model. The convergence of the numerical and experimental 
thermal cycles, out-of-plane deformation and residual stresses were 
principal criteria for the heat source model. An important criterion that 
could not be neglected was the shape of the weld metal, which was 
revealed during the metallographic investigation. Thus, the heat source 
model must be adapted to the actual weld metal profile to provide 
accurate results.  
The main focus of the present thesis is the reduction of computational 
time during the analysis of multi-pass welding. The requirements in 
computational time of the analysis of multi-pass welding are enhanced 
when it comes to three-dimensional models. The number of elements and 
nodes along with the increased number of time steps can lead to analyses 
that can last many days even if powerful personal computers are utilized 
as the computational platform. Since the mesh construction had been 
optimized by refinement in the weld metal area and coarsening far from 
the weld, the next possible solution lies in the reduction of the time steps 
of the analysis. Thus, the technique of grouping weld passes is introduced 
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and evaluated in the present thesis. The technique is based on simulating 
several welding passes as one. The technique is applied in the 12 mm 
thick welded joint, because it requires the maximum number of passes 
from all other cases studied.  
The grouping technique in multi-pass welding must be applied with 
extra care. The passes that are simulated together must share the same 
welding parameters so that the transient character of the analysis is not 
affected. There are also issues of the sequence, in which the groove of 
the joint is filled by the filler metal, which must be discussed and 
evaluated. All the previous assumptions are investigated and embodied in 
the numerical simulation. The final results of the grouping technique are 
compared with experimental results, in order to evaluate their accuracy 
and the computational time saved. 
1.4 Structure of the Thesis  
The present thesis consists of six chapters, in which the experimental and 
numerical welding of austenitic stainless steel are presented and 
analyzed. In the current chapter (Chapter 1) the structure and objectives 
of the thesis are briefly presented, in order to provide information 
regarding the following chapters and their content.  
In Chapter 2, the concept and implementation of Computational 
Welding Mechanics (CMW) are being discussed. The term CMW was 
introduced when the finite element method was employed to solve 
complex thermo-mechanical welding problems. Thus, Chapter 2 deals 
with the utilization of the finite element method in the welding process. 
One of the main issues discussed is the correct and accurate description 
of the material behavior throughout a wide range of temperatures (from 
room to melting temperature), which is accomplished by the construction 
and insertion of the material model in the finite element analysis. 
Subsequently, various heat input models, which simulate the welding heat 
source, are presented and their application in the finite element analysis 
is discussed, along with constrains and simplifications that are usually 
made. Another subject analyzed in this chapter is the modeling process of 
multi-pass welding and methods to simulate the filler metal addition, 
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which is a fundamental concept for many arc welding processes. In 
addition, there is a discussion on accomplishing computational time 
efficiency, which is crucial when it comes to perform three-dimensional 
multi-pass welding analyses. Finally, the prediction of accurate 
mechanical results, such as stresses and deformation, of the thermo-
mechanical analysis is discussed and analyzed.  
The following chapter (Chapter 3) deals with the arc fusion welding of 
austenitic stainless steel. At the beginning of the chapter the stainless 
steels and more specifically the austenitic grades are presented. Several 
aspects of the specific alloy group are discussed and more precisely their 
thermal and mechanical properties, corrosion resistance, chemical 
composition and microstructure. Subsequently, several arc welding 
processes are presented and their basic principals are analyzed. Emphasis 
is given to the flux cored arc welding (FCAW) process, which was the 
method employed during the welding experiments of the present thesis. 
Chapter 3 also deals with the welding metallurgy of austenitic stainless 
steels, namely the formed weld metal and the heat affected zone. The 
solidification and microstructure of the weld metal and the ability to 
predict them, the microstructure of the heat affected zone and various 
metallurgical phenomena and defects are the basic topics analyzed in this 
section. Finally, a review is presented on the thermo-mechanical response 
of austenitic stainless steel welded components. 
In Chapter 4 the experimental butt-welding process of austenitic 
stainless steel AISI 316L plates is being presented, along with all 
experimental results. Initially, a listing of the materials, namely the base 
and filler metal, welding equipment (welding machine and robot) and 
measurement equipment is performed. The austenitic plates welded were 
of three different thicknesses, namely 4, 8 and 12 mm. The 4 mm plates 
were single-pass welded, while the 8 and 12 mm plates required a multi-
pass welding procedure. The welding experiments, for all plate 
thicknesses, consisted of transient measurements of the thermal cycles, 
local strain and out-of-plane deformation and of residual stress 
measurements and metallographic investigation in the as-welded 
condition.  
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The welding experiments discussed in Chapter 4 are numerically 
simulated with the finite element method, subsequently, in Chapter 5. 
The finite element code ANSYS® is employed in order to perform thermo-
mechanical simulation of the AISI 316L butt-welding process. More 
precisely, three-dimensional solid models are constructed for all welded 
joints and an efficient mesh division is applied on all solid models. A 
detailed material model is initially constructed for the specific alloy and is 
introduced along with the kinematic hardening model in the analysis. Two 
heat source models, one for the single- and one for the multi-pass 
welding process, are applied in the analysis. The accuracy and predictive 
capability of the numerical simulations is evaluated upon comparison of 
the experimental to the numerical results. Finally, a novel technique of 
multi-pass welding simulation is applied in the 12 mm plate welding. The 
technique is based on the grouping of welding passes during the analysis, 
thus saving a large amount of computational time. The results of the 
technique are evaluated when compared to the experimental results.  
A summary of the thesis is presented in Chapter 6, where the 
experimental and numerical results are briefly presented. The final 
conclusions are drawn and the evaluation of the novel grouping technique 
for the numerical simulation of the multi-pass welding process is 
performed. Finally, some suggestions by the author for future 
investigation are listed. 
1.5 Objectives of the Thesis 
The main objective of the present thesis is focused on the efficient 
numerical simulation of the multi-pass welding process. In order to 
achieve this goal it is crucial to meet some intermediate objectives. 
Firstly, a material and a specific welding process were selected to serve as 
the case study to this endeavor. The secondary objective here has to do 
with the knowledge of the principles and special features of the welding 
process and the material behavior. Secondly, the knowledge of the finite 
element method is also important and, more specifically, the solution of 
coupled-field problems, such as welding. The finite element method is an 
important tool to deal with such problems, but one has to know the 
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method’s limitations and constraints. The dissociation of the experimental 
to the numerical process is crucial and must be clarified prior to the 
solution, in order to perform the necessary simplifications and 
assumptions without sacrificing accuracy over computational efficiency.  
Once these objectives are accomplished, the construction of a finite 
element analysis, in which the novel efficient method for reducing 
computational time, for the multi-pass welding process can be performed. 
All the acquired knowledge shall be employed not only for the 
construction and performance of the analysis but also for the accuracy 
and predictive capability of the numerical method.  
1.6 Summary 
According to the previous paragraphs, a summary of the problem 
discussed in the present thesis, the methodology followed to solve it, the 
main results and the effect on future investigations, is presented. 
[1] The finite element analysis (FEA) is considered to be the most 
appropriate method for investigating the thermo-mechanical 
response of welded structures.  
[2] One of the main issues arising, when thermo-mechanical analyses 
of multi-pass welded structures via FEA are conducted, is the long 
computational time required, mostly in three-dimensional models. 
[3] The "grouping" technique, which is introduced in the present thesis, 
aims at reducing the required computational time of the analysis, 
without compromising the accuracy of the predictive capability of 
the numerical model. 
[4] With this technique more complex three-dimensional models of 
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CHAPTER 2 – COMPUTATIONAL WELDING MECHANICS 
2.1 Introduction 
Welding is a fabrication technique present in numerous industries, such as 
the marine, the petrochemical, and the automotive. In all industry fields 
mentioned above demands and tolerances of the production line must be 
met, according to the prescribed design plan, with precision. The abidance 
to the design plan during the manufacturing process along with realistic 
demands of the designers can lead to a sound production line excluding 
over- and under-estimations in cost, man-hours and material. 
Welding as a fabrication technique includes a number of difficult 
problems, which must be dealt by the design and manufacturing 
community. The welding process incorporates various parameters that 
must be taken into account during design and manufacturing, in order to 
produce sound welded structures. Numerous experiments and welding 
tests have been conducted aimed at defining the effect of these 
parameters on the welding process. In addition, the introduction of the 
Finite Element Analysis (FEA) in the design process of welded structures 
was a promising new perspective. The employment of FEA aimed at the 
prediction of the thermal, material and mechanical effects resulting from 
the welding process. This involvement has lead to the establishment of 
Computational Welding Mechanics (CWM). 
Over the last years, and more precisely the 90’s, developments in 
calculating the thermal and elastic-plastic stress-strain cycles have been 
rather slow because of the inherent complexity of the geometry, boundary 
conditions and the nonlinearity of material properties. However, the 
exponential growth in computer performance, combined with equally 
rapid developments in numerical models, such as the construction of 
adaptive geometry and the existence of new element types, has enabled 
CWM to reach the stage where most of the problems regarding welding 
processes can be solved efficiently and in a reasonable time period. The 
advantage of CWM is that it is becoming cheaper, faster and quite 
accurate at performing computer simulations rather than conducting 
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experiments and welding tests. Furthermore, numerical models can be 
utilized in ways that provide insight, which could never be obtained by 
experimental procedures. As an example, the distortion caused by 
welding of austenitic stainless steel can be mentioned. This distortion can 
be three times higher than that of mild carbon steel. By analyzing models 
in which each material property is varied separately, the sensitivity of the 
distortion to each property can be computed, analyzed and eventually 
lead to techniques for reducing distortion. 
2.1.1 Modeling Aspects & Considerations 
Modeling of welding procedures can be a complex problem, due to the 
coupling of multi-physics phenomena that occur during welding. Runesson 
et al [2003] have listed up to 17 couplings (Figure 2.1) for the arc 
welding procedure.   
 
Figure 2.1 Relevant coupling between fields during Arc-Welding. 
Some of the above couplings have little or no effect at all during and after 
the welding process. In addition, the electric field and the fluid flow, which 
are present in the weld pool and arc region, are not accounted for in an 
analysis of the mechanical effects of welding. This high temperature 
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region is approximated by a soft solid in the mechanical analysis, a given 
heat input in the thermal analysis and sometimes a high conductivity for 
imitating convective heat transfer in the weld puddle. Thus the actual 
physics taking place in the weld pool is considerably simplified and 
replaced by a heat input model [Lindgren 2006]. 
The response of the solid geometry to the application of the heat input 
model depends on the material modeling, which includes all physical 
properties of the metal. For an accurate response, the material model 
must contain detailed data of the physical properties over a wide 
temperature range, if possible from ambient temperature until the liquid 
phase, due to the high temperatures and temperature gradients that 
occur during welding. This mandatory input of non-linear temperature 
dependent properties can sometimes exhibit increased complexity when 
in the metallic material solid state phase transformations occur upon 
cooling and must be included in the material model as well. The inclusion 
of a microstructure model in the material model tightly coupled within the 
thermal analysis is called a thermo-metallurgical-mechanical (TMM) 
analysis. However, the more complex and detailed the material model is, 
the longer the analysis shall last. This has led several researchers to 
exploit the question whether accuracy is compromised when using 
simplified material models [Zhu & Chao 2002] and ignoring phase 
transformation even if they exist [Deng & Murakawa 2006a]. 
Apart from the material model, a great deal of interest lies in the 
geometric model and its mesh division. It is well known that accuracy in a 
finite element analysis can be achieved with a fine mesh, which on the 
other hand requires more time to solution. In CWM the region of interest 
is located along the weld seam line, where high temperatures and high 
temperature gradients exist, as the heat source passes by. This area 
requires a finer mesh to provide a credible solution. The fine mesh 
division is critical for the solution, but it must not be deployed within the 
whole geometric model, making the analysis impossible to reach a 
solution. For this reason gradient meshes that are fine only along the weld 
line or even dynamic/adaptive meshes have been used. Thus, increased 
computational efficiency can be obtained without sacrificing accuracy. 
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Prior to the mesh division, the critical issue of whether a two-
dimensional (2D) or a three-dimensional (3D) analysis shall be performed 
arises. A 2D analysis can be solved quite faster than a 3D analysis, saving 
a lot of computational time, but it does not provide the detailed insight 
that can be captured by the 3D analysis. The selection whether to perform 
2D or 3D analysis depends on the expectations of the researcher and 
demands of each case being investigated. Comparisons between 2D and 
3D analyses have been conducted by various researchers, like Deng and 
Murakawa [2006b] and Barsoum and Lundbäck [2009], in order to 
determine when a 2D analysis is adequate or a 3D analysis is needed. 
Simplifications are generally encouraged for the purpose of acquiring 
results in a reasonable time period and saving computation time. This 
assumption becomes even more critical when it comes to modeling multi-
pass welding. This type of modeling exhibits several difficulties and 
obstacles, apart from the long computational time period needed, in order 
to be solved, especially when a 3D analysis is performed. The addition of 
filler metal and the absence of subsequent weld passes in the weld groove 
have not been, in a realistic manner, simulated yet. The methods and 
tools provided for this task can approximate the phenomenon, but still not 
capture it entirely. Hence, some deviations and variations are not 
uncommon. In addition, methods and techniques are investigated on how 
to shorten the computational time of the extended analysis in multi-pass 
welding process.  
As a general remark, it can be stated that the majority of the efforts in 
CWM is focused on how to perform faster analyses without sacrificing 
accuracy. This trend has been encouraged, as mentioned above, by the 
exponential growth in computer performance and a large variety of FE 
codes, commercial or not, with powerful solvers integrated.  
2.2 Material Models 
During the fusion welding process an arc is travelling along the weld line, 
in order to melt the base and filler, if added, metal, in order to produce, 
upon cooling, a homogenous solid welded joint. Hence, the heat source, 
namely the arc, must render the metallic parts with sufficient heat, in 
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order to reach and surpass their melting point. For each metallic alloy the 
amount of heat transferred through the arc varies, due to their different 
physical properties. This is translated into a variety of behaviors during 
the welding process and different responses to the heat transfer from 
each alloy (Fig. 2.2). 
  
Figure 2.2 Different response of metallic alloys to the same heat input parameters [Radaj 1992]. 
The previous statement can be readily noted by the isothermal lines, in 
Figure 2.2, of different alloys. Although the same heat input parameters 
are kept for all alloys, the temperature fields vary. The gradients of the 
temperature distribution, in the steel grades, are quite steeper than those 
of copper and aluminum. In addition, differences can be observed also 
between the austenitic and ferritic steel grades. All the above variations 
are attributed to the different thermal properties of the alloys, such as the 
thermal conductivity, the specific heat capacity and the melting 
temperature. 
Material modeling is important for all computational models and, as 
noted above, the material model and pertinent data must represent the 
actual material behavior with sufficient accuracy. The competence of 
accuracy of the material model depends on the focus level of the 
performed study and the simplifications that are necessarily made due to 
both lack of material data and numerical problems when trying to model 
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the actual high-temperature behavior of the material. The material model 
is, along with the uncertainty of the net heat input, one of the major 
problems in welding simulation.  
2.2.1 Dependency on Temperature and Microstructure 
In a thermo-mechanical analysis, the thermal analysis is, in general, more 
straightforward than the mechanical analysis. It entails a few numerical 
problems, with the exception of the large latent heat during the solid to 
liquid transition and the solid-state transformations, if they exist.  
The complete thermo-mechanical history of a material influences its 
material properties. However, this can be approximated to a dependency 
on the current temperature and deformation for many materials. This 
simplification may be inaccurate for the ferritic steels, where solid-state 
transformations occur that influence the thermal expansion and plastic 
behavior in a way that affect the residual stresses [Deng & Murakawa 
2006a] and the out-of-plane deformation [Karalis et al 2009]. However, 
the simplest and most common approach is to ignore the microstructural 
change and assume that the material properties are only temperature-
dependent. This is the case for materials such as austenitic steels, 
aluminum and copper, where solid-phase changes do not take place or 
are considered to be negligible.  
2.2.1.1 Temperature dependency 
The use of temperature dependent material properties during the thermo-
mechanical analysis of welding is considered to be obligatory due to the 
high temperatures and thermal gradients that occur. With the variation of 
temperature the material behavior changes as it moves from the solid 
towards the liquid phase and backwards in a very short time period. A 
detailed description of the material properties in a wide range of 
temperatures is always pursued, however the experimental determination 
of, mainly, the mechanical properties is a costly and time consuming task. 
This kind of data is very difficult to be obtained. Thus, sometimes for the 
high temperature range, property values are selected or predicted 
[Lindgren 2001b].  
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For the thermal analysis the required properties for the material model 
are the density, the specific heat capacity, the thermal conductivity and 
the thermal diffusivity, which are presented in Figures 2.3 and 2.4 for 
steel alloys.  
 
Figure 2.3 (a) Density, and (b) Specific Heat Capacity for high- and low-alloy steels [Radaj 1992]. 
 
Figure 2.4 (a) Thermal conductivity, and (b) Thermal diffusivity for high- and low-alloy steels [Radaj 1992]. 
The density is needed in the analysis, because it is multiplied with the 
heat capacity to calculate the enthalpy. However, in some finite element 
Chapter 2 – Computational Welding Mechanics 
16 
 
codes, the enthalpy is allowed to be inputted manually in the material 
model. The variation of density along the temperature range is a behavior 
mostly associated with the volumetric change from the thermal 
expansion. It is not uncommon to use a constant density, when a coupled 
thermo-mechanical analysis is performed and allow the code and the 
elements to handle its variation as the temperature changes. In contrast, 
when a pure thermal analysis is performed, temperature dependent 
density is required, since no deformations are being calculated.  
In addition, it is important to include in the material model the latent 
heat due to the phase change from solid to liquid during heating and from 
liquid to solid upon cooling. The inclusion of latent heat in the material 
model, due to melting and solidification, is similar to the case of solid-
state phase transformations, where an amount of latent heat exists due 
to the phase change. If no data for the latent heat emission exist, this can 
be dealt easily in numerical modeling with the vertical increment of the 
thermal conductivity and diffusivity, when the temperature rises between 
the solidus and liquidus lines of the alloy [Lindgren 2001b].  
  
Figures 2.5 The (a) Young’s modulus and (b) Thermal expansion coefficient of steel alloys [Radaj 1992]. 
Performing thermo-mechanical analyses, the requirement of the 
mechanical properties is self-evident, in order to calculate the 
deformation and stresses that occur due to the welding process. The 
mechanical properties inputted in the material properties are the Young’s 
Modulus (Fig. 2.5a), the thermal expansion coefficient (Fig. 2.5b) and the 
(a) (b) 
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Poisson’s ratio (Fig. 2.6). Similar to the thermal properties, the 
mechanical properties are temperature dependent and, if phase 
transformations occur, their influence is considered as well. Furthermore, 
the relationship of stress and strain is also included in the mechanical 
analysis by, usually, inputting stress-strain curves of the material at 
various temperatures. 
 
Figure 2.6 Poisson’s ratio of steel alloys [Radaj 1992]. 
Nevertheless, it is assumed that the deformation can be decomposed into 
a number of components. The increment in total strain is computed from 
the incremental displacements during a nonlinear finite element analysis. 
The elastic part of the strain gives the stresses, while there are a number 
of inelastic strain components that can be accounted for. The 
decomposition is expressed in terms of strain rates as follows: 
e p vp c th tp
ij ij ij ij ij ij ijε ε ε ε ε ε ε= + + + + +        [2.1] 
Where ijε  is the total strain rate, 
e
ijε  is the elastic strain rate, 
p
ijε  is the 
plastic strain rate due to rate-independent plasticity, vpijε  is the viscoplastic 
strain rate, cijε  is the creep strain rate, 
th
ijε  is the thermal strain rate 
consisting of thermal expansion and volumetric changes due to phase 
transformations and tpijε  is the transformation plasticity strain rate. Each 
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of these components is activated and entered in the equation if the 
phenomenon it represents is described by the material model. 
The material has a high temperature during a relatively short time 
period of the weld thermal cycle and therefore the accumulated rate-
dependent plasticity is often neglected. This has been stated clearly by 
Ueda et al [1976] and more recently by Alberg and Berglund [2003] and 
Berglund et al [2003]. They all included rate-dependent plasticity only for 
the stress relief phase and Berglund et al [2003] found that the viscous 
effects could be ignored during the welding process and that they were 
only important to consider during the holding phase of subsequent stress 
relief treatment. However, as mentioned above, most papers use the 
common rate-independent plasticity model based on the von Mises yield 
criterion [Song et al 2003]. 
The material near and in the weld is subjected to reversed plastic 
yielding during the cooling phase. Thus, the use of kinematic hardening, 
isotropic or combined hardening modeling is required. Bammann and 
Ortega [1993] investigated the effect of assuming isotropic and kinematic 
hardening. They discovered that the choice of hardening influences the 
residual stresses significantly in the weld metal, but further away the 
different models gave identical results. However, most researchers over 
the years seem to prefer the kinematic hardening model, like Papazoglou 
and Masubuchi [1982], Michaleris and DeBriccari [1997] and Tsikras et al 
[2003], while Brickstad and Josefson [1998] consider the kinematic 
hardening to be the best model that can simulate the reverse plasticity 
and the Bauschinger effect, which is expected to occur during welding. 
However, the problem is not a shortage of models, but the lack of high 
temperature data. This is a problem even for the simplest plasticity 
models and even more for complex problems. The lack of data at high 
temperatures plagues mostly the investigations regarding steel alloys, 
since their melting temperature is quite higher than that of the aluminum 
alloys, for example. Regarding the aluminum alloys, investigations have 
shown that the use of constant material properties does not influence the 
numerical results of the analysis [Cañas et al 1994]. Similarly, Zhu and 
Chao [2002] investigated three scenarios, attributing to the material 
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model of the aluminum alloy temperature dependent properties, 
properties in ambient temperature and mean property values of the whole 
temperature range, showing little or no effect at all in their numerical 
results and in comparison to their experimental measurements.  
2.2.1.2 Microstructure Dependency 
The material behavior does not only depend on its current temperature 
but also on its current microstructure. It is assumed that the thermal 
driving forces usually cause the microstructure evolution and the material 
behavior depends on the current temperature and the thermal history. 
There are three possible approaches to handle this [Lindgren 2006]: 
• Ignore microstructure changes. 
• Account for them in a simplified manner. 
• Perform a TMM (Thermo-Metallurgical-Mechanical) analysis. 
The first approach is very common for copper and stainless steels, 
where phase changes can be ignored. More specific, in austenitic stainless 
steels, a small fraction of high temperature ferrite might form upon 
cooling but its effect on the thermo-mechanical response due to welding 
is negligible. However, phase changes have been ignored even when 
welding of ferritic steels is investigated by means of thermo-mechanical 
analysis. Deng et al [2007] conducted 3D FE analysis for fillet welds of 
shipbuilding mild steel SM400A excluding the strain due to volumetric 
change and transformation plasticity, caused by phase transformation. 
Similarly, Teng et al [2001] did not include in their modeling, regarding 
the SAE1020 carbon steel, any phase transformation effects, although it 
was needed based on its carbon content. The necessity of incorporating 
phase transformation effects in the analysis, based on the carbon content 
was investigated by Deng [2009]. He concluded that the effect of solid-
state phase transformations must be considered when the mechanical 
effects of medium-carbon steel welding process are calculated by means 
of numerical simulation, albeit in the case of low-carbon steels phase 
transformation effects can be excluded.  
The second approach usually includes only the influence of the phase 
changes on thermal dilatation and yield limit. This was the case in the 
investigation of Taljat et al [1998] of the numerical simulation of the 
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GTAW process, considering phase transformation effects. Upon cooling, all 
elements that would undergo austenite to martensite transformation were 
attributed the properties of martensite.  
2.2.1.3 Thermo-Metallurgical-Mechanical (TMM) Analysis 
The TMM-approach requires a model for the microstructure evolution and 
a model for mixing the material properties of each phase. The phase 
transformation reaction of welded material during the TMM process is 
determined by evolution laws for phase fractions, hardening parameters, 
constitutive equations for thermo-elasticity, classical plasticity and 
transformation-induced plasticity. These equations show the influence of 
stress, strain and temperature on kinetics of phase transformation and 
reversely the effect of multi-phase material composition on material 
reaction under combined thermo-mechanical loading.  
A difficulty encountered when formulating the incremental TMM 
problem is that the existing equations describing the evolution of solid 
phases in metallurgy are given in the form of algebraic equations, while 
the evolution equations for incremental numerical analysis should be 
given in the form of ordinary differential equations (ODEs) that are more 
suitable for a step-by-step solution method. Thus the basic postulates and 
notions for various phase transformation laws are studied and their final 
forms of ordinary differential equations, called evolution equations, are 
derived. These equations show the relation between a phase fraction and 
rates of quantities controlling phase transformation expressed in terms of 
constitutive variables and time [Ronda & Oliver 2000]. 
All evolution laws (Fig. 2.7) are derived from the basic assumption of 
the proportionality of a “daughter” phase increment to the decrement of a 
transformation “driving force”. Zhao et al [2006] conducted a review on 
evolution laws, listing numerous equations and models that can be used 
in TMM modeling. However, the two most widely used evolution laws are 
the following: 
 The Johnson-Mehl-Avrami (JMA) law [Johnson & Mehl 1939; 
Avrami 1939; 1940; 1941], for diffusional transformations. 
 The Koistinen-Marburger (KM) law [Koistinen & Marburger 1959] 
for diffusionless transformation modified by stress and pressure. 




Figure 2.7 Phase transformations and evolution laws in steels [Ronda & Oliver 2000]. 
The JMA law is employed in order to describe the transformation of 
austenite to bainite or ferrite and perlite, while the KM law is used 
exclusively to model the transformation of austenite to martensite. For 
the JMA law the reverse process, namely the transformation of ferrite and 
perlite to austenite upon heating, is not suggested, however some 
researchers use it [Elmer et al 2004]. This is due to the fact that the JMA 
law does not account for the austenite grain size (AGS) phenomenon. For 
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the heating process during welding the model of Leblond et al [1984] is 
preferred and employed [Hamide et al 2008]. 
The employment of evolution laws is determined by the material and 
the simplifications made during the analysis. The JMA law has been 
employed by Toyoda and Mochizuki [2004] and Deng and Murakawa 
[2008c] to calculate the fraction of bainite transformed from austenite. 
For Hamide et al [2008] the JMA law was utilized to compute the fraction 
of ferrite, perlite or bainite transformed from austenite. In all the above 
cases for the martensitic transformation the KM law was also employed, 
as well as in the investigations of Deng and Murakawa [2006a] for the 
multi-pass welding of a 9Cr-1Mo steel pipe and for the multi-pass double 
sided HSLA carbon steel welding by Lee and Chang [2009]. 
As noted in previous paragraphs, the solid-state transformations 
introduce into the strain rate equation (Eq. 2.1) the thermal expansion 
strain rate, including the volumetric changes, and the transformation 
plasticity strain rate. The later in known, as the transformation induced 
plasticity (TRIP) phenomenon. Transformation plasticity is the 
macroscopic effect of plastic yielding in a weaker phase, when a phase 
with higher yield strength is formed. Typically, transformation plasticity 
occurs when austenite forms to bainite or martensite, and from a 
microstructural point of view, two mechanisms are usually considered to 
explain TRIP: 
 The Magee mechanism [Fisher et al 2000] which corresponds to 
the formation of selected martensitic variants resulting from the 
applied stress, and 
 The Greenwood-Johnson mechanism [Fisher et al 2000] which 
corresponds to the micro-mechanical plastic strain arising in the 
parent phase from the expansion of the product phase. 
Many researchers have focused on these fundamental mechanisms, in 
order to incorporate them in their models. A complete review on the TRIP 
effect has been performed by Fisher et al [2000] and by Taleb and 
Sidoroff [2003], who focused mostly on the Greenwood-Johnson 
mechanism. In addition, Taleb and Petit [2006] investigated the 
interaction of the TRIP effect with classical plasticity.  
Chapter 2 – Computational Welding Mechanics 
23 
 
Many researchers used these mechanisms to model transformation 
plasticity as a deviatoric plastic component that is a function of applied 
stress and rate of phase changes. The most commonly used relation is 
based on the papers by Leblond et al [1986a; 1986b], who developed a 







































where tr Mγε →  is the transformation volumetric strain, 
tr
Mγγ → is transformation 
shear strain, y
γσ  and yσ
Μ  are the yield limits of austenite and martensite 
phases, and φ is a heuristic function. This additional plasticity term is only 
included during elastic processes, which is the case when the stress state 
is inside the macroscopic yield.  
However, Lee and Chang [2009] and Yaghi et al [2008] included the 
TRIP effect with a simplified and approximate approach, proposed by 
Karlsson and Josefson [1990]. It is assumed that transformation plasticity 
produces a mechanical effect on the stresses and strains equivalent to 
that induced when the yield stress of steel is reduced by a certain extent 
over the phase transformation temperature range. Based on this 
assumption, it has been reported by Karlsson [1989] and Karlsson and 
Josefson [1990] that reductions of 30 MPa in the value of yield stress can 
represent the mechanical effect of transformation plasticity.  
2.3 Heat Input Models 
The conservation of energy is the fundamental principle in thermal 
analysis. Hence, in heat transfer theory the primary concern is energy 
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and the incorporation of several phenomena during the heat transfer in 
welding procedures. These phenomena are presented in Figure 2.8. 
 
Figure 2.8 Important phenomena during heat transfer in welding [Goldak & Akhlaghi 2005]. 
As mentioned in previous sections, due to simplifications made for each 
analysis, some of the above phenomena are not included in the heat input 
model and during the thermal analysis. The primary goal of the heat input 
model is to accurately capture the complete thermal history of the 
welding procedure. This can be achieved with the implementation of the 
heat source model. In general, all weld heat source models, which are 
based solely in the heat equation, specify either the heat source Q , or 
choose a boundary of the domain near the weld pool and prescribe the 
temperature or the heat flux q in that boundary. Each of these models 
must be specified as functions of time and position, while one can choose 
various types of functions, such as Gaussians, polynomials, Fourier series, 
etc.  
Another important issue is to evaluate and utilize all the known data for 
the weld heat source. What we know about a weld heat source comes 
either from experimental observation [Binda et al 2004; Montalvo-Urquizo 
et al 2009] or from more detailed models of the welding process [Kazemi 
& Goldak 2009; Lu et al 2004; Lu et al 2006; Fassani & Trevisan 2003]. 
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In analytical modeling of the welding heat source the work of Nguyen et 
al [1999; 2004] stands out.  
Experimentally, currents, voltages, frequency, wire feed, welding 
speeds, etc. can be measured and determined. In addition, welded joints 
can be cross-sectioned and geometrically measured via optical 
observation. Various forms of video cameras, with laser illumination 
embedded, can be used for measuring the weld pool surface and 
recording droplet transfer into the weld pool, while thermocouples and 
infra-red cameras are employed to measure temperatures in and near the 
weld pool. The second source of knowledge comes from detailed 
mathematical models of the weld heat source. Such models include beside 
the energy equation, surface tension of the weld pool surface, hydrostatic 
forces, Lorentz and Maragoni forces in the weld pool, pressure and shear 
forces from the arc or plasma, and droplet transfer to the weld pool. 
Hence, all this data are utilized in order to construct an accurate heat 
source model for the welding process, in order to simulate the spatial 
temperature distribution of a welded joint.  
2.3.1 Heat Source Models 
The essential component, in order to simulate a welding procedure, would 
be the welding heat source, which is the cause of the whole process. The 
heat source, depending on the process, can be an arc or a high energy 
beam (Laser or Electron Beam Welding). In both cases, a large amount of 
energy is released and focused on the area to be welded, resulting to the 
melting in the materials and their homogenous joining upon cooling. One 
of the major characteristics of the heat source is its motion through time 
and space.  
The basic theory of heat flow that was developed by Fourier and 
applied to moving heat sources by Rosenthal and Rykalin in the late 
1930s is still the most popular analytical method for calculating the 
thermal history of welds [Goldak & Akhlaghi 2005]. However, many 
researchers have shown that Rosenthal’s point or line source may work 
well for regions away from the weld, but they exhibits serious errors in 
the fusion zone (FZ) and the heat affected zone (HAZ), since the arc 
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cannot be considered as a point or line source [Lindgren 2006]. In 
addition, Rosenthal’s point or line heat source models assume that the 
flux and temperature are infinite at the source. To overcome these 
limitations and difficulties several researcher employed the FE method to 
analyze the heat flow in welding. 
2.3.1.1 Gaussian Heat Source Model 
One of the first suggestions, that the heat source should be distributed 
was made by Pavelic et al [1969]. They proposed a Gaussian distribution 
of heat flux deposited on the surface of the workpiece (Fig. 2.9a).  
 
Figure 2.9 a) Gaussian heat source model on the surface of the workpiece and b) Gaussian heat source travelling along the weld line [Radaj 1992]. 
This distribution is known as the Pavelic’s “disc”, because of the circular 
form of the surface distribution. Many researchers followed this form of 
heat source distribution combining it with finite element analysis and 
achieving significantly better temperature distributions in the fusion and 
heat affected zones, than those computed using Rosenthal’s model.  
In this model the thermal flux has a Gaussian, or normal, distribution in 
the plane, described by the following equation: 
( ) ( ) 20 krq r q e−=  [2.5] 
where q(r) (W/m2), is the surface flux at radius r (m) and q(0) (W/m2), 
the maximum flux at the center of the heat source. The parameter k (m-2) 
is the distribution width coefficient, which defines the heat source 
(a) (b) 
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concentration, namely the width of the Gaussian distribution curve (Fig. 
2.10), while r (m) designates the radial distance from the center of the 
heat source. It is known that the Gaussian distribution runs towards zero 
only at infinity. Thus, it was important to establish an agreement, 
regarding which small values of the Gaussian distribution can be regarded 
as negligible. The minimum value that sets the surface heat source 
distribution boundary is considered to be the 5% of the maximum value, 
thus qmin = 0.05 x qmax [Radaj 1992]. 
 
Figure 2.10 Gaussian distributions for various k parameters [Radaj 1992]. 
Friedman [1975] and Krutz and Segerling [1978] suggested an alternative 
form for Pavelic’s “disc”. They have expressed the heat source model in a 
coordinate system that moves with the heat source (Fig. 2.9b & Fig. 2.11) 
travelling along the weld line and described by the following equation: 
( ) 2 2 2 23 32




− −=  [2.6] 
where Q (W) is the energy input rate and c (m) denotes the characteristic 
radius of the heat flux distribution. For the application of the above model 
it is convenient to introduce a Cartesian (x,y,z) coordinate system fixed 
on the workpiece. In addition, a lag factor, τ, is needed to define the 
position of the source at time t = 0. The transformation relating the fixed 
(x,y,z) and the moving coordinating system (x,y,ξ) is: 
( )z v tξ τ= + −  [2.7] 
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where v (m/s) is the welding speed. Hence, in the (x,y,z) coordinate 
system Equation 2.6 takes the following form: 
( ) ( )
2 22 2 33 2 2 2
2




− + − −  = + <  [2.8] 




Figure 2.11 Coordinate system used for FEM analysis of disc model proposed by Krutz and Segerling [Goldak & Akhlaghi 2005]. 
2.3.1.2 Hemi-spherical and Ellipsoidal Heat Source Model 
Although the “disc” model, namely the Gaussian heat source distribution, 
is still in use by many researchers, the need for a flexible model that 
would be able to simulate not just the surface heat flux but the volumetric 
flux as well exists. The scope is to capture the digging action of the arc 
that transports heat well below the surface of the weld pool, mostly in the 
case of high power sources, such as electron beam and laser welding. In 
such cases, a hemi-spherical Gaussian distribution of power density 
(W/m3) would be a step toward a more realistic model. The development 
of Equation 2.6 from surface to volumetric heat source can be written in 
the following form: 
2 2 2 2 2 23 3 3
3




− − −=  [2.10] 
Although a hemi-spherical heat source is expected to model an arc 
weld better than a disc source, it too has limitations. The molten pool in 
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many cases is far from spherical and a hemi-spherical heat source is not 
appropriate for welds that are not spherically symmetric such as a strip 
electrode, deep penetration electron beam or laser beam welds. This has 
lead to the use of the preferable ellipsoidal power density distribution.  
The Gaussian distribution of the power density in an ellipsoid with 
center at (0, 0, 0) and semi-axes a, b, c parallel to coordinate axes x, y, ξ 
can be written as: 
( ) 2 2 2, , (0) Ax By Cq x y q e e e ξξ − − −=  [2.11] 
where q(0) is the maximum value of the power density at the center of 
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ξ ξ− − −= ∫ ∫ ∫  [2.12] 




=  [2.13] 
To evaluate the constants A, B, C, the semi-axes of the ellipsoid a, b, c 
in the directions x, y, ξ are defined such that the power density falls to 
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 [2.14] 
Substituting A, B, C from Equation 2.14 and q(0) from Equation 2.13 
into Equation 2.12, the expression of the ellipsoid heat source model 
derives: 




− − −=  [2.15] 
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The coordinate transformation (Eq. 2.7) can be substituted into 
Equation 2.15 to provide an expression for the ellipsoid in the fixed 
coordinate system. Thus: 




− + − − −  =  [2.16] 
The advantage of the ellipsoid heat source model is that it provides the 
heat flow distribution in the z direction. If the heat flow in the z direction 
is neglected, an analysis can be performed on the x-y plane at z = 0, 
which is similar to the “disc” source model.  
2.3.1.3 Double Ellipsoidal Heat Source Model 
It has been observed by many researchers, who worked on analytical 
models of welding heat sources that, while the heat source moves, the 
thermal gradients are different in front and in the back of the source. This 
is due to the welding speed and the heat flux, especially in the arc 
welding processes, which are considered to be medium-power sources 
and the welding speeds are necessarily low. To overcome this, Goldak et 
al (1984) proposed a new heat source model, in which two ellipsoidal 
sources were combined, and is known as the “Double Ellipsoidal” heat 
source model (Fig. 2.12). 
  
Figure 2.12 The “Double Ellipsoidal” heat source model [Radaj 1992]. 
The double ellipsoidal heat source compromises on two different 
volumetric power sources of the same geometrical shapes but of 
dissimilar dimensions. The two different components of the model define 
the front and the rear of the heat source, respectively. The mathematical 
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equation that describes the front of the heat source models its steep 
shape resulting from the movement of the heat source. Meanwhile the 
equation that describes the rear of the heat source is adapted to the 
smooth gradients of the heat flux. In conclusion, two different semi-
ellipsoids are combined to give the heat source, while the heat flux within 
each ellipsoid is described by Equations 2.17 and 2.18. For a point (x, y, 
z) within the first semi-ellipsoid located in the front of the welding arc, the 
heat flux equation can be written as follows: 
22 2 33 36 3( , , ) hfh h z cf x a y b
h h hf
r Q
Q x y z e e e
a b c π π
−− −=  [2.17] 
while, for a point located in the second semi-ellipsoid, covering the rear 
section of the arc, the heat flux is described as: 
2 2 23 3 36 3( , , ) h h hrf x a y b z c
h h hr
r Q
Q x y z e e e
a b c π π
− − −=  [2.18] 
 
Figure 2.13 Geometric parameters of Goldak’s double ellipsoidal heat source model [Nguyen 1999; 2004]. 
where ah, bh, chf and chb are the ellipsoidal heat source geometric 
parameters, shown in Figure 2.13, Q is the arc heat input, which includes 
the factor of arc efficiency, η, in equation: Q V Iη= ⋅ ⋅ . The parameters rf 
and rb are proportion coefficients representing heat apportionment in front 
and back of the heat source, respectively, where rf + rb = 2. It is of great 
importance to note that, due to the condition of continuity of the overall 
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volumetric heat source, the values of Q(x, y, z) given by Equations 2.17 
and 2.18 must be equal at the x = 0 plane. From this condition, another 
constraint is obtained for rf and rb, namely that rf/chf = rb/chb. 





f hf hf hb
b hb hf hb
r c c c




However, the double ellipsoidal heat source is described by five 
unknown parameters, which are the arc efficiency η and the geometric 
parameters ah, bh, chf and chb. The arc efficiency (Fig. 2.14) varies from 
0.65 to 0.90, depending on the welding processes used, while the 
geometric parameters can be derived by an experimental bead-on-plate 
procedure.  
 
Figure 2.14 Arc efficiencies in various arc processes [Papazoglou 1994]. 
Goldak and Akhlaghi [2005] suggest that after the experimental 
deposition of a welding bead on the base metal, measurements of the 
weld pool geometry can be used directly as an input to the parameters of 
the double ellipsoidal model. Radaj [1992], accounting possible 
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measurement errors and an overestimation of the weld pool shape, 
suggests that the geometric parameters of the model should be taken 
10% more than those measured. 
2.3.2 Employment of Heat Source Models 
The heat source models presented in the previous paragraph have 
become over the last years important tools for all researchers, in order to 
simulate the welding procedures. The exact equations, or similar 
variations, are implemented in various commercial finite element codes, 
such as ANSYS®, ABAQUS®, MSC.MARC® or SYSWELD® defining the heat 
input models. The basis of almost all heat source models is the “double 
ellipsoidal” heat source model by Goldak et al [1984], as mentioned 
previously, which is preferred when it comes to arc welding simulations. 
However, for high energy heat sources, such as laser (LBW) or electron 
beam welding, plasma arc welding (PAW) and gas tungsten arc welding 
(GTAW), the basic heat source model preferred is the Gaussian heat 
source distribution.  
2.3.2.1 Application of the Gaussian Heat Source Distribution 
The preferential employment of the Gaussian heat source model in high 
energy heat sources is based on the high power distribution existing at 
the center of the heat source. In addition, the phenomenon of smoother 
and steeper gradients in the back and front, respectively, of the heat 
source does not exist in this kind of heat sources. Thus, the Goldak heat 
source model is not common in this type of simulations. GuoMing et al 
[2007] chose the Gaussian heat source distribution to dynamically 
simulate the temperature field of AISI 304 stainless steel laser welding, 
acquiring satisfactory results. Spina et al [2007] performed a thermo-
mechanical analysis of LBW of aluminum sheets using the Gaussian 
model, after calibrating its distribution. The calibration was achieved 
firstly with the weld pool shape, in comparison with metallographic 
measurements, and secondly with the measured, by thermo-couples, 
thermal cycles of the entire welding process. 
The weld pool shape in high energy welding process is known with the 
term “keyhole” (Fig. 2.15). The formation of the particular shape is based 
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on the high energy power source, which penetrates the material in depth. 
On the material surface the beam (LBW or EBW) or the arc (PAW or 
GTAW) contribute to the heat transfer procedure; thus, producing a wider 
weld metal profile near the top surface. 
 
Figure 2.15 Keyhole weld shape in PAW [Kou 2003]. 
Based on that weld pool geometry, many investigators have extended the 
Gaussian model in the depth direction. A complete numerical investigation 
to obtain the desired weld pool “keyhole” geometry, in LBW of AISI 304 
stainless steel, was conducted by Kazemi and Goldak [2009]. They 
captured the basic geometrical features with their modified heat source 
model. Tsikras et al [2003] conducted numerical simulation of the LBW of 
AH36 shipbuilding steel considering a Gaussian, cone-shaped in depth, 
heat source, in order to acquire a sound weld profile. In a similar way, 
Lambeas [2008] constructed a local three-dimensional numerical model 
for the LBW of aluminum components. Additionally to this investigation, 
Moraitis and Labeas [2008; 2009] implemented their local Gaussian heat 
source models, describing the “keyhole”, in their global thermo-
mechanical analyses for aluminum LBW process.  
The Gaussian heat source model was used by Wu and Sun [2002], who 
conducted a numerical analysis of the temperature field during double-
sided arc welding (DSAW) process of thick materials. On the top surface a 
plasma arc was employed, while on the bottom surface the GTAW process 
was used. Considering the submerged arc welding (SAW) as a high 
energy welding process, due to its high efficiency, Mahapatra et al [2006] 
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studied the effects of SAW parameters via three-dimensional FE applying 
the Gaussian heat source model.  
2.3.2.2 Application of the Double Ellipsoidal Heat Source 
However, as mentioned previously, the most common heat source model 
is the double ellipsoidal. Various investigations of the welding process 
have been conducted with the employment of Goldak’s model. Wahab et 
al [1998] performed FE analyses with two- and three-dimensional models, 
implementing the double ellipsoidal heat source, in order to predict the 
thermal cycles and weld pool geometry of gas metal arc welding (GMAW). 
Regarding the GMAW process, Gery et al [2005] investigated the 
influence of Goldak’s heat source parameters, such as welding speed, 
energy input and geometry, in the temperature field of thin butt-welded 
HSLA plates. In continuance to Gery’s work, Long et al [2009] used the 
same models to predict the distortion due to welding. The distortion and 
residual stress field, in a carbon steel butt-joint, were also investigated by 
Deng [2009], who used the double ellipsoidal heat source model in his 
thermal analysis.  
The application of Goldak’s model can also be found in variations of the 
GMAW process, such as the “Twin Wire” welding [Meng et al 2005], where 
a double arc is used to feed the wire electrode in the weld pool. In 
addition, the simultaneous existence of two heat sources in the analysis 
due to double-sided arc welding has been investigated by Zhang et al 
[2008]. This primary investigation included Goldak’s model for both GTAW 
torches moving simultaneously on the upper and lower surface of the 
plate. Zhang et al [2009] extended their investigation for the double-
sided GTAW multi-pass of a HSLA steel joint, employing the same model 
in their thermo-mechanical analysis. Regarding the multi-pass welding 
process, the application of the double ellipsoidal is not uncommon. Multi-
pass welding can usually be found in pipe welding, such as in the work of 
Duranton et al [2004] who investigated the multi-pass welding of an AISI 
316L stainless steel pipe. Similarly, Deng and Murakawa [2006b] 
conducted two- and three-dimensional simulations of an AISI 304 
stainless steel pipe multi-pass welding, employing on each pass Goldak’s 
model. Malik et al [2008] investigated the residual stress field of 
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circumferentially multi-pass GTA welded cylinders utilizing the double 
ellipsoidal model in their thermal analysis.  
The geometry of the joint was not an issue for Schenk et al [2009], 
who employed the double ellipsoidal heat source model in their analysis 
for lap- and fillet-welds, investigating the influence of clamping during the 
welding process. Murugan and Narayanan [2009] incorporated the double 
ellipsoidal model in their analysis of a fillet-joint, in order to determine the 
residual stresses resulting from the welding process. The fillet-joint 
geometry is not a constraint for Goldak’s model. Rotating the heat source 
model around the axis, which is parallel to the weld line, the surface of 
the actual weld bead can be matched with the surface of the volumetric 
heat source model.  
2.3.2.3 Application of Adaptive Heat Source Models 
There have been cases in which the investigators used their own 
variations of the most frequently used heat source models, or even 
applied a combination of more than one heat source distributions in the 
same analysis, in order to accurately capture the weld pool shape and the 
temperature distribution. A combination of the double ellipsoidal and the 
Gaussian distribution can be found in the work of Zeng et al [2009]. They 
applied a combination of both heat source models applying the Gaussian 
distribution as surface flux and the double ellipsoidal as volumetric flux on 
a fillet weld and introduced, in the equation of both models, fraction 
parameters, in order to vary the influence of each heat source model on 
the combined heat source model. The variation of the fraction parameters' 
values lead to important conclusions regarding the dimensions of the weld 
pool and penetration. 
The laser beam welding process of aluminum was investigated by Zain-
ul-Abdeai et al [2009] in order to predict the resulting distortions and 
residual stresses. In LBW the laser beam penetrates the plate creating the 
capillary-shaped keyhole to a required depth, while the impingement zone 
experiences material evaporation and a comparatively wider fusion zone 
appears. In order to capture the above phenomenon, as mentioned 
earlier, they used a cone-shaped volumetric heat source with Gaussian 
distribution and an upper hollow sphere.  
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An investigation of great interest is the one presented by Wu et al 
[2009], who constructed an adaptive heat source model for FE analysis of 
keyhole plasma arc welding. Firstly, they employed the Gaussian and the 
double ellipsoidal heat source models separately, in order to verify their 
limited capacity to form the keyhole weld pool shape. Finally, they 
proposed the adaptive heat source model, which consisted of a double 
ellipsoidal volumetric heat source at the upper part of the workpiece and 
a cylindrical volumetric heat source at the lower part of the workpiece. 
2.3.2.4 Application of simplified Heat Source Models 
However, more simplified approaches are used by many researchers 
aimed at avoiding the implementation of various heat source models. The 
adoption of a combined simplified heat source is frequently used by many 
investigators. This combination is based on the simultaneous employment 
of a volumetric and a surface heat flux, usually with Gaussian distribution, 
and it has been originally proposed by Goldak et al [1986]. The 
application of this simplified model refers usually to welding processes, 
where filler metal is added in the weld pool. The volumetric heat flux 
simulates the heat provided by the filler metal droplets and the surface 
heat flux simulates the heat provided by the welding arc. The 
employment of this simplified heat source model can be found in the work 
of Deng and Murakawa [2006a] for the prediction of residual stresses in a 
multi-pass butt-welded pipe. In addition, they investigated the proportion 
of the volumetric and surface heat fluxes to the total amount of the heat 
input and concluded that the heat of the welding arc, namely the surface 
flux is assumed to be 40% of the total heat input and the heat of the 
molten metal droplets, namely the volumetric heat flux, is the remaining 
60%. Acquiring good results from their investigation, Deng et al [2007a] 
used the same heat source model with a Gaussian surface heat flux and a 
volumetric heat flux for the investigation of fillet welds.  
The adoption of the same model can be found in the work of Sattari-Far 
and Farahani [2009] in multi-pass pipe welding. Similarly, Lee and Chang 
[2008; 2009] investigated the residual stresses in welded steel pipes and 
the butt-welding of HSLA steels considering phase transformation effects. 
Wu et al [2007] incorporated the same model in their analysis for double-
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electrode GMAW, changing the ratio of impact from the arc and the 
molten droplets. The double-electrode process consisted of GTAW and 
GMAW torches traveling together along the weld line. Thus the arc heat 
input was significantly higher than the heat input by the molten droplets 
flowing solely from the GMAW torch. Hence, the Gaussian surface heat 
flux was 60% of the total heat input and the volumetric heat flux the 
remaining 40%. The proportion of surface and volumetric heat flux was 
also studied by Akbari Mousavi and Miresmaeili [2008], who investigated 
the residual stresses in the GTAW process for AISI 304L stainless steel. 
They considered that the volumetric heat flux attributed considerable 
higher energy than the surface heat flux, changing the proportions to 
80% for the molten droplets and 20% for the arc.  
In a recent research, Barsoum [2008] presented a combined heat 
source model with three heat flux components. Apart from the volumetric 
and surface heat fluxes, he denoted the existence of a heat flux from the 
filler metal deposition resulting from the prescribed preheating 
temperature, namely the melting temperature of the material. The three-
component heat source model was applied in more recent investigations 
[Barsoum & Barsoum 2009; Barsoum & Lundbäck 2009], in which the 
surface heat flux was not included.  
The exclusion of the surface heat flux is common for multi-pass welding 
analyses, due to the element geometry of the geometrical meshed model. 
Elements that represent subsequent passes are obstacles to the 
implementation of surface loads on early passes. In such cases a simple 
volumetric load is used. In their work, Brickstad and Josefson [1998] 
conducted a parametric study in multi-pass welding of stainless steel 
pipes, implementing a simple volumetric heat source model to simulate 
the heat input resulting from each welding pass. Considering the fact that 
Brickstad and Josefson [1998] simulated welded joints up to forty passes, 
the simplified model was found very convenient. Similarly, Deng et al 
[2008] and Deng and Murakawa [2008c] simulated fourteen passes of 
butt-welded stainless steel pipes, considering a simple volumetric heat 
source model. The solely volumetric model was also employed by 
Kyriakongonas and Papazoglou [2009a] in their investigation of multi-
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pass welding of austenitic stainless steel plates. In their three-
dimensional transient analysis the compartmentalization of each weld 
pass in smaller volumes, allowed the time-stepped application of the 
volumetric flux at each volume separately, thus, simulating the moving 
heat source of the welding arc.  
Ogawa et al [2009] used the same technique for their three-
dimensional analysis, which required a lot of computational time, since it 
consisted of sixteen weld passes of a J-groove joint. Kiyoshima et al 
[2009], continuing the same investigation, modified the volumetric heat 
source model to save a lot of computational time. They implemented a 
technique called the “variable heat source length”, which aims at reducing 
the time steps required for the intermediate weld passes. According to 
this technique, while the few first and last passes are compartmentalized 
in small volumes, hence many time steps, the middle passes are divided 
in larger volumes requiring four or even two time steps to be employed. 
It is evident that numerous customized methods for the heat source 
model can be found. Cho et al [2004] imposed for each weld pass of their 
two-dimensional analysis a ramped increment of the temperature for a 
short time period, while Yaghi et al [2008] applied a distributed heat flux, 
for each of their fifty-pass weld, as a triangular function of heat per unit 
volume against time. Zaeem et al [2007] modeled the arc power and its 
movement, for a two-pass fillet joint, by assuming that the welded region 
is an isothermal melted pool, which has a constant temperature and its 
location discretely changes with respect to time.  
2.4 Multi-pass Welding 
Simulation of multi-pass welding can be time consuming and requires a 
lot of work and effort during the construction of the model. There are two 
major additional aspects in these simulations when compared to 
simulations of single-pass welding. First, the decision of the level of 
accuracy during the simulation of each weld pass, namely weather any 
simplifications should be made or not, and second, the ability to simulate 
the addition of filler metal. 
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Each successive weld alters the stresses and distortion caused by 
previous passes. The effects of multi-pass welding, while being 
cumulative, are not, precisely, additive. Analyzing multi-pass welds as a 
series of single-pass welds is certainly more rigorous, albeit a costly 
process. There are several ways to reduce the computational cost in a 
multi-pass welding analysis, such as lumping successive passes together 
or considering all passes as one and performing the mechanical analyses 
faster. Another approach is to merge weld passes into groups, thus 
reducing the overall number of weld passes. However, a loss of accuracy 
is expected when such simplifications are made, due to the fact that the 
stress field from one pass may contribute to the stress history of 
subsequent passes. An extended report can be found in Lindgren et al 
[1999] and Lindgren [2001a]. 
2.4.1 Filler Metal Addition 
As mentioned earlier, application of the finite element method to multi-
pass welding requires special procedures for the addition of filler metal. 
Lindgren et al [1999] distinguish two basic approaches for the simulation 
of filler metal addition. Either a model is generated where all welds are 
included or the model is extended at each weld pass. It must be noted 
that the extension of the model does not account for the geometrical 
features and the mesh, but for the elements that take part in the 
calculations during the analysis. 
2.4.1.1 Quiet Element Approach 
The first approach for modeling the filler metal addition is known as “quite 
elements” technique, in which elements of the weld passes, not laid yet, 
are included in the computational model. These elements are made 
passive by attributing them material properties so that they do not affect 
the rest of the model. They are given low thermal conductivity and low 
stiffness for the thermal and mechanical analysis, respectively. However, 
these values cannot be decreased too much, as this will generate ill-
conditioned matrices [Lindgren et al 1999]. In order to find these values 
some trial simulations may be required. When a weld pass commences in 
the analysis, the elements belonging to that particular pass are given 
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normal material properties. At that time it is important to remove all 
strains and stresses that have possibly accumulated in these elements up 
to this point. The approach has two advantages. The method is applicable 
to almost all finite element codes and it allows the nodes in the interior of 
the passive elements to move with the structure. 
However, this technique has to be integrated manually in the finite 
element codes and is considered rather obsolete, since many finite 
element codes include modules that can simulate the filler metal addition. 
The quite element approach was employed by Lindgren et al [1999] and 
Lindgren and Hedblom [2001] who noted its advantages. In their work 
Zhang et al [2000] investigated multi-pass weld residual stresses using 
the FE code ABAQUS®. They simulated the effects of sequential metal 
deposition associated with multiple passes by assigning a negligible 
stiffness to the filler elements that were not yet deposited, thus ensuring 
that these elements would not affect any deformation mechanism, though 
they were present in the analysis. Berglund et al [2003] also used the 
quite element approach in their simulation attributing to the elements of 
the filler metal a low yield limit and zero thermal dilatation. Once those 
elements reached the melting temperature, they were updated with 
normal material properties. The quite element approach can be found also 
in the work of Schenk et al [2009], who investigated the influence of 
clamping on welding distortion in Lap- and T-joints employing the FE code 
ABAQUS®.  
2.4.1.2 Activation/Deactivation of Elements – “Birth and Death” 
The activation and deactivation of elements is mostly known as the “birth 
and death” of elements. The term birth and death does not imply the 
creation or deletion of elements in the model during an analysis. All 
elements are created in the original geometry of the model and are 
deactivated or reactivated upon request in the FE code. The deactivation 
of elements is namely the multiplication of their matrices with a low 
stiffness coefficient, in order to exclude them from any computations 
during the analysis. The birth of elements, namely their activation, is 
accomplished by removing this coefficient.  
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Many FE codes have incorporated the approach of “birth and death” as 
a tool in their environment, such as ANSYS®, ABAQUS®, MscMARC®, 
SYSWELD® and other. However, the most frequently used FE codes are 
ANSYS® and ABAQUS®. The ANSYS® code and the “birth and death” tool 
have been used in a number of cases. Chang and Teng [2004] 
investigated the residual stresses of a three-pass GTA butt-weld of A36 
steel, while Cho et al [2004] simulated eleven passes in a steel butt-
welding and a post weld heat treatment procedure. Sattari-Far and Javadi 
[2008] investigated, using ANSYS®, the influence of welding sequence on 
welding distortions in pipes. The tool of “birth and death” was crucial for 
their work, since the influence of the weld’s segments, if not being 
deactivated, would alter the results. In addition, Sattari-Far and Farahani 
[2009] focused their work on pipe welding and utilized the ANSYS® FE 
code to study the influence of the weld groove shape in a three-pass pipe 
weld, while in a similar manner Akbari and Sattari-Far [2009] studied the 
effect of heat input in dissimilar three-pass pipe welding. Malik et al 
[2008] and Dar et al [2009] investigated also the residual stresses and 
distortions resulting from low-carbon pipe welding, utilizing the “birth and 
death” in the ANSYS® code. In both cases, to ensure that no ill-
conditioned matrix would arise, all nodes of the deactivated elements 
were also constrained at ambient temperature.  
The effect of the weld groove shape, and more precisely the original 
bevel angle of the groove, on the residual stress distribution in a three-
pass 304L stainless steel butt-weld was investigated by Akbari Mousavi 
and Miresmaeili [2008] using the ANSYS® code. Their numerical results 
were compared with experimental measurements and, as in the case of 
Sattari-Far and Javadi [2008], the “birth and death” tool contributed to a 
realistic simulation of the absence of subsequent weld passes. In all of 
their works Barsoum [2008], Barsoum and Barsoum [2009] and Barsoum 
and Lundbäck [2009] used ANSYS® and the “birth and death” tool, 
weather they investigated fillet or butt welds and the residual stresses 
resulting from welding. 
The work of Guirao et al [2009] is of great interest due to the fact that 
they used a new methodology to predict the residual stresses and 
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distortion in a large welded structure, consisting of several welding 
processes. The GMAW process was employed to all welds and the material 
used was either AISI 316L or 316L(N) austenitic stainless steel, hence the 
utilization of the “birth and death” tool was mandatory. Capriccioli and 
Frosi [2009] studied the extended use of ANSYS® in welding simulations 
and published a detailed work on how to perform a three-dimensional FE 
analysis for welding processes. In their review and simulation examples of 
LBW and GTAW the tool of “birth and death” was denoted as crucial when 
filler metal is added in a multi-pass weld.  
As mentioned previously, many researchers have used the ABAQUS® 
FE code, in which the module of “Birth and Death” is available. In their 
parametric study in multi-pass butt-welded stainless steel pipes, Brickstad 
and Josefson [1998] conducted two-dimensional simulations up to forty 
weld passes, using the activation-deactivation technique. Deng and 
Murakawa [2006a; 2006b; 2008b] and Deng et al [2007a; 2008] used 
ABAQUS® and “birth and death” in all their multi-pass welding numerical 
simulations, whether performing two- or three-dimensional analyses. For 
their fifty-pass steel pipe two-dimensional simulation Yaghi et al [2008] 
used also the ABAQUS® FE code and “birth and death”.  
Beside ANSYS® and ABAQUS® many other FE codes, as mentioned, 
provide the ability to use the activation-deactivation of elements. The FE 
code MscMARC® has named this tool “dead units” [Zhang et al 2009], 
mainly due to the fact that the filler metal is divided in units that will be 
added at each time step in the simulation analysis. Wu et al [2007] used 
the SYSWELD® FE code, which also provides the same simulation tool for 
the filler metal addition and Ogawa et al [2009] and Kiyoshima et al 
[2009] employed the activation-deactivation sequence for the filler metal 
in the QuickWelder® FE code.  
Although, the active and inactive element tool is mostly used and 
developed for multi-pass welding simulations where the subsequent weld 
passes must be neutralized until the moment they are laid as a weld 
bead, many researchers have used it in single-pass welding simulations. 
Teng et al [2001] investigated the residual stresses and distortions in 
single-pass fillet welds employing the “birth and death” technique in a 
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two-dimensional analysis. The fillet single-pass welding was investigated 
also by Zaeem et al [2007] who predicted the welding buckling distortion, 
performing a three-dimensional analysis and utilizing the activation-
deactivation of the filler metal elements. Mahapatra et al [2006] 
performed three-dimensional FE analysis in single-pass SAW to 
investigate the effects of process parameters in distortion and residual 
stresses. The large amount of filler material in the SAW process 
demanded the use of the “birth and death” in the FE analysis. Mollicone et 
al [2006] employed the “birth and death” technique in their two- and 
three-dimensional analyses in single-pass welding, in order to predict the 
distortion due to welding. Kyriakongonas and Papazoglou [2009b] 
investigated the residual stress field in a single-pass stainless steel weld, 
activating elements in the weld groove once the heat source model 
reached their coordinates. 
It can be concluded that the activation/deactivation of elements is 
widely used by many investigators. This can be attributed to the fact that 
many FE codes have integrated the specific tool, which can be easily 
applied in any analysis. However, some weaknesses of this tool exist with 
a small effect on its efficiency and accuracy to simulate the filler metal 
addition, but they are considered negligible mostly in the case of multi-
pass welding.  
2.5 Efficiency in Computational Time 
It is a fact that the exponential growth in computer performance has 
contributed much in computational welding mechanics. Several constrains 
due to lack of computational efficiency have been surpassed and three-
dimensional analysis of welds is no more considered a time-consuming 
process. However, even in three dimensional welding analyses, models 
must be constructed aiming at the reduction of computational time, 
especially in multi-pass welding.  
One of the major aspects of efficient numerical welding analysis is the 
mesh construction, since the more nodes and elements a model consists 
of the more computational time is demanded to solution. Several 
techniques have been developed, in order to constrain the number of 
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nodes and elements in the model that shall be discussed in subsequent 
paragraphs. 
 Another issue arises when it comes to the process of modeling large 
welded structures. The detailed thermo-mechanical analysis of each weld 
pass in a large structure can be extremely time-consuming. The sole 
analysis of each weld line of a structure and the merging of all weld lines 
in a final analysis has been proposed for this type of welding analyses. 
This technique is known as sub-structuring.  
2.5.1 Mesh Construction 
The construction of the mesh, namely the partitioning of the geometrical 
model in elements, is considered to be crucial for the accurate solution of 
the subsequent FE analysis. Fine mesh division of the geometrical model 
usually leads to more accurate results, but demands a large amount of 
computational time for the analysis to be completed. In contrast to the 
fine mesh, the coarse mesh division may allow the analysis to be solved 
quite faster, but the accuracy of the analysis results can be degraded. It 
is important to balance accuracy and computational time, in order to 
perform analyses that would yield accurate results in a reasonable time 
period. 
The exponential growth of the computer computational capacity is a 
major factor allowing the analysis of fine meshes to be solved much faster 
than they used to in the past decade. This has led many researchers to 
start three-dimensional analyses of welding processes, which require 
much more time than two-dimensional analyses to be completed. 
However, the main goal of compromising accuracy with efficiency still 
remains, thus several mesh construction strategies were developed in 
order to achieve it. 
2.5.1.1 Graded Mesh Construction 
In any kind of FE analysis it is important to construct a finer mesh in 
areas of great interest, in order to yield detailed and accurate results that 
would lead to crucial conclusions. In addition, a finer mesh is always 
needed where high gradients of stress or strain are expected, so that 
these phenomena can be captured by the model analysis. This is also the 
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case in FE welding simulations. In the weld and its adjacent area high 
temperatures and temperature gradients exist during the thermal 
analysis, while as the material cools down extreme stress fields and 
distortions are developed with metallurgical phase transformations, 
depending on the material.  
The mandatory construction of a fine mesh, in the above areas of 
interest, implies the increase in the number of elements and nodes for the 
model. The increased number of nodes can lead to long computational 
times. This is why the fine mesh must be deployed only in these areas of 
interest where high gradients and high thermal or stress loads exist. The 
graded mesh technique is based on that assumption. A fine mesh is 
constructed along the weld line and its adjacent area, while far from that 
area the mesh becomes gradually coarser.  
There are several ways to achieve a graded mesh Moraitis and Labeas 
[2009] for their local heat source mode and Lee and Chang [2008] for 
their pipe welding simulation used solid elements with smaller dimensions 
in the weld area, while far from the weld the dimensions of the elements, 
namely the elements length, were larger, as shown in Figure 2.16. 
 
Figure 2.16 Graded mesh resulting from element length growth a) from Moraitis and Labeas [2009], b) from Lee and Chang [2008]. 
Another similar method, in order to gradually increase the size of the 
elements far from the weld line, is to introduce to the three-dimensional 
mesh tetrahedral solid elements apart from hexahedral solid elements. 
The tetrahedral solid elements are used as connectors between 
hexahedral elements of different dimensions. This method has been used 
(a) (b) 
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by Kyriakongonas and Papazoglou [2009b] during their investigation of 
the residual stress field in single-pass butt-welded stainless steel (Fig. 
2.17a) and by Akbari and Sattari-Far [2009], who studied the effect of 
the heat input on the residual stresses in pipe welding (Fig. 2.1b). 
 
Figure 2.17 Insertion of tetrahedral solid elements in hexahedral solid elements mesh by a) Kyriakongonas and Papazoglou [2009b], and b) Akbari and Sattari-Far [2009]. 
The finite element code ABAQUS® has developed a tool that is mostly 
used in two-dimensional models. The specific tool allows the connection of 
tetragonal elements of different dimensions (Fig. 2.18), thus avoiding the 
insertion of triangular elements at the interface.  
 
Figure 2.18 Graded mesh in ABAQUS® with “tied nodes” [Taljat et al 1998]. 
Although it can be readily noted from Figure 2.18, that some nodes of the 
smaller elements are not connected to any nodes of the larger elements, 
(a) (b) 
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the FE code “ties” them with the whole mesh by interpolating their results 
from the adjacent nodes. This method has been used by Karalis et al 
[2009] and Taljat et al [1998], who “tied” nodes in two directions.  
Finally, all FE commercial codes have developed meshing tools, which 
can develop a free mesh in a three-dimensional model, using tetrahedral 
or hexahedral solid elements, based on the demands of each model. Such 
a free-mesh was constructed with the FE code MscMARC® by Barsoum 
and Lundbäck [2009] for a fillet weld simulation (Figure 2.19). 
 
Figure 2.19 Free-mesh constructions in fillet-weld [Barsoum & Lundbäck 2009].  
2.5.1.2 Adaptive/Dynamic Meshing 
Dynamic and adaptive meshing are methods, which concentrate elements 
to regions with large gradients. Thus, increased computational efficiency 
can be obtained without sacrificing accuracy. The difference between 
dynamic and adaptive meshing lies in the involvement of the user during 
the analysis [Lindgren 2006]. Dynamic meshing denotes a technique in 
which the user has prescribed the refinement and coarsening of the 
element mesh. In adaptive meshing a posteriori error estimations are 
employed in order to guide the refinement and coarsening of the mesh. 
Typically, with dynamic and adaptive meshing, a fine mesh region is 
moving along with the heat source during a thermal analysis. In a 
mechanical or metallurgical analysis the refined mesh moves with the 
heat source in dynamic meshing, while in adaptive meshing it follows the 
evolving stress fields and solid-state transformation.  
However, the creation of new meshes with refinement is some areas 
and coarsening in others changes the topology of the mesh. This means, 
that the number and locations of nodes and Gaussian integration points 
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change, too. In time dependent problems information associated with 
nodes and Gauss points must be transferred from the old mesh to the 
new one. If this is not done with some care it is quite possible that the 
transfer will introduce errors in the temperature, stress and plastic strain 
fields. The data transfer can change the total energy in the system, which 
can be translated to the thermal energy in the form of temperatures, 
elastic energy as stresses, or energy dissipated as plastic work. 
Obviously, this transfer from the old to the new mesh depends on 
whether there is coarsening or refining and if it is nodal or Gauss point 
data. 
Several investigations can be found where adaptive or dynamic 
remeshing technique is used in numerical simulations of welding. Lindgren 
et al [1997] conducted three-dimensional thermal analysis of the electron 
beam process for copper materials using a dynamic mesh. They used an 
in-house FE code, named SIMPLE®, and isoparametric grading 
hexahedron elements, developed by McDill et al [1987]. These solid 
hexahedron elements contain 26 nodes, which are located in the mid-
edges and mid-faces of the element (Fig. 2.20) allowing an element 
division into octants, while preserving shape regularity, during refinement 
of the mesh. 
 
Figure 2.20 Isoparametric grading hexahedron elements by McDill et al [1987]. 
The data transfer during refinement was achieved by interpolation for 
both nodal and Gaussian point data, while during coarsening they have 
decided to use a least-square method based on a local domain for nodal 
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data and interpolation for Gauss point data. This was justified by the fact 
that the coarsening procedure is more complex as the coarser mesh can 
only approximately represent the old, finer mesh. A simple geometric 
measure was used as the criterion for the refinement/coarsening to drive 
the adaptive mesh and track the heat source, since the analysis was only 
thermal. Comparison was made with a three-dimensional model without 
adaptive mesh and showed that a 60% reduction of the computational 
time was achieved with the adaptive meshing technique.  
The previous work has been expanded by Runnemalm and Hyun 
[2000], who performed three-dimensional thermo-mechanical analysis of 
pipe and plate 304L stainless steel laser beam welding with adaptive 
mesh. They used the same FE code (SIMPLE®) and isoparametric 
hexahedron elements [McDill et al 1987] and included in their analysis a 
posteriori error estimators for both the thermal and mechanical analysis, 
in order to guide the refinement and coarsening of the mesh. More 
specifically, they introduced a combination of the errors from the thermal 
and mechanical fields, due to the fact that the thermal and mechanical 
fields may have different requirements on the elements sizes. This 
assumption can be observed in Figures 2.21a & b, where the un-combined 
application of the error estimators produces different refinement of the 
mesh during the thermal and mechanical analysis.  
 
Figure 2.21 Remeshing of a plate during a) thermal and b) mechanical analysis [Runnemalm & Hyun 2000]. 
(a) (b) 
Chapter 2 – Computational Welding Mechanics 
51 
 
In any adaptive meshing procedure one must safeguard the size and 
number of elements that will be produced due to the refinement. Based 
on this rule, in the aforementioned work a lower and upper element size 
was defined, in order to avoid unnecessary small or large elements. In 
addition, a maximum element error was determined so that the number 
of elements could be maintained in reasonable levels.  
Another approach to the dynamic meshing technique was presented by 
Duranton et al [2004] who performed three-dimensional thermal analysis 
of the multi-pass welding of a stainless steel pipe. They employed the FE 
code SYSWELD® and determined geometrically the refinement of the 
mesh. In the interface of the coarse and fine mesh the code created 
“dummy nodes”, which connected the small elements to the large ones. 
These “dummy nodes” were constrained and did not take part in any of 
the computations of the analysis. The data transfer of node and Gauss 
points during refinement was achieved with the interpolation functions, 
while during coarsening mean values of the Gauss points were attributed 
to the new elements. The existence of many weld passes enlarged the 
computational time difference between the analyses with and without the 
dynamic mesh technique. The time to solution was decreased by 6 times 
using the dynamic mesh technique.  
Similar to Duranton et al [2004], Qingyu et al [2002] used the dynamic 
mesh technique to perform a three-dimensional numerical simulation of 
the welding process of a steel plate. They employed the FE code 
MscMARC®, which provides the user with a leveled tool to determine the 
mesh refinement. In this case they refined the mesh by dividing the 
element faces by four, thus the original element is divided into 64. The 
area of refinement was determined geometrically and data transfer was 
made by extrapolation and averaging during refinement, while a reverse 
technique was used for coarsening. Qingyu et al [2002] stated that the 
introduction of the dynamic mesh decreased the time to solution to one 
third of the time to solution without the dynamic mesh.  
One of the most interesting works based on adaptive remeshing 
techniques is that of Hamide et al [2008], who conducted a thermo-
metallurgical analysis of the arc welding process. Similar to the work of 
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Runnemalm and Hyun [2000], the employment of a posteriori error 
estimators guided the mesh refinement and coarsening during the 
thermal and metallurgical analysis. The data transfer from nodes and 
Gaussian points was made by interpolation and maximum errors were 
determined, in order to control the number and size of elements. In 
addition, the difference in computational performance between isotropic 
and anisotropic mesh was examined. The anisotropic mesh was 
constructed completely out of tetrahedral solid elements (Fig. 2.22), while 
the isotropic out of hexahedral solid elements. The advantages in the use 
of tetrahedral elements are the arbitrary and easy construction of the 
mesh [Lindgren et al 1997] and the use of much fewer nodes, thus saving 
lot of computational time [Gruau & Coupez 2005]. 
The above assumptions were verified by the numerical results of 
Hamide et al [2008], who conducted analyses with isotropic and 
anisotropic dynamic meshes. In addition, they determined two different 
error criteria, which affected the size of the refined area in the mesh. 
According to their results, all simulations with adaptive remeshing saved a 
lot of computational time. The anisotropic mesh having fewer nodes than 
the isotropic lead to shorter computational times. 
 
Figure 2.22 Anisotropic dynamic meshes during thermal analysis a) Global model b) Heat source area [Hamide et al 2008] 
All previous works lead to the conclusion that the use of a dynamic or 
adaptive mesh technique can lead to the decrease of the computational 
time, and at the same time maintaining accuracy in the numerical 
analysis of a welding process. However, if proper precautions are not 
(a) (b) 
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taken into account, the analysis may lead to inaccurate results. The use of 
error estimators is considered mandatory when a mechanical or 
metallurgical analysis follows the thermal analysis. This is mainly due to 
the fact that the stress and solid-phase transformation fields exhibit quite 
a different behavior than that of the temperature field. In addition, 
criteria for the elements size and number must be integrated in the 
analysis to avoid extremely small or large elements and over-population 
of elements that would burden the analysis. Finally, the data transfer 
from the nodes and Gauss points from the old to the new mesh, due to 
the new mesh topology, must be performed accurately or else the 
introduction of errors in the temperature, stress and plastic strain fields 
cannot be avoided. 
2.5.2 Sub-structuring 
Sub-structuring is an efficient tool for reducing the size of large models 
for linear, elastic analysis. Usually some approximations are introduced 
when the technique is implemented for non-linear problems, such as 
welding. The basic idea is to include the region around the weld in the 
system of equations, while the rest of the structure is assumed to behave 
linearly and condensed out. Thus, one must ignore the temperature 
dependency of the material properties and the large deformations in the 
condensed part of the structure. This can be achieved by setting the 
boundary for this region where the temperature will reach about 200 - 
300 °C. 
The sub-structuring method has been used by Guirao et al [2009] for 
predicting the welding distortion and residual stresses in the ITER 
(International Thermonuclear Experimental Reactor) vacuum vessel 
manufacturing process. They performed three-dimensional non-linear 
elastic-plastic analyses for all small and medium weld joint models. These 
models were inputted in the final model along with the other parts, which 
behaved linearly and are considered as “substructures” (super-element 
matrix). For this investigation they used the FE code ANSYS®, which 
provides the sub-structuring technique.  
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Another approach to the sub-structuring method is the introduction of 
the inherent strains into the final global model of the structure. This 
technique was used by Deng et al [2007b] in order to determine the 
welding distortion in a large structure (Fig. 2.23).  
 
Figure 2.23 The large panel structure with three types of weld joints used in the elastic analysis by Deng et al [2007b]. 
Using the ABAQUS® FE code they combined a thermo-elastic-plastic FEM 
analysis procedure and an elastic FEM procedure based on the inherent 
strain theory and interface element method. Namely, they defined three 
types of weld joints in their structure and performed elastic-plastic 
analysis for each one of them. Subsequently, they constructed a global 
elastic model considering local shrinkage, using inherent strain, and the 
gap between the skin plate and the stiffeners, using interface elements. 
Extending this work, Deng and Murakawa [2008b] investigated the 
buckling distortion in the same structure and the influence of heat input, 
welding sequence, thickness of skin and the spacing between the 
stiffeners.  
2.6 Mechanical Analysis 
The mechanical analysis of welding processes aims at the accurate 
prediction of the mechanical response of welded structures. This 
knowledge is considered extremely useful during the design process. The 
stresses and deformations resulting from welding are crucial, in order to 
evaluate the quality of the structure and its ability to perform during in-
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service conditions. The solution of the mechanical analysis is always 
based on the input of the load case. In the case of welding processes the 
load case is the structure’s thermal history, namely the spatial and 
temporal temperature distribution during the welding process and upon 
cooling. Thus, the mechanical analysis requires the results of the thermal 
analysis to be solved.  
Based on the above assumptions the thermal and mechanical fields can 
be bonded together and the solution of their analysis can be reached 
either in a “coupled” or “uncoupled” manner. The coupled solution means 
that the two fields are solved simultaneously, while the uncoupled 
solution performs first the analysis of the thermal field, followed by that of 
the mechanical field. Solving both fields simultaneously is not 
recommended, as this means that a large un-symmetric system of 
equations must be solved, which is computationally demanding. A 
partitioning of the coupled fields by a staggered solution procedure 
[Felippa et al 2001] is more common to use, in order to solve strongly 
coupled problems. The uncoupled approach can be achieved by a time-
stepped transient analysis, where the mechanical field is solved after the 
temperature field at each time step or at the end of the entire time-
stepped thermal analysis.  
The degree of the finite element shape functions for the displacements 
is usually one order higher than for the temperatures in order to have 
consistency between the thermal and mechanical fields [Lindgren 2006]. 
This is due to the fact that the temperature field directly becomes the 
thermal strain in the mechanical analysis, as mentioned earlier.  
In addition, certain procedures must be followed so that the mechanical 
analysis can be properly solved. The conservation of the mesh is 
important, so that the thermal loads are attributed at the correct nodes 
and elements. The same transient time-step analysis used in the thermal 
analysis must be followed in the mechanical analysis as well. Thus, time 
and topology should match in the solution of the temperature and 
mechanical field. 
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2.6.1 Residual Stresses 
One of the major mechanical phenomena resulting due to the welding 
process is the formation of residual stresses in the weld metal, the heat 
affected zone and the adjacent area. The softening and thermal strains 
caused by the heat flow from the weld are sufficient to cause yielding 
during welding, thus the residual stress field will be dominated by the 
weld-induced residual stresses. At greater distances from the weld, the 
residual stresses after welding will be a function of the superimposition of 
the weld-induced residual stresses and any pre-existing residual stresses 
in the parts being joined. This superimposition may be in the linear elastic 
or linear elastic-plastic or creep range, depending on the combined 
magnitude of the residual stresses and the mechanical properties of the 
parent material [Leggatt 2008].  
Residual stresses before welding may be caused by thermal or 
mechanical processes during materials manufacturing or fabrication 
operations. Material- or product-manufacturing operations that cause 
significant residual stresses include casting, forging, rolling, heat 
treatments, quenching, straightening and carburization. Significant pre-
welding fabrication processes include flame, plasma or laser cutting, 
bending, machining, jigging and correction of misalignment. It can be 
inferred that almost in all fabricated structures a small or large magnitude 
of residual stresses is evident. Thus, the possibility of pre-existing 
residual stresses should always be considered when the residual stresses 
in welded structures are being evaluated. 
However, in computational welding mechanics the pre-existing residual 
stresses are seldom incorporated in the thermo-mechanical analysis. 
Almost all FE analyses consider a stress-free material prior to welding, 
which is a realistic assumption, since plates, pipes and other components 
are generally annealed in the post-fabrication condition. In addition, the 
high temperatures that occur during the welding process lead to the 
complete relaxation of stresses in the weld area and its adjacent region, 
forming a completely new stress field during cooling.  The formation and 
existence of this field lies in the core of computational welding mechanics. 
The accurate prediction and determination of the factors that affect the 
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weld-induced residual stresses are exploited by many researchers. Some 
of those factors are: 
• The parent material being welded, namely the thermal and 
mechanical properties and their composition and microstructure.  
• The geometry of the parts being joined. 
• The restraints applied to the parts, such as fixtures, jigs, or tack 
welds. 
• The welding procedure, which includes the welding conditions, 
the weld penetration and the welding sequence in the case of 
multi-pass welding. 
2.6.2 FE Investigation of Residual Stresses 
The employment of FEA in order to conduct a complete thermo-
mechanical analysis has been used by many researchers in order to 
construct accurate predictive models, as mentioned earlier, for the 
mechanical response of welded structures. The construction of an 
accurate predictive model is beneficial during the design process, due to 
the fact that experimental measurements and investigations, which are 
considered costly and time-consuming, can be avoided.   
Numerous investigations on predictive models have been performed 
during the last years. The longitudinal residual stresses of a three-pass 
butt-welded joint of A36 steel was predicted accurately by Chang and 
Teng [2004], who performed a two-dimensional thermo-mechanical 
analysis. Kyriakongonas and Papazoglou [2009a] performed a three-
dimensional thermo-mechanical analysis for the three-pass butt-welding 
of austenitic stainless steel plates showing good agreement between 
experimental and numerical results of the stress field resulting from 
welding. The comparison of numerical results of residual stresses with 
experimental values, in order to evaluate their predictive model, was also 
performed by Moraitis and Labeas [2009] in the case of LB welded 
aluminum plates, while Murugan and Narayanan [2009] used the residual 
stress measurements of the contour method to evaluate the accuracy of 
their model in the case of a carbon steel fillet weld.  
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As mentioned above, investigations have been carried out to examine 
the influence of the material, namely the material thermal and mechanical 
properties and the solid-state phase transformations, in the residual 
stresses. An issue was always the use of linear and non-linear properties 
in the analysis, due to the fact that non-linear solutions require more 
computational time. The minor and negligible difference in the use of 
temperature dependent or independent material properties was obtained 
from the work of Cañas et al [1994] during the thermo-mechanical 
analysis of aluminum welded plates. However, in a more recent work 
regarding aluminum welding, Zhu and Chao [2002] distinguished the yield 
stress of aluminum as the key mechanical property for the calculation of 
residual stresses and that its dependency on temperature must be taken 
into account during the welding FE simulation.  
This may be the case for some aluminum alloys, but in steel alloys the 
nonlinearity of material properties is considered mandatory in FE 
simulation of welding processes to obtain accurate results [Radaj 1992; 
Lindgren 2001b]. The main issue regarding the affect of the material to 
the residual stresses is the incorporation of solid-state phase 
transformations (SSPT) in the analysis. Lee and Chang [2009] observed 
differences in the residual stress field in HSLA steel welding when SSPT 
were included or excluded. The existence of SSPT alters the residual 
stress field in the weld metal and heat affected zone, where the 
transformations occur. On the other hand Deng [2009] conducted 
thermo-mechanical analyses for low- and high-carbon steels and 
concluded that SSPT can be neglected in the case of low-carbon steels, 
since no significant variation of the residual stress field has been 
observed.  
With their investigation Taljat et al [1998] lead to detailed conclusions 
regarding the effect of SSPT on residual stresses. The austenite to 
martensite transformation, which occurs mostly in the weld metal area, 
relieves the high tensile stresses. The effect of the volume change on 
residual stresses is more significant than the effect of higher yield 
strength caused by phase transformation. Similar conclusions were drawn 
by Deng and Murakawa [2006a; 2008c] who stated that volume and yield 
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strength changes, due to phase transformation, play an important role in 
the formation of residual stresses. In their case of a 9Cr-1Mo steel pipe 
the volume change alters not only the magnitude, but the sign of residual 
stresses in the weld metal as well. However, the effect of the yield 
strength is considered most important, even in the case of no SSPT. Deng 
et al [2008] attributed different values of the yield strength for the weld 
and base metal, in their simulation of multi-pass welding of austenitic 
stainless steel pipes, observing a significant variation on the residual 
stresses in the weld metal.  
Another factor affecting the residual stress field is the welding 
conditions, namely the heat input that induces radical changes to the 
material and leads to its mechanical response. Comparing the twin-wire 
and single-wire welding of aluminum Meng et al [2005] observed through 
numerical FE analysis that the residual stresses resulting from the single-
wire were 10% lower. This was attributed to the different heat sources of 
the two techniques, promoting steeper temperature gradients during 
twin-wire welding. Another technique named “double-electrode” is based 
on the simultaneous use of a GMAW and GTAW torch ensuring higher 
deposition rate and low heat input to the base metal. The residual 
stresses resulting from double-electrode were investigated by Wu et al 
[2007] in comparison to conventional GMA welding. The numerical 
analysis showed that the decreased heat input to the base metal resulted 
in lower temperature gradients, hence lower residual stresses. The high 
temperature gradients due to high welding speed were the reason for the 
high residual stresses in circumferential arc welded cylinders in the work 
of Malik et al [2008]. In dissimilar pipe joints, between austenitic stainless 
steel and carbon steel pipes, the heat input variations and their influence 
in residual stresses was the main object in the work of Akbari and Sattari-
Far [2009]. The FE thermo-mechanical analyses showed that the residual 
stresses from the stainless steel pipe were more influenced. This was 
explained by the low thermal conductivity of stainless steel which leads to 
denser isothermal lines, hence higher temperature gradients.  
The investigation of the influence of geometrical features prior to 
welding, such as groove angle, on the residual stresses has been 
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performed by means of numerical analysis. The optimization of weld 
residual stresses by the “narrow gap” method and surface weld deposits 
as post-weld heat treatment has been investigated by Engelhard et al 
[2000]. Their numerical simulations showed that an optimized narrow gap 
results in lower magnitude of residual stresses and that the deposition of 
surface welds, with or without filler metal addition, in the as-welded state 
can convert the high tensile stresses to compressive. Fricke et al [2001] 
continued this work, noting the importance of narrow gap welding and the 
crucial influence of the last pass in multi-pass welding of austenitic 
stainless steel pipes. Their investigation aimed at the reduction of residual 
stresses, which are considered harmful to the “sensitization” phenomenon 
occurring in austenitic stainless steels. 
The ratio of inner diameter to thickness of pipes and its impact on 
residual stresses in multi-pass welding have been investigated by 
Brickstadt and Josefson [1998]. They conducted two-dimensional 
analyses for various pipe dimensions, which were welded by four up to 
forty weld passes, and various heat inputs. For each case an optimum 
stress field resulted, in order to minimize the possibility of stress 
corrosion cracking, which is a common phenomenon in stainless steel 
pipes. Similarly to this work, Lee and Chang [2008] conducted three-
dimensional thermo-mechanical analysis for single-pass welding of steel 
pipe. They concluded that residual stresses are generally influenced by 
the pipe diameter variations in thin-walled pipes.  
The groove angles and shapes prior to welding play an important role 
in the formation of residual stresses. Their geometry defines the amount 
of filler metal addition and heat input, determining steep or smooth 
temperature gradients, which are key factors in the formation of the 
residual stress field. Akbari Mousavi and Miresmaeili [2008] simulated 
three-pass butt welds of austenitic AISI 304L steels with different groove 
angles in order to find the geometry that would produce the smoother and 
lower residual stress field. Cho et al [2004] compared the K-type joint 
with a V-type joint in multi-pass welding. Residual stresses of lower 
magnitude and smoother distribution resulted in the K-type joint. This 
was due to the fact that the heat distribution of the back-passes 
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performed a heat treatment to the leading passes. The same conclusions 
were obtained by Sattari-Far and Farahani [2009] by comparing the 
residual stresses resulting in V-, U- and X-weld joints. Double-sided arc 
welding has been investigated by Zhang et al [2009] who observed a 
small decrease in the transverse residual stresses compared to single-
sided arc welding. The major difference was found in the longitudinal 
residual stresses, which were distributed uniformly in D-sided arc welding 
in contrast to S-sided arc welding. The importance of welding sequence 
was noted by Zhang et al [2000] in D-sided arc welding. Their numerical 
models showed that the first passes, laid in the outer groove, play an 
important role in the formation of residual stresses. 
The applications of finite element models of welding processes vary 
based on the purpose of the investigation, as mentioned earlier. The 
impact of the formed residual stresses, in all planes, on the distortion has 
been investigated by Zain-ul-Abdain et al [2009]. Their model was based 
on an aluminum component, which was simply supported on an aluminum 
base. They found that the longitudinal residual stresses are five times the 
magnitude of the transverse ones; hence they are the main driven force 
of distortion. Dong et al [2005] investigated the evolution of residual 
stresses due to weld repairs in as-welded models. The materials they 
investigated were aluminum, carbon steel and stainless steel and 
concluded that weld repairs of small length result in an increase of the 
already-existing transverse residual stresses. 
It can be summarized that FE numerical simulations are an efficient 
tool in computational welding mechanics, regarding the phenomenon of 
residual stresses. The prediction of residual stresses and the investigation 
of the factors that affect them are now possible through FE codes, which 
are built in powerful computers having the ability to decrease the 
computational time.  
2.6.3 Welding Deformation 
Apart from residual stresses the inhomogeneous heat distribution in the 
metal during welding leads to temporal or permanent deformation 
(displacements and rotations). The liquation of the weld pool, along with 
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the upcoming solidification and the thermal expansion of the metal are 
the main mechanisms that drive deformation. Stress and deformation are 
largely opposed [Radaj 1992]. High stresses occur where deformation is 
restrained and low stresses occur where deformation is unrestrained and 
reversely.  
During welding three fundamental dimensional changes occur that lead 
to the permanent distortion of the weld joint. All three changes are 
defined based on the direction of their gradient to the weld line and listed 
as: 
A. Transverse shrinkage that occurs perpendicular to the weld line. 
B. Longitudinal shrinkage that occurs parallel to the weld line. 
C. Angular change that consist of a rotation around the weld line.  
These fundamental dimensional changes and their combination are 
responsible for the final distortion resulting from the welding process. 
There are six types of welding distortion, which are presented 
schematically in Figure 2.24 in butt- and fillet-joints.  
 
Figure 2.24 Six types of welding distortion [Papazoglou 1994]. 
The types of welding distortion are listed below: 
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1. Transverse shrinkage, which is shrinkage perpendicular to the 
weld line. 
2. Angular change, resulting from uneven temperature distribution 
in the thickness direction. 
3. Rotational distortion, namely angular distortion along the plate 
plane that is caused by thermal expansion. 
4. Longitudinal shrinkage, which is shrinkage parallel to the weld 
line. 
5. Longitudinal bending distortion, occurring on a plane which 
contains the weld line and is perpendicular to the plate. 
6. Buckling distortion that occurs in thin plates due to the presence 
of thermal compressive stresses.  
Dealing with distortion in fabrication of welding structures can be quite 
difficult and demands knowledge and experience. During the design 
process all necessary measures must be taken in order to avoid 
dimensional changes, misalignment and unacceptable tolerances to the 
final structure. There are many ways to reduce and constrain distortion in 
welded structures. The use of constraints, application of pre-tension and 
control of welding conditions are the major key-factors that can minimize 
distortion.  
2.6.4 FE Investigation of Deformation 
Similarly to the case of residual stresses investigation, a thermo-
mechanical analysis is performed in order to determine the deformation 
resulting from the welding process. Various investigations have been 
conducted aiming at the prediction of the welding distortions or at the 
determination and analysis of the factors that affect them. Most of the 
predictive models by various researchers are evaluated upon comparison 
with experimental measurements. Such works have been presented by 
Tsikras et al [2003] who investigated the out-of-plane deformations 
resulting from the laser butt-welding of AH36 steel plates, Zaeem et al 
[2007] who predicted the buckling distortion of a thin aluminum T-joint. 
Similarly, Moraitis and Labeas [2008] calculated by three-dimensional 
analysis the distortions in laser beam welding of aluminum lap joints and 
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Kyriakongonas and Papazoglou [2009a] predicted the angular distortion in 
three-pass austenitic stainless steel butt-welding.  
The elastic-plastic models, which are usually employed for the thermo-
mechanical analysis of welded structures, require a serious amount of 
computational time to be solved. Various efforts have been made to 
construct more simplified models in order to reduce the time-to-solution. 
Deng and Murakawa [2008a] have constructed three-dimensional elastic-
plastic and elastic models, using large and small deformation theory for 
the elastic ones, in order to predict the distortion in a thin plate butt-
welded joint. The elastic model uses the predicted inherent strains and 
reaches a solution faster than the elastic-plastic. Comparing their results 
with experimental measurements they concluded that the elastic model 
requires the implementation of the large deformation theory to produce 
accurate results. A detailed presentation of elastic models can be found in 
the work of Camilleri and Grey [2005] and the implementation of them in 
a stiffener fillet-weld in the subsequent work of Camilleri et al [2006]. The 
same models of Camilleri and Grey [2005] have been employed for a 
single-pass butt-weld simulation and were compared with empirical 
predictive algorithms for the out-of-plane distortion [Mollicone et al 
2006].  
The effect of welding conditions on the distortion has been investigated 
lately. Sattari-Far and Javadi [2008] have investigated the effect of 
welding sequence on welding distortion of the diameter of thin-walled 
stainless steel pipes. They conducted many combinations of various 
welding sequences, dividing the single-pass welding procedure into 
segments. They observed that the increment of segments does not 
translate necessarily to less distortion in the diameter near the weld line. 
However, more segments produce less distortion of the diameter far from 
the weld line. The non-linearity of such issues has been investigated, also, 
by Zhang et al [2008] by conducting double-sided asymmetrical bead on 
plates on a HSLA steel plate to control the angular distortion. The 
variation of the distance between the two welding arcs had a non-linear 
graphic relationship with angular distortion. This relationship was 
influenced by the variation of the weld heat input as well.  
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Welding distortion is influenced, also, by the geometry of the parts 
being welded. The thickness of the parts to be welded has been studied 
by Deng et al [2007a] in fillet-welded steel plates with different flange 
thickness. They have concluded that thickness has an influence on the 
magnitude of welding deformation but not on its distribution. Their 
simulation results demonstrated that the temperature gradient through 
thickness is the main factor that strongly governs the generation of 
angular distortion in fillet-welded joints. For a given heat input the 
temperature gradients resulted in a higher temperature at the lower 
surface of the thinner flange, leading to a higher angular distortion. 
Similar to that work, Mahapatra et al [2006] found that the angular 
distortion of thicker mild steel plates was smaller than that of thinner 
ones, in the case of single-pass submerged arc welding. They attributed 
this variation not only to the temperature gradient but to the different 
plate rigidity as well. A complete investigation on the welding conditions 
and plate thickness was conducted by Long et al [2009]. Their work 
involved the welding of thin HSLA steel plates of different thickness. The 
transverse and longitudinal shrinkages decreased as the thickness 
increased for a given heat input, while the same behavior was observed in 
the case of angular distortion. In addition to that, the effect of various 
welding speeds was examined. As the welding speed increased the 
longitudinal and transverse shrinkage and the angular distortion 
decreased. However, the distribution of all types of distortion did not alter 
in any of the simulation cases.  
It can be stated that the conduction of thermo-mechanical analysis is a 
useful tool in the investigation of the mechanical response of welded 
structures. Apart from the construction of accurate predictive models, 
several parameters that affect the distortion of welded components can 
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CHAPTER 3 – WELDING OF AUSTENITIC STAINLESS STEELS  
3.1 Introduction 
Stainless steels are an important class of engineering materials that have 
been used widely in a variety of industries, such as the marine and 
petrochemical industry. Welding is an important fabrication technique for 
stainless steels and numerous specifications, papers, handbooks and 
other guidelines have been published, providing insight into the technique 
and precautions needed to weld these materials successfully. In general, 
stainless steels are considered to be weldable materials, but there are 
many rules and specifications that must be followed to ensure that they 
can readily be fabricated, be free of defects and perform as expected 
under service conditions. When rules and specifications are not followed, 
problems are not uncommon during fabrication or in service. Usually 
these problems are associated with improper control of the welding 
microstructure and associated properties, or the use of welding 
procedures that are inappropriate for the material and its microstructure.  
3.1.1 Definition of Stainless Steels 
Stainless steels constitute a group of high-alloy steels based on the Fe-Cr, 
Fe-Cr-C and Fe-Cr-Ni systems. For a steel to be considered stainless, 
must contain a minimum of about 12 wt% chromium. This level of 
chromium is considered adequate to form a passive surface oxide that 
prevents oxidation and corrosion of the underlying metal under ambient 
conditions. However, corrosive media that attack and remove the passive 
oxide cause corrosion of stainless steels. Corrosion can take many forms, 
including pitting, crevice corrosion and intergranular attack. These forms 
of corrosion are influenced by the corrosive environment, the 
metallurgical condition of the material and the local stress condition. 
Engineers must be aware of the service environments and impact of 
fabrication practice on metallurgical behavior when selecting stainless 
steels to perform under corrosive conditions. 
Stainless steels have also good resistance to oxidation, even at high 
temperatures, and they are often referred as heat-resisting alloys [Kou 
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2003]. Resistance to elevated-temperature oxidation is primarly a 
function of chromium content and some high-chromium alloys (25 to 30 
wt%) can be used at temperatures as high as 1000˚C. Another form of 
heat resistance is resistance to carburization, for wich stainless steel 
alloys of modest chromium (about 16 wt%) but high nickel content (about 
35 wt%) have been developed [Lippold & Kotecki 2005]. 
Stainless steels are used in a variety of applications, such as marine 
constructions, power generation, chemical and paper processing and 
many commercial products, such as kitchen equipment. Stainless steel 
alloys also find extensive use for purity and sanitary applications in areas 
such as pharmaceutical, dairy and food processing.  
Most stainless steels are weldable, but many require special 
procedures. In almost all cases, welding results in significant alteration of 
the weld metal and heat affected zone microstructure relative to the base 
metal. This can constitute a change in the desired phase balance, 
formation of intermetallic constituents, grain growth, segregation of alloy 
and impurity elements and other reactions. In general, these lead to 
some level of degradation in properties and performance and must be 
taken into account during the design and manufacturing process. 
3.1.1.1 Types of Stainless Steels 
Next to plain carbon and C-Mn steels, stainless steels are the most widely 
used steels. Due to the fact that so many varieties of stainless steels are 
available, a wide range of desirable properties is achievable and they can 
be used in many different applications. Not surprisingly, considerable 
research has been conducted to define their microstructure and 
properties.  
Unlike other material systems, where classification is usually by 
composition, stainless steels are categorized based on the metallurgical 
phase (or phases), which is predominant. The three phases that are 
possible in stainless steels are austenite, ferrite and martensite, resulting 
to three alloy categories. In addition, a hybrid category exists, known as 
duplex stainless steels, which contain 50% austenite and 50% ferrite, 
taking advantage of the desirable properties of each phase. Final category 
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is the precipitation-hardening (PH) grades, which are termed such 
because they form strengthening precipitates and are hardenable by an 
ageing heat treatment. The PH grades are further grouped by the phase 
or matrix in which the precipitates are formed, hence martensitic, semi-
austenitic, or austenitic types.  
The identification of each type can be achieved with the use of the 
magnetic properties of each alloy. The austenitic grades are essentially 
non magnetic. A small amount of residual ferrite or cold working may 
introduce a slight ferromagnetic condition, but it is notably weaker than a 
magnetic material. The ferritic and martensitic grades are ferromagnetic, 
while duplex stainless steels are relatively strongly magnetic, due to their 
high ferrite content. Physical properties, such as thermal conductivity and 
thermal expansion, and mechanical properties vary widely for the 
different grades and influence their welding characteristics. A typical 
example are the austenitic grades, owing low thermal conductivity and 
high thermal expansion, resulting in higher distortion due to welding than 
other grades that are primarily ferritic or martensitic.  
3.1.1.2 The Iron-Chromium System 
The Iron-Chromium (Fe-Cr) phase diagram (Fig. 3.1) is the starting point 
for describing stainless steel phase stability, since Cr is the primary 
alloying element. It can be readily noted that there is complete solubility 
of Cr in iron at elevated temperatures and solidification of all Fe-Cr alloys 
occurs as ferrite. Ferrite is indicated on phase diagrams by the symbols α 
and δ. Based on the Fe-C system δ-ferrite is considered high-temperature 
ferrite and α-ferrite is low-temperature ferrite that forms from austenite 
upon cooling. In Fe-Cr, Fe-Cr-C and Fe-Cr-Ni systems α and δ are often 
used interchangeably, since the ferrite that forms at elevated temperature 
is not fully transformed and some (or all) can be retained at ambient 
temperature. 




Figure 3.1 Fe-Cr equilibrium phase diagram [ASM 1992]. 
The solidification range for Fe-Cr alloys is very narrow. At low chromium 
concentrations a “loop” of austenite exists in the temperature range of 
912 to 1394°C. This is commonly referred as the gamma loop. Alloys with 
greater than 12.7 wt% Cr will be fully ferritic at elevated temperature, 
while those with less than this amount of Cr will form at least some 
austenite at temperatures within the gamma loop. Alloys with less than 
about 12 wt% Cr will be completely austenitic at temperatures within the 
gamma loop. Upon rapid cooling, it is possible that this austenite can 
transform to martensite.  
A low-temperature equilibrium phase is present at the Fe-Cr system. 
This phase is known as the sigma phase (σ) and has a (Fe,Cr) 
stoichiometry and a tetragonal crystal structure. Sigma phase forms 
readily in alloys, in which the chromium content is more than 20 wt%. 
Because sigma forms at low temperatures the kinetics of formation are 
quite sluggish and precipitation requires extended time in the 
temperature range of 600 to 800°C. The presence of sigma phase in 
stainless steel is undesirable due to its hardness and brittleness. 
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The Fe-Cr diagram contains also a dotted horizontal line within the σ+α 
phase field at 475°C. A phenomenon, known as 475°C embrittlement, 
results from the formation of coherent Cr-rich precipitates within the 
alpha matrix. These precipitates are called alpha prime (α’) and are 
actually form within the temperature range 400 to 540˚ C and have been 
shown to have a severe embrittling affect in alloys with greater than 14 
wt% Cr [Lippold & Kotecki 2005]. Formation of α’ is also quite sluggish in 
Fe-Cr alloys, but its rate can be accelerated by alloying additions. 
3.1.1.3 The Iron-Chromium-Carbon System 
The addition of carbon to the Fe-Cr system significantly alters and 
complicates phase equilibrium. Since carbon is an austenite promoter it 
will expand the gamma loop, allowing austenite to be stable at elevated 
temperatures at much higher chromium contents. The effect of carbon in 
the expansion of the austenitic field is presented in Figure 3.2. It is 
readily notable that even small amounts of carbon result in a dramatic 
expansion of the gamma loop. 
  
Figure 3.2 Expansion of gamma loop with carbon and nitrogen addition [Lippold & Kotecki 2005]. 
This expansion is important for development of martensitic stainless 
steels, since for martensite to form during cooling, these steels must be 
austenitic at elevated temperatures. In contrast, for the ferritic grades, 
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the size of the gamma loop must be controlled such that little or no 
austenite forms at elevated temperatures. However, the addition of 
carbon in stainless steel alloys can result in the formation of two different 
types of chromium carbides, with stoichiometry (Cr,Fe)23C6 and 
(Cr,Fe)7C3. The formation and precipitation of these carbides can be 
observed in the two pseudobinary diagrams, presented in Figure 3.3, for 
13 and 17 wt% chromium contents. 
  
Figure 3.3 Fe-Cr-C pseudobinary diagrams at a) 13 wt% and b) 17 wt% chromium. C1: (Cr,Fe)23C6 carbide and C2: (Cr,Fe)7C3 carbide [Lippold & Kotecki 2005]. 
For low-chromium ferritic and martensitic stainless steels, namely with 13 
wt% Cr (Fig. 3.3a), and very low carbon content (less than 0.1 wt %), the 
ternary alloys are fully ferritic at elevated temperature. If cooled rapidly 
enough, the alloy will remain primarily ferritic. At carbon contents above 
0.1 wt%, austenite will form at elevated temperatures just below the 
solidification temperature range. Upon cooling, the structure will become 
fully austenitic at temperatures below 1200°C. If the cooling rate is 
sufficiently rapid, this austenite will transform to martensite. At lower 
carbon contents a mixture of austenite and ferrite will be present at 
elevated temperatures, resulting in a microstructure consisting of ferrite 
and martensite upon rapid cooling. These microstructures are undesirable 
because of a loss in mechanical properties. 
At higher constant chromium contents (Fig. 3.3b) the ferrite phase field 
expands and the austenite phase field shrinks, due to the ferrite-
promoting effect of chromium. As a result, the ferrite formed at elevated 
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temperature will be much more stable and higher carbon contents are 
required to form elevated-temperature austenite. 
3.1.1.4 The Iron-Chromium-Nickel System 
The addition of nickel to the Fe-Cr system also expands the austenitic 
phase field and allows austenite to be stable at ambient temperature. The 
Fe-Cr-Ni ternary system represents the basis for the austenitic and duplex 
stainless steel grades. The liquidus and solidus projections, presented in 
Figures 3.4 (a) and (b), can be employed to describe the solidification 
behavior of alloys based on this system. 
 
Figure 3.4 a) Liquidus and b) Solidus projections of the Fe-Cr-Ni system [ASM 1992]. 
It can be readily noted that the liquidus surface exhibits only one dark line 
(Fig. 3.4a) that runs from the near the Fe-rich apex of the triangle to the 
Cr-Ni side. This line separates compositions that solidify as primary ferrite 
(above and to the left) from compositions that solidify as primary 
austenite. At approximately 48Cr-44Ni-8Fe, a ternary eutectic point 
exists. The solidus surface, on the other hand, exhibits two dark lines 
(Fig. 3.4b) that run from the Fe-rich apex to the Cr-Ni-rich side of the 
diagram. Between these two lines the austenite and ferrite phases coexist 
with liquid just above the solidus. This region separates the austenite and 
ferrite single-phase fields below the solidus. 
A more detailed investigation on these alloys can be conducted by the 
generation of a pseudobinary Cr-Ni diagram, namely by taking a 
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constant-Fe section through the ternary phase from the liquidus 
temperature to ambient temperature. Such a diagram is presented in 
Figure 3.5, at 70 wt% Fe. The specific pseudobinary diagram has been 
used by many researchers [Lippold & Kotecki 2005; Ferrandini et al 2006; 
Inoue et al 1997a; Bilmes et al 1996], in order to investigate the Fe-Cr-Ni 
system.  
 
Figure 3.5 Pseudobinary section of the Fe-Cr-Ni ternary system at 70 wt% Fe [Lippold & Kotecki 2005]. 
On the upper region of the diagram, a small triangular area is readily 
notable. This is the three-phase austenite-ferrite-liquid region that 
separates alloys that solidify as austenite (to the left) from those that 
solidify as ferrite. In the solid state, the ferrite is stable at elevated 
temperature at chromium contents greater than 20 wt%. As the 
temperature decreases, this ferrite will transform partially to austenite in 
the range 20 to 25 wt%. Alloys that solidify as austenite remain as 
austenite upon cooling to ambient temperature. Alloys that solidify as 
ferrite at compositions just to the right of the three-phase region must 
cool through the two-phase austenite-ferrite region. This results in the 
transformation of some of the ferrite to austenite. At compositions farther 
to the right of the triangle, namely higher Cr/Ni ratios, ferrite will become 
increasingly stable until ultimately fully ferritic structure will exist toward 
the far right side of the diagram.  
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3.1.2 Production of Stainless Steels 
Stainless steel is produced in a variety of shapes and size and the 
available forms of these alloys for commercial use are almost limitless. 
Some alloys, such as the ferritic and duplex grades, have some limits on 
formability, but in general almost any conceivable shape can be produced 
by a variety of casting, hot-working, and cold-working techniques.  
Melting of stainless steels was revolutionized by the introduction of 
argon-oxygen decarburization (AOD) and vacuum-oxygen decarburization 
(VOD) process in the early 1970s [Althouse et al 2004]. Primary melting 
is usually conducted in an electric arc furnace and then the molten charge 
is transferred to the refining vessel. The charge can contain up to 1.5 to 
2.0 wt% carbon. Using the AOD process, a mixture of argon and oxygen 
is injected into the molten steel. The oxygen combines with the carbon to 
form carbmon monoxide, which is liberated from the molten metal. The 
mixture of argon and oxygen is controlled to achieve the desired carbon 
content. The process using VOD is similar, except that the argon carrier 
gas is not necessary and oxygen is injected directly into the melt. Using 
these processes, production of low-carbon stainless steels (less than 0.04 
wt%) is considered now routine. As an added benefit, these processes 
also drastically reduce the residual sulfur content to as low as 0.001 wt%. 
Following the refining process, the steel can be poured into ingot molds or 
transferred directly to a continous casting machine. Since the 1980s, 
continous casting has expanded rapidly and is used extensively for the 
production of plate and sheet stock.  
Once cast, the steel is subjected to various hot-working processes to 
reduce it to nearly final dimensions. These processes include hot-rolling, 
swaging or extrusion. Many stainless steels can be used in the hot-rolled 
condition following appropriate heat treatment and pickling operations. 
Welding wire is produced using standard wire-drawing processes and 
commercial lubricants. Care must be taken to clean the wire properly to 
avoid contamination during welding.  
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3.1.3 Corrosion Resistance 
In most cases, stainless steels are selected for their corrosion- or heat-
resisting properties. By nature of the passive, Cr-rich oxide that forms, 
these steels are virtually immune to the general corrosion that plagues C-
Mn and low alloy steels. Stainless steels are, however, susceptible to 
other forms of corrosion and their selection and application must be 
considered carefully based on the service environment.  
Two forms of localized corrosion that may occur in stainless steels are 
pitting corrosion and crevice corrosion [ASM 2003]. Mechanistically, they 
are similar and result in localized attack. As the term implies, pitting 
corrosion results from the local "breakdown" of the passive film and is 
normally associated with some metallurgical feature, such as a grain 
boundary or intermetallic constituent. Once this breakdown occurs, 
corrosive attack of the underlying material takes place and a small pit 
forms on the surface. With time, the solution chemistry within the pit 
changes and becomes progressively more aggressive. This shall result in 
rapid surface attack and a linking of adjacent pits that ultimately leads to 
failure. Pitting can be insidious, since only a small pinhole existing on the 
surface can initiate corrosion.  
Crevice corrosion is similar mechanistically, but it does not require the 
presence of a metallurgical feature for initiation. Rather, as the term 
implies, a crevice consisting of a confined space must exist where a 
similar change in solution chemistry can occur. Crevice corrosion is 
common in bolted structures, where the space between the bold head and 
the bolting surface can provide such a crevice. Both pitting and crevice 
corrosion occur readily in solutions containing chloride ions (such as 
seawater). Welding may result in the formation of microstructures that 
accelerate pitting attack or create crevices (lack of penetration, slag 
inclusions etc.) that promote localized corrosion. Failure to remove oxides 
that form due to welding may also reduce corrosion resistance in certain 
media.  
The most serious of all corrosion mechanisms in welded stainless steels 
is intergranular attack (IGA) and the associated phenomenon known as 
intergranular stress corrosion cracking (IGSCC) [Lippold & Kotecki 2005]. 
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This form of attack is most common in the heat affected zone (HAZ) of 
austenitic stainless steels and results from a metallurgical condition called 
sensitization. Sensitization occurs when grain boundary precipitation of 
Cr-rich carbides results in depletion of Cr in the region just adjacent to 
the grain boundary, making the microstructure sensitive to corrosive 
attack if the Cr content drops below 12 wt%. 
Transgranular stress corrosion cracking (TGSCC) is also a serious 
problem, especially with common austenitic stainless steels such as 304L 
and 316L. As the term implies, transgranular SCC has little or nothing to 
do with grain boundaries. It progresses along certain planes of atoms in 
each grain, often changing direction from one grain to another, branching 
as it progresses. The presence of chloride ions along with residual or 
applied stress promotes this form of cracking [Lippold & Kotecki 2005]. 
3.2 Austenitic Stainless Steels 
Austenitic stainless steels represent the largest of the general groups of 
stainless steels and are produced in higher tonnages than any other 
group. They exhibit good corrosion resistance in most environments. The 
austenitic grades have strengths equivalent to those of mild steels, 
approximately 210 MPa minimum yield strength at ambient temperature 
and are not transformation hardenable. Low-temperature impact 
properties are good for these alloys, making them useful in cryogenic 
applications. Service temperatures can be up to 700°C or even higher, 
but the strength and oxidation resistance of most of these steels are 
limited at such high temperatures. Austenitic stainless steels can be 
strengthened significantly by cold working. They are often used in 
applications requiring good atmospheric or elevated temperature 
corrosion resistance. They are generally considered to be weldable, if 
proper precautions are followed.  
Elements that promote the formation of austenite, most notably nickel, 
are added to these steels in large quantities. Minimum nickel content, of 
about 8 wt%, is required, in order to retain the austenite phase at 
ambient temperature. Lack of complete retention of the γ-phase is 
indicated by the formation of martensite. Hence, a stable austenite can be 
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defined as one in which the Ms is lower than ambient temperature 
[Bhadeshia & Honeycombe 2006].  
Other austenite-promoting elements are C, N and Cu. Carbon is added 
to improve strength (creep resistance) at high temperatures, while 
nitrogen is added to some alloys to improve strength, mainly at ambient 
and cryogenic temperatures, sometimes more than doubling it. Nitrogen-
strengthened alloys are usually designated with a suffix N added to their 
AISI 300 series designation (e.g. 304LN). The AISI 200 series are also 
nitrogen strengthened and commonly referred to under various trade 
names, such as Nitronic®. Manganese expands, also, the gamma loop and 
can, sometimes, be used instead of nickel. However, it is not as strong a 
γ-former but about half as effective, so higher concentrations are needed. 
In the absence of chromium about 12 wt% manganese is required to 
stabilize austenite. Typically Cr-Mn steels require 12-15 wt% Cr and 12-
15 wt% Mn to remain austenitic at ambient temperature, if the carbon 
content is low [Bhadeshia & Honeycombe 2006]. 
Austenitic stainless steels generally have good ductility and toughness 
and exhibit significant elongation during tensile loading. They are more 
expensive than the martensitic and low to medium Cr ferritic grades, due 
to the higher alloy content. Despite the steel cost, they offer distinct 
engineering advantages, particularly with respect to formability and 
weldability that often reduce the overall cost compared to other groups of 
stainless steels. 
Austenitic grades are used in a wide range of applications, including 
structural support and containment, architectural uses, kitchen equipment 
and medical products. They are widely used not only because of their 
corrosion resistance but because they are readily formable, easy to 
fabricate and durable. Some high alloyed grades are used for very high 
temperature service (above 1000°C) for applications such as heat-
treating baskets. In addition, to higher chromium levels, these alloys 
normally contain higher levels of silicon and sometimes aluminum and 
carbon, to maintain oxidation and/or carburization resistance and 
strength, respectively. 
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3.2.1 Standard Austenitic Stainless Steel Alloys 
Austenitic stainless steels include both the 200 and 300 series alloys, as 
designated by the American Iron and Steel Institute (AISI). The 200 
series alloys contain high levels of carbon, manganese and nitrogen and 
are used in specialty applications, such as where galling resistance is 
required. The 200 grades contain lower nickel that the 300 grades, in 
order to balance the high nitrogen and carbon levels. The 300 series 
alloys are by far the most widely used of the austenitic grades. A list of 
the most common 300 series is provided in Table 3.1. 
Table 3.1 Composition of Standard Wrought Austenitic Stainless Steels [ASM 1990]. 
 Composition (wt %)* 
Type C Mn P S Si Cr Ni Mo N Other 201 0.15 5.5-7.5 0.06 0.03 1.0 16.0-18.0 3.5-5.5 - 0.25 - 302 0.15 2.0 0.045 0.03 1.0 17.0-19.0 8.0-10.0 - - - 304 0.08 2.0 0.045 0.03 1.0 18.0-20.0 8.0-10.5 - - - 304L 0.03 2.0 0.045 0.03 1.0 18.0-20.0 8.0-12.0 - - - 304H 0.04-0.1 2.0 0.045 0.03 1.0 18.0-20.0 8.0-10.5 - - - 308 0.08 2.0 0.045 0.03 1.0 19.0-21.0 10.0-12.0 - - - 309 0.20 2.0 0.045 0.03 1.0 22.0-24.0 12.0-15.0 - - - 310 0.25 2.0 0.045 0.03 1.0 24.0-26.0 19.0-22.0 - - - 316 0.08 2.0 0.045 0.03 1.0 16.0-18.0 10.0-14.0 2.0-3.0 - - 316L 0.03 2.0 0.045 0.03 1.0 16.0-18.0 10.0-14.0 2.0-3.0 - - 317 0.08 2.0 0.045 0.03 1.0 18.0-20.0 11.0-15.0 3.0-4.0 - - 321 0.08 2.0 0.045 0.03 1.0 17.0-19.0 9.0-12.0 - - Ti:5xC-0.70 330 0.10 2.0 0.045 0.03 0.75-1.5 17.0-20.0 34.0-37.0 - - - 347 0.08 2.0 0.045 0.03 1.0 17.0-19.0 9.0-13.0 - - Nb:10xC-1.00 * A single value is a maximum 
The most widely used 300 series alloys are that of the “18-8” type with 
nominal values of 18Cr and 8-10Ni, namely Types 304, 316, 321 and 347 
and their variants. The L grades represent low-carbon variants with a 
nominal carbon content of 0.03 wt%. These alloys became popular in the 
1970s with the advent of AOD (argon-oxygen Decarburization) melting 
practice that reduced the cost differential between standard (not low 
carbon) and L grades. The low carbon grades (e.g. 304L, 316L) have been 
widely used in applications where intergranular attack and intergranular 
corrosion cracking is a concern. The H grades contain carbon levels 
approaching 0.1 wt% and are applied in high service temperature, since 
they have higher elevated temperature strength than standard or L 
grades. The N grades have nitrogen added as intentional addition to levels 
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as high as 0.20 wt% in the 300 series alloys (304N, 316N, 316LN) and to 
even higher levels in alloys that contain high manganese contents. This is 
due to the fact that manganese increases the solubility of nitrogen in the 
austenite phase. The higher nitrogen improves the strength, galling 
resistance and pitting corrosion resistance of austenitic stainless steels. 
Alloys containing titanium and niobium, such as Types 321 and 347, 
are known as the stabilized grades, since the addition of these two 
elements stabilizes the alloy against the formation of M23C6 chromium 
carbides. Since niobium and titanium both form stable MC-carbides at 
elevated temperature, the formation of chromium carbides is restrained. 
The addition of these elements at levels up to 0.1 wt% effectively reduces 
the matrix carbon content and makes chromium carbide precipitation 
more difficult. This reduces the possibility for sensitization that can lead to 
intergranular corrosion in austenitic stainless steels.  
3.2.2 Thermal and Mechanical Properties 
As mentioned in earlier paragraphs, austenitic stainless steels are mainly 
selected for service applications due to their immunity to corrosion at 
elevated temperatures, without significant loss of their strength. Their 
physical properties are rarely a criterion for their service purpose. 
However, thermal and mechanical properties of austenitic stainless steels 
must be taken into account during fabrication of stainless steel structures. 
The thermal and mechanical properties of a number of austenitic stainless 
steels are provided in Tables 3.2 and 3.3, respectively.   
Table 3.2 Thermal properties of Wrought Austenitic Stainless Steels [ASM 1990].  Mean Coefficient of Thermal Expansion  (μm/m ˚C) Thermal Conductivity  (W/m K) Specific Heat 
(J/kg K) Alloy 0˚C to 100˚C 0˚C to 315˚C 0˚C to 538˚C at 100˚C at 500˚C 302 17.2 17.8 18.4 16.2 21.5 500 304 17.2 17.8 18.4 16.2 21.5 500 304L 17.2 17.8 18.4 16.2 21.5 500 308 17.2 17.8 18.4 15.2 21.6 500 309 15.0 16.6 17.2 15.6 18.7 500 310 15.9 16.2 17.0 14.2 18.7 500 316 15.9 16.2 17.5 16.2 21.5 500 316L 15.9 16.2 17.5 16.2 21.5 500 317 15.9 16.2 17.5 16.2 21.5 500 321 16.6 17.2 18.6 16.1 22.2 500 330 14.4 16.0 16.7 16.1 22.2 460 347 16.6 17.2 18.6 16.1 22.2 500 
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It can be readily noted, and has been frequently verified though 
experimental research [Murugan et al 1998; Akbari & Sattari-Far 2009], 
that austenitic stainless steels, due to their dominant austenitic phase, 
exhibit low thermal conductivity and high thermal expansion coefficient in 
comparison to carbon and low alloy steels. This variation in thermal 
properties must be taken into account during fabrication of multi-alloy 
structures. For example during dissimilar welding between carbon and 
austenitic stainless steel, the variation of the thermo-mechanical response 
of the two components must be dealt with the appropriate means, in 
order to meet the design guidelines.  
Table 3.3 Minimum Room-Temperature Mechanical Properties of Wrought Austenitic Stainless Steels [Lippold & Kotecki 2005].  Tensile Strength Yield  Strength  Elongation Reduction  in Area  Elastic Modulus 
Alloy (MPa) (MPa) (%) (%) (GPa) 302 515 205 40 50 193 304 515 205 40 50 193 304L 480 170 40 50 193 308 515 205 40 50 193 309 515 205 40 50 200 310 515 205 40 50 200 316 515 205 40 50 193 316L 480 170 40 50 193 317 515 205 40 50 193 321 515 205 40 50 193 330 480 205 30 - 196 347 515 205 40 50 193 
The above mechanical properties reflect to the hot-finished and annealed 
condition. Considerable strength can be imparted to these alloys by cold 
working. In general, the austenitic stainless steels cannot by substantially 
strengthened by either precipitation or transformation. Some specialty 
alloys containing higher nickel contents and titanium additions can be 
strengthened by precipitation of the gamma-prime (γ’) precipitate, 
Ni3(Al,Ti), which is a common strengthening agent in nickel-base 
superalloys. It is also possible to form martensite in some austenitic 
grades, but this occurs under only very special conditions. Martensite has 
been observed in very heavily cold-worked alloys and when metals are 
cooled to cryogenic temperatures. 




Austenitic stainless steels are formulated and thermo-mechanically 
processed such that the microstructure is primarily austenite. Depending 
on the balance of ferrite-promoting to austenite-promoting elements, the 
wrought or cast microstructure will be either fully austenitic or a mixture 
of austenite and ferrite. In Figure 3.6, two examples of wrought austenitic 
stainless steel AISI 304 microstructure are presented. 
 
Figure 3.6 Microstructure of Type 304 plate: a) fully austenitic b) austenite with ferrite stringers [Lippold & Kotecki 2005]. 
In one case (Fig. 3.6a) the microstructure consists of equiaxed austenite 
grains, while in the other one (Fig. 3.6b) some residual high-temperature 
ferrite (δ-ferrite) is aligned along the rolling direction of the plate. This 
ferrite results from the segregation of ferrite-promoting elements, such as 
chromium and molybdenum, during solidification and thermo-mechanical 
processing (hot rolling). This ferrite is present in relatively low volume 
fraction (2 to 3%). Although it is not considered deleterious in most 
applications, the presence of δ-ferrite in the wrought microstructure can 
reduce ductility and, potentially, the toughness of austenitic stainless 
steel. It has been observed that during hot-rolling the formation of ferrite 
stringers along the rolling direction at the plate’s edges can assist the 
edge-crack phenomenon [Czerwinski et al 1997]. The levels of δ-ferrite in 
the wrought alloy must be kept low, since δ-ferrite can be a preferential 
site for the precipitation of M23C6 carbides and σ-phase [Padilha et al 
2007]. 
(a) (b) 
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The Fe-Cr-Ni pseudo-binary diagram presented in Figure 3.5 can be 
employed, in order to plainly describe the transformation behavior of 
austenitic stainless steels and the final phases that are present in the 
alloy at ambient temperature. Primary solidification can occur as either 
austenite or ferrite. The demarcation between these two primary phases 
of solidification is at approximately 18Cr-12Ni in the ternary system (Fig. 
3.4). At lower chromium/nickel ratios, primary solidification occurs as 
austenite, while at higher ratios ferrite is the first phase to solidify. The 
existence of the small triangular region within the solidification 
temperature range, in which austenite, ferrite and liquid coexist, is 
detrimental for the final solidified microstructure. Alloys that solidify as 
austenite to the left of this triangular region are stable as austenite to 
ambient temperature. However, when alloys solidify as ferrite, they may 
be either fully ferritic or consist of a mixture of ferrite and austenite at the 
end of solidification. Because of the slope of the ferrite and austenite 
solvus lines, most or all the ferrite transforms to austenite under 
equilibrium cooling conditions. However, for the rapid cooling conditions 
experienced during welding, this transformation is suppressed and some 
residual δ-ferrite will remain in the microstructure. 
In austenitic stainless steels a variety of precipitates may be present, 
depending on the composition, heat treatment and the service conditions. 
In Table 3.3, these precipitates are listed and their structure and 
stoichiometry are provided. Carbides are present in virtually every 
austenitic stainless steel, since chromium is a strong carbide former. 
Additions of other carbide formers, including Mo, Nb and Ti, also promote 
carbide formation. The nature of carbide formation, including the effect of 
composition and the temperature range is considered to be quite 
complex. One of the precipitation phenomena that have drawn much of 
attention is the precipitation of the Cr-rich carbide M23C6, due to its effect 
on the degradation of corrosion resistance of the austenitic alloy. 
Basically, these carbides precipitate along grain boundaries at prolonged 
stay in the temperature range 450 to 850°C, resulting in the depletion of 
chromium, making the alloy susceptible to intergranular corrosion, when 
exposed to certain environments. This precipitation reaction is accelerated 
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in alloys that are strengthened by cold work [Parvathavarthini & Dayal 
2002].  
Table 3.4 Precipitates in Austenitic Stainless Steels [Lippold & Kotecki 2005]. 
 
Sigma (σ), chi (χ), eta (η), G and Laves phases may also be formed in 
austenitic stainless steels, particularly in those that contain additions of 
Mo, Nb and Ti. Typically these phases form after long time exposure at 
elevated temperature and result in embrittlement of the steel.  
3.2.4 Alloying Elements 
Austenitic stainless steels, similarly to all stainless steel grades, are iron-
base alloys with iron contents from 50 to 80 wt% of the composition. The 
principal alloying additions to austenitic stainless steels are chromium, 
nickel and carbon.  
Essentially, all austenitic stainless steels contain manganese and silicon 
as intentional additions. Other alloying additions include molybdenum, 
niobium, titanium, aluminum, copper, tungsten, nitrogen and others to 
improve fabricability, develop special properties, enhance corrosion 
resistance or influence microstructure. Impurity elements commonly 
found in the austenitic grades include nitrogen, oxygen, sulfur and 
phosphorus. All of these alloy and impurity elements have some effect on 
weldability and performance. In most cases, the level of these elements in 
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the base or filler metal is controlled by the material specification to assure 
that the steel performs as anticipated.  
3.2.4.1 Chromium 
Chromium is primarily added to the provide protection to the steel. It is 
especially effective in oxidizing environments such as nitric acid. With the 
addition of chromium, an oxide of a stoichiometry (Fe,Cr)2O3 forms on the 
steel surface. The presence of chromium increases the stability of the 
oxide since it has a much higher affinity for oxygen than does iron. As 
mentioned in previous section, when the chromium level in steel exceeds 
approximately 12.0 wt%, the steel is considered “stainless” under 
ambient conditions. Higher levels of chromium may be required for oxide 
stability in more aggressive environments.  
Chromium is also a ferrite promoting element. In the ternary phase 
equilibrium systems Fe-Cr-C and Fe-Cr-Ni, analyzed in previous section, it 
is shown that more than 12.0 wt% chromium in the steel alloy promotes 
the ferritic phase and under certain conditions makes it stable at room 
temperature. In addition, chromium is strong carbide former. The most 
common Cr-rich carbide is the M23C6, where the “M” is predominantly Cr 
but may also have some fraction of Fe and Mo present. The precipitation 
of M23C6 occurs when the alloy is exposed, for an adequate time period, in 
temperatures ranging from 450 to 850°C approximately and it is very 
common in the austenitic stainless steel grades [Tekin et al 1991; Matula 
et al 2001; Sahlaoui et al 2004; Phadilha et al 2007; Yae Kina et al 
2008]. Chromium also combines with nitrogen to form a nitride. The most 
common nitride is the Cr2N, which is also observed in high nitrogen 
austenitic stainless steels [Dutta et al 1993; Shi et al 2007; Han et al 
2009]. 
Chromium is also a key ingredient in the formation of intermetallic 
compounds, many of which tend to embrittle the stainless steel alloy. The 
most common is sigma phase (σ), which in the Fe-Cr system is a (Fe,Cr) 
compound that forms below 815°C [Song et al 1996; Guan et al 2005b]. 
Sigma phase can also result in the alloy form M23C6 after an extend 
exposure at high temperatures [Guan et al 2005a; Padilha et al 2007]. 
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Chromium is also present in chi (χ) and Laves intermetallic phases [Song 
et al 1996; Sahlaoui et al 2004]. 
3.2.4.2 Nickel  
The primary function of nickel is to promote the austenitic phase such 
that predominantly austenitic alloys can be produced. By adding nickel, 
the austenite phase field can be greatly expanded such that austenite is 
stable at ambient temperature and below. Nickel is not a strong carbide 
former and does not generally promote the formation of intermetallic 
compounds, although there is evidence that its presence in the alloy may 
influence precipitation kinetics [Lippold & Kotecki 2005]. Nickel has been 
associated with a decrease in stress corrosion cracking (SCC) resistance. 
The work of Copson [1959] has shown that a decrease in SCC resistance 
occurs when nickel is added to an alloy in an aggressive Cl-containing 
environment. Similar to that, Azuma et al [2004] showed that high-nickel 
austenitic stainless steels exhibit low crevice corrosion resistance. Nickel 
is also a good solid solution strengthener and most beneficial in terms of 
improving toughness. Deimler and Sattler [2008] determined that the 
critical region of nickel content in austenitic stainless steels, in order to 
avoid hydrogen embrittlement, is 10.5 to 11.0 wt%, accompanied with 
carbon and nitrogen.  
3.2.4.3 Manganese  
Manganese is added virtually to every steel alloy. In austenitic stainless 
steels, it is normally present in the range of 1.0 to 2.0 wt%. Historically, 
it was added to prevent “hot shortness” during casting. This is a form of 
solidification cracking that is associated with the formation of low melting 
point iron-sulfide eutectic constituents. Since manganese combines much 
more readily with sulfur than does iron, the addition of sufficient 
manganese and the formation of stable manganese sulfide (MnS) 
effectively eliminated the hot shortness problem. 
However, manganese is considered to have a detrimental effect on the 
pitting resistance due to the formation of the manganese sulfide. 
Manganese sulfide inclusions are active anodic sites at stainless steels 
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surface in presence of aqueous chloride inclusions [Cui & Lundin 2007; 
Pardo et al 2008].  
Manganese is generally considered to be an austenite-promoting 
element, although the degree of promotion is dependent on the amount 
present and the level of nickel. It is very effective in stabilizing austenite 
at low temperature and to prevent transformation to martensite. Its 
potency in promoting austenite at elevated temperature is dependent on 
the overall composition of the alloy.  
3.2.4.4 Silicon 
Silicon is also present in all stainless steels and is added primarily for 
deoxidation during melting. In most alloys is present in the range 0.3 to 
0.6 wt%. In some cases, aluminum may be substituted as deoxidizer, but 
this is rarely the case in stainless steel. It has been found to improve 
corrosion resistance when present at levels of 4.0 to 5.0 wt% and is 
added in some heat-resisting alloys in the range of 1.0 to 3.0 wt% 
[Nakano et al 2004]. Whether silicon is an austenite or ferrite promoter is 
not entirely clear yet. In austenitic stainless steels, up to 1.0 wt% seems 
to have no effect on phase balance, but higher levels appear to promote 
ferrite.  
Silicon forms a number of iron silicides (FeSi, Fe2Si, Fe3Si, Fe5Si3) and a 
Cr3Si intermetallic, all of which tend to embrittle the structure. It also 
expands the composition range over which sigma phase is formed and it 
is known to segregate during solidification, resulting in the formation of 
low melting eutectic constituents, particularly in combination with nickel 
[ASM 1991]. For these reasons, it is usually held below 1.0 wt%.  
Silicon is well known to improve fluidity of molten steel. For this reason 
it may be added in somewhat higher than normal amount to weld filler 
metals. Mostly the austenitic stainless steel grades tend to be quite 
sluggish in the molten state and the addition of silicon can greatly 
improve the fluidity.  




 Molybdenum is added to austenitic stainless steels in amounts up to 6.0 
wt%, or more into superaustenitic, in order to improve corrosion 
resistance, particularly with respect to pitting and crevice corrosion [Pardo 
et al 2008]. In austenitic stainless steels, molybdenum also improves 
elevated temperature strength. This can also have a negative effect, since 
alloys containing Mo will be more difficult to hot work. Molybdenum is a 
ferrite-promoting element [Anderson et al 2007], and its presence will 
promote ferrite formation and retention in the microstructure.  
3.2.4.6 Carbide-Forming Elements 
Besides Cr, a number of other elements added to stainless steels promote 
carbide formation. These elements are niobium, titanium, tungsten, 
tantalum and vanadium. Niobium and titanium are added to austenitic 
stainless steels to provide stabilization of the carbon to avoid 
intergranular corrosion. Both elements form at high temperatures MC-
type carbides that resist dissolution, thereby preventing the formation of 
Cr-rich M23C6 carbides that are associated with onset of intergranular 
corrosion [Erneman et al 2004; Guan et al 2005a]. The additions of 
niobium and titanium are the origin of the stabilized grades, which were 
discussed previously. These grades are considered to be more effective 
than the low-carbon grades in dealing with the sensitization phenomenon 
due to Cr-rich carbide precipitation [Lima et al 2005]. 
Tungsten, tantalum and vanadium are added to some specialty 
stainless steels, primarily to provide elevated temperature strength by the 
formation of a fine dispersion of carbides. These elements tend to 
promote ferrite in the microstructure since they tie up carbon and 
effectively neutralize this powerful austenite promoter. However, these 
elements in the solid solution promote the ferrite phase in their own right.  
3.2.4.7 Interstitial Elements: Carbon and Nitrogen 
Carbon is present in all steels, but unlike C-Mn and low alloy structural 
steels, it is usually desirable to control carbon level below 0.1 wt%. In 
solution, carbon provides an interstitial strengthening effect, particularly 
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at elevated temperatures. In most alloys, carbon combines with other 
elements to form carbides, as analyzed previously. In the case of Cr-rich 
M23C6 carbides, a degradation in corrosion resistance can result due to the 
depletion of chromium and the absence of the (Fe,Cr)2O3 passive film. For 
this reason low-carbon alloys (L-grades) are produced where carbon is 
kept below 0.04 wt%, avoiding the precipitation phenomenon 
[Parvathavarthini et al 2006]. It should be noted that M23C6 carbides 
contain nearly four times as many metal atoms (mostly chromium) as 
carbon atoms and a chromium atom is a bit over four times as heavy as a 
carbon atom. Thus, on a weight percentage basis, M23C6 carbide formation 
can remove as high as 16 times as much chromium as carbon from the 
solid solution [Lippold & Kotecki 2005].  
Nitrogen is usually present in many stainless steel alloys, but it is an 
intentional addition to some of the austenitic stainless steel grads. Similar 
to carbon, nitrogen is a powerful solid solution strengthening agent and 
additions of as little as 0.15 wt% can dramatically increase the strength of 
austenitic alloys [Huang 2009]. The strengthening effect of nitrogen in 
austenite is especially pronounced at cryogenic temperatures [Yuri et al 
2000]. However, the solubility of nitrogen in stainless steel is relatively 
low. The addition of manganese to austenitic stainless steels increases 
nitrogen solubility. However, extreme care must be taken during welding 
where absorption and desorption of nitrogen either from the atmosphere 
or from the shielding gas, intentionally containing nitrogen, can occur [Du 
Toit & Pistorious 2003a; b]. This phenomenon can lead to extended 
porosity in the weld metal alloy [Kokawa 2004], which undesirable for the 
properties of the structure. However, additions of oxygen in the shielding 
gas can control the phenomenon and ensure almost complete solubility of 
nitrogen in the alloy and absence of porosity [Du Toit & Pistorious 2007]. 
Carbon and nitrogen are the most potent of the austenite-promoting 
elements and thus the levels of these elements must be controlled 
carefully if precise microstructure balance is required. This can be 
controlled by the level of each element in the alloy or by the addition of 
elements that form carbides (Nb, Ti) or nitrides (Ti, Al) and effectively 
neutralize their effect in the matrix, as mentioned previously.   
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3.3 Arc Fusion Welding Processes 
Almost all welding processes are suitable for welding austenitic stainless 
steels. However, the most widely used fusion welding processes for the 
austenitic grades are shielded metal arc, gas tungsten arc and gas metal 
arc (including fluxed cored arc) welding. In addition, plasma arc and laser 
beam welding are the most common processes in high power fusion 
welding of austenitic stainless steel. 
The austenitic grades, although they are considered to be weldable, are 
slightly more difficult to weld than mild steels [Cary & Hezler 2005]. This 
is due to the fact that the physical properties of the austenitic grades 
exhibit several differences from those of mild steels, such as lower 
melting temperature, lower thermal conductivity, higher thermal 
expansion and higher electrical resistance. These physical properties are 
mostly determined by the metallurgical features of each alloy. In general, 
the weldability of austenitic stainless steels is governed by their 
susceptibility to hot cracking, similar to other single-phase alloys with a 
FCC structure [AWS 1991]. 
3.3.1 Shielded Metal Arc Welding (SMAW) 
Shielded metal arc welding (SMAW) is an arc welding process in which 
coalescence of metals is produced by heat from an electric arc that is 
maintained between the tip of a covered electrode and the surface of the 
base metal in the joint being welded (Fig. 3.7). 
The core of the covered electrode consists of either a solid metal rod of 
drawn or cast material or one fabricated by encasing metal powders in a 
metallic sheath. The core rod conducts the electric current to the arc and 
provides filler metal to the joint. The primary functions of the electrode 
covering are to provide arc stability and to shield the molten metal from 
the atmosphere with gases created as the coating decomposes from the 
heat of the arc. The shielding employed along with other ingredients in 
the covering and the core wire, largely controls the mechanical properties, 
chemical composition and metallurgical structure of the weld metal, as 
well as the arc characteristics of the electrode. The composition of the 
electrode covering varies according to the type of electrode.  




Figure 3.7 Shielded metal arc welding process: a) overall process and b) welding area [Kou 2003]. 
3.3.1.1 Principles of the Process 
The SMAW process employs the heat of the electric arc to melt the base 
metal and the tip of a consumable covered electrode. The electrode and 
the work (base metal) are part of an electric circuit (Fig. 3.7 a). This 
circuit involves the electric power source, the welding cables, the 
electrode holder, a workpiece connection, the workpiece and the covered 
electrode. One of the two cables is attached to the workpiece, while the 
other one to the electrode.  
The welding process commences when an electric arc is struck between 
the tip of the electrode and the workpiece. The intense heat of the arc 
melts the tip of the electrode and part of the base metal close to the arc. 
Small globules of molten metal form on the tip of the electrode and 
instantaneous are transferred through the arc stream into the molten 
weld pool (Fig. 3.7b). In this manner, filler metal is deposited as the 
electrode is progressively consumed. The arc moves linearly over the 
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work at an appropriate arc length and travel speed, melting and fusing a 
portion of the base metal and continuously adding filler metal. Since the 
arc is one of the hottest sources of heat, reaching in its centre more than 
5000°C, melting of the base metal takes place almost instantaneously 
upon arc initiation. If welds are made in the flat or horizontal position, 
metal transfer is induced by the force of gravity, gas expansion, electric 
and electromagnetic forces and surface tension of the molten droplet. For 
welds in other positions, gravity works against the other forces. 
The process requires sufficient electric current to melt both the 
electrode and a proper amount of the base metal. Is also requires an 
appropriate gap between the tip of the electrode and the base metal or 
the molten weld pool. These requirements are crucial to set the stage of 
coalescence. The sizes and types of electrodes for SMAW define the arc 
voltage requirements, which vary between 16 to 40 V, and the amperage 
requirements, within the overall range of 20 to 550 A. the welding current 
may be alternative or direct, depending on the type of shielded electrode 
being used, but the power source must be able to control the level of 
current within a reasonable range in order to respond to the complex 
variables of the process itself.  
3.3.1.2 Covered Electrodes 
The covered electrode, apart from establishing the arc and supplying filler 
metal for the weld deposit, introduces other materials into or around the 
arc via its flux coverage. Depending upon the type of electrode being 
used, the covering performs one or more of the following functions: 
• Provides a gas to shield the arc and prevent excessive atmospheric 
contamination of the molten filler and base metal. 
• Provides scavengers, deoxidizers and fluxing agents to cleanse the 
weld and prevent excessive grain growth in the weld metal. 
• Establishes the electrical characteristics of the electrode. 
• Provides a slag blanket to protect the hot weld metal from the air 
and enhance the mechanical properties, bead shape and surface 
cleanliness of the weld metal. 
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• Provides a means of adding alloying elements to change the 
mechanical properties of the weld metal. 
The isolation, provided, from the atmosphere is mainly to prevent the 
oxygen and nitrogen pickup from the air by the molten filler metal in the 
arc stream and by the weld metal as it solidifies and cools to ambient 
temperature.  
The covering of the SMAW electrodes is applied by either the extrusion 
or the dipping process. Extrusion is, however, the most widely used 
process. In either case, the covering contains most of the shielding 
scavenging and deoxidizing materials. Most SMAW electrodes have a solid 
metal core, while some are made with a fabricated or composite core 
consisting of metal powders encased in a metallic sheath. In this case, the 
purpose of some or even all of the metal powders is to produce an alloy 
weld deposit. To increase the deposition rate, the covering of some 
carbon and low alloy electrodes contain iron powder. The iron powder is 
an extra amount of metal available for deposition, apart from the core of 
the electrode. The presence of iron powder in the covering also makes 
more efficient use of the arc energy. Metal powders other than iron are 
frequently used to alter the mechanical properties of the weld metal. 
3.3.1.3 Arc Shielding 
The arc shielding action, shown in Figure 3.7b, is essentially the same for 
all electrodes, but the specific method of shielding and the volume of slag 
produced vary from type to type. The bulk of the covering material on 
some electrodes is converted to gas by the heat of the arc and only a 
small amount of slag is produced. This type of electrode depends largely 
upon gaseous shield to prevent atmospheric contamination. Weld metal 
from such electrodes can be identified by the incomplete or light layer of 
slag, which covers the bead. 
For electrodes at the other extreme, the bulk of the covering is 
converted to slag by the heat of the arc and only a small volume of gas is 
produced. The tiny globules of metal being transferred across the arc are 
entirely coated with a thin film of molten slag. This molten slag floats in 
the surface of the weld pool because it is lighter than the metal. The slag 
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solidifies after the metal has solidified. Welds made with these electrodes 
are identified by the heavy slag deposits that completely cover the weld 
beads. Between these extremes there is a variety of electrodes, offering a 
different combination of gas and slag shielding. 
Variations in the amount of slag and gas shielding also influence the 
welding characteristics of covered electrodes. Electrodes, which produce a 
heavy slag can carry high amperage and provide high deposition rates, 
making them ideal for heavy weldments in flat position. Electrodes, which 
produce a light slag layer are used under lower amperage and provide 
lower deposition rates. These electrodes produce a smaller weld pool and 
are suitable for welding in all positions. 
3.3.2 Gas Tungsten Arc Welding (GTAW) 
Gas tungsten arc welding (GTAW) is an arc welding process that uses an 
arc between a non-consumable electrode and the weld pool. The process 
employs shielding gas in order to isolate the molten metal from the 
atmosphere and it may be used with and without filler metal addition. The 
process is illustrated in Figure 3.8. 
The GTAW process uses a non-consumable tungsten, or tungsten alloy, 
electrode held in a torch. Shielding gas is fed through the torch to protect 
the electrode, molten weld pool and solidifying weld metal from 
contamination by the atmosphere. The electric arc is produced by the 
passage of current through the conductive, ionized shielding gas. The arc 
is established between the tipoff the electrode and the base metal. Heat 
generated by the arc melts the base metal. Filler wire, if used, is usually 
added to the leading edge of the weld pool to fill the joint.  




Figure 3.8 Gas tungsten arc welding process: a) overall process and b) welding area [Kou 2003]. 
3.3.2.1 GTAW Process Variables 
The primary variables in GTAW are the arc voltage (arc length), welding 
current, travel speed (welding speed) and the shielding gas. The amount 
of energy produced by the arc is proportional to the current and voltage. 
The amount transferred per unit length of weld is inversely proportional to 
the travel speed. The arc in helium (He) is more penetrating than that in 
argon (Ar). However, because all of these variables interact strongly, it is 
impossible to treat them as truly independent variables when establishing 
welding procedures for fabricating specific alloys.  
Generally, the arc current (welding current) controls the weld 
penetration, with the effect being directly proportional, if not somewhat 
exponential. Arc current also affect the voltage, with the voltage at a fixed 
arc length increasing in proportion to the current. For this reason, to keep 
a fixed arc length, it is necessary to change the voltage when the current 
is adjusted.  
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The process can be used with either direct or alternative current, the 
choice depending largely on the metal to be welded. Direct current with 
the electrode negative offers the advantages of deep penetration and fast 
welding speeds, especially when helium is used as a shielding gas. 
Alternative current provides a cathodic cleaning (sputtering), which 
removes refractory oxides from the joint surfaces (mostly of aluminum 
and magnesium), thus allowing superior welds to be made. In this case, 
argon must be used in the shield because spattering cannot be obtained 
with helium. A third option is that of using direct current with the 
electrode positive. This type of polarity is seldom used in GTAW, due to 
the fact that the electrode is heated extensively.  
As mentioned  previously, the arc voltage is a strongly dependent 
variable, which is affected by the arc current, the shape of the tungsten 
electrode tip, the distance between the tungsten electrode and the work 
and the type of shielding gas used. Since, from the previous listed 
parameters, the current, electrode type and shielding gas are 
predetermined, the arc voltage becomes a way to control the arc length, 
which is extremely difficult to monitor. The arc length affects directly the 
width of the weld pool, while the weld pool width is proportional to the arc 
length.  
Travel speed (welding speed) affects both the width and penetration of 
the GTAW process. However, its effect on width is more pronounced than 
that on penetration. The importance of welding speed lies, also, in its 
effect on cost and productivity. Thus, in some applications, welding speed 
is defined as an objective, with the other variables selected to achieve the 
desired weld configuration at that speed. In other cases, welding speed 
may be a dependent variable, selected to obtain the weld quality and 
uniformity needed under the best conditions possible with other 
combination of variables. Regardless of the objectives, welding speed is 
fixed in mechanized welding while other variables such as current and 
voltage are varied to maintain control of the weld. 
In manual GTAW, the way filler metal is added to the weld pool 
influences the number of passes required and the appearance of the 
finished weld. However, in machine or automatic welding, wire feed speed 
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determines the amount of filler deposited per unit length of weld. 
Decreasing wire feed speed will increase penetration and flatten the bead 
contour. Feeding the wire too slowly can lead to undercut, centerline 
cracking and lack of joint fill. Increasing wire feed speed decreases weld 
penetration and produces a more convex weld bead.  
3.3.2.2 GTAW Electrodes 
In the term GTAW the word tungsten refers to the pure element tungsten 
and its various alloys used as electrodes. Tungsten electrodes are non-
consumable, because they do not melt or transfer to the melt. In other 
welding processes, such as the previously analyzed SMAW, the electrode 
is the filler metal. The function of a tungsten electrode is to serve as one 
of the electrical terminals of the arc which supplies the heat required for 
welding. Tungsten’s melting point is 3410˚C. While approaching this 
temperature, tungsten becomes thermionic, namely it is a ready source 
for electrons. 
Tungsten electrodes are classified based on their chemical composition 
and are color-marked for visual identification, as presented in Table 3.5. 
Table 3.5 Color code and alloying elements for Tungsten electrodes [AWS 1991]. 
AWS 
Classification 
Color Alloying Element Alloying Oxide 
Nominal Weight of  
Alloying Oxide Percent EWP Green - - - EWCe-2 Orange Cerium CeO2 2 EWLa-1 Black Lanthanum La2O3 1 EWTh-1 Yellow Thorium ThO2 1 EWTh-2 Red Thorium ThO2 2 EWZr-1 Brown Zirconium ZrO2 0.25 EWG Grey Non Specified a - - a. Manufacturer must identify the type and nominal content of the rare earth oxide addition.  
Electrodes are produced with a clean or ground finish. Electrodes with a 
clean finish have been chemically cleaned to remove surface impurities 
after the forming operation. Those with a ground finish have been 
centerless ground to remove surface imperfections. 
The welding current range that tungsten electrodes can supply is based 
on their diameter, while for each electrode diameter a different shielding 
gas cup must be used, in order to maintain adequate flow rate. Current 
levels that exceed the specifications can cause the tungsten to erode or 
melt. In that case, tungsten particles can fall into the weld pool and 
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become defects in the weld joint. In contrast, low current values can 
cause arc instability. 
Direct current with the electrode positive (DCEP) requires a much 
larger diameter to support a given level of current because the tip is not 
cooled by the evaporation of electrons but heated by their impact. In 
general, a given electrode diameter in DCEP would be expected to handle 
only 10 % of the current possible with the electrode negative. With 
alternative current (AC), the tip is cooled during the electrode negative 
cycle and heated when positive. Therefore, the current carrying capacity 
of an electron on AC is between that of DCEN and DCEP. In general, it is 
about 50 % less than that of DCEN. 
3.3.2.3 Power Supplies 
Constant-current type power sources are used in GTA welding. Power 
required for both AC and DC GTAW can by supplied by transformer-
rectifier power supplies or from rotating AC or DC generators. Advantages 
in semiconductor electronics have made transformer-rectifier power 
sources popular for both workshop and field GTAW, but rotating-type 
power sources continue to be widely used in the field.  
GTAW power sources typically have either drooping or nearly true 
constant-current static output characteristics (Fig. 3.9). The static output 
characteristic is a function of the type of welding current control used in 
the power source design. A drooping volt-ampere characteristic is typical 
of a magnetically controlled power source designs including the moving 
coil, moving shunt, moving core reactor or magnetic amplifier designs and 
also rotating power source designs. A truly constant-current output is 
available from electronically controlled power sources. The drooping 
characteristic is advantageous for manual welding where a remote foot 
pedal control is not available at the site of welding. With a drooping 
characteristic, the welder may vary the current level slightly by changing 
the arc length. The degree of current control possible by changing the arc 
length can be inferred from Figure 3.9. 




Figure 3.9 Static Volt-Ampere characteristics for drooping and constant current power supplies [AWS 1991]. 
The advantages of magnetically controlled power sources are that they 
are simple to operate require little maintenance in adverse industrial 
environments and are relatively inexpensive. The disadvantages are that 
they are large in size and weight and have a lower efficiency compared to 
electronically controlled power sources. On the other hand, the 
advantages of electronically controlled power sources are that they offer 
rapid dynamic response, provide variable current waveform output, have 
excellent repeatability and offer remote control. The disadvantages are 
that they are more complex to operate and maintain and are relatively 
expensive. It is important to select a GTAW power source based on the 
type of current required for a particular application.  
As mentioned in previous section, the three possible welding current 
types are direct current (DC) with electrode negative (DCEN) or straight 
polarity (DCSP) and with electrode positive (DCEP) or reverse polarity 
(DCRP) and finally alternative current (AC).  
Hence, using DC current the tungsten electrode is connected either to 
the negative or to the positive terminal of the power source. The majority 
of the cases indicate DCEN, depending mostly on the material being 
welded. With that polarity, electrons flow from the electrode to the work 
and positive ions are transferred from the work to the electrode. In the 
Chapter 3 – Welding of Austenitic Stainless Steels 
100 
 
case of DCEP the directions of the electrons and the positive ions are 
reversed as shown in Figure 3.10 (a) and (b). 
 
Figure 3.10 Types of current polarities in GTAW; a) DCEN b) DCEP and c) AC [Kou 2003]. 
With DCEN and a thermionic electrode such as tungsten, approximately 
70 % of the heat is generated at the anode and 30 % at the anode. Since 
DCEN produces the greatest amount of heat at the base metal, for a given 
welding current, then it shall provide deeper penetration than DCEP. 
When the tungsten electrode is connected to the positive terminal (DCEP), 
a cathodic cleaning action is created at the surface of the base metal. This 
action occurs with most metals, but it is most important when welding 
aluminum, magnesium and most of all stainless steel, due to the fact that 
it removes the refractory oxide surface that inhibits wetting of the 
weldment by the weld metal. 
Unlike DCEN, in which the electrode tip is cooled by the evaporation of 
electrons, when the electrode is used as the positive pole, its tip is heated 
by the bombardment of electrons as well as by its resistance to their 
passage through the electrode. Therefore, to reduce resistance heating 
and increase thermal conduction into electrode collet, a larger electrode 
diameter is required for a given welding current when reverse polarity is 
used. The current carrying capacity of an electrode is approximately one 
tenth that of an electrode connected to the negative terminal. 
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An extension of the DC welding is the pulsed DC welding, which 
involves the repetitive variation in arc current from a background (low) 
value to a peak (high) value. Pulsed DC power sources typically allow 
adjustments of the pulse current time, background current time, peak 
current level and background current level to provide a current output 
suited to a particular application. In Figure 3.11(a), a typical pulsed 
current waveform is presented.  
 
Figure 3.11 (a) Typical pulsed DC and (b) High-frequency switched pulsed DC waveforms [AWS 1991]. 
In pulsed DC welding, the pulse current level is typically set at 2 to 10 
times the background current level. This combines the driving, forceful 
arc characteristics of high current with the low heat input of low current. 
The pulsed current achieves good fusion and penetration, while the 
background current maintains the arc and allows the weld area to cool.  
There are several advantages of pulsed current. For a given average 
current level, greater penetration can be obtained than with steady state 
current, which is useful on metals with extreme thermo-mechanical 
response due to the fact that distortion is minimized. In addition, due to 
the fact that there is insufficient time for significant heat flow during the 
short duration of a pulse, metals of dissimilar thickness usually respond 
equally and equal penetration can be achieved.  
A variation of pulsed DC welding is the high-frequency switched DC, 
which involves the application of direct current which is switched from a 
low level to a high-current level at a rapid, fixed frequency of 
approximately 20 kHz, as shown in Figure 3.11(b). High-frequency 
switched DC is useful in precision machine and automatic applications 
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where an arc with exceptional directional properties and stability is 
required. It is also used where stable a arc is needed at very low-average 
currents. The disadvantage of high-frequency switched DC is that the 
welding power sources are costly.  
The third type of welding current is alternative current (AC). AC 
undergoes periodic reversal in welding current polarity from electrode 
positive to electrode negative. Thus, AC can combine the work cleaning 
action of DCEP with the deep penetration of DCEN, as shown in Figure 
3.10(c). An issue rises, when the current decays to zero upon polarity 
change, different effects occur, depending on the polarity. When the 
thermionic tungsten electrode becomes negative, it supplies electrons 
immediately to reignite the arc. However, when the weld pool becomes 
negative, it cannot supply electrons until the voltage is raised sufficiently 
to initiate cold-cathode emission. Without this voltage the arc becomes 
unstable. There are several means to stabilize the arc during AC welding 
such as using high open circuit power supplies, discharging capacitors (at 
the appropriate time in the cycle), using high-voltage high-frequency 
sparks in parallel with the arc and using power supplies with a square 
wave output.  
3.3.2.4 GTAW Shielding Gases 
Shielding gas is directed by the torch to the arc and weld pool to protect 
the electrode and the molten weld metal from atmospheric contamination. 
Backup purge gas can also be used to protect the underside of the weld 
and its adjacent base metal from oxidation during welding.  
Argon (Ar) and helium (He) or mixtures of the two are the most 
common types of inert gas used for shielding during the GTAW process, 
while argon-hydrogen mixtures are used for special applications. 
Depending on the volume of usage, these gases may be supplied in high 
pressure cylinders or as liquid in insulated tanks.  
Pure argon is used more frequently than helium because of the 
following reasons: 
• Smoother, quieter arc action. 
• Reduced penetration. 
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• Cleaning action when welding materials such as aluminum and 
stainless steel.  
• Lower cost and greater availability. 
• Lower flow rates for good shielding. 
• Better cross-draft resistance. 
• Easier arc initiation. 
The reduced penetration of an argon shielded arc is particularly helpful 
when manual welding of thin material, because the tendency for 
excessive melt-through is lessened. However, the greater heating power 
of the helium arc can be advantageous for joining metals of high thermal 
conductivity and for high-speed mechanized applications. In addition, 
helium is preferred from argon in heavy plate welding. Mixtures of argon 
and helium are useful when some balance between the characteristics of 
both is desired.  
As mentioned earlier argon-hydrogen mixtures are employed in special 
cases, such as mechanized welding or light stainless steel tubing 
[Durgutlu 2004], where the hydrogen does not cause adverse 
metallurgical effects, such as porosity and hydrogen-induced cracking. 
Increased welding speeds can be achieved in almost direct proportion to 
the amount of hydrogen added in argon because of the increased arc 
voltage. However, the amount of hydrogen added in argon varies with the 
metal thickness and type of joint to be welded. Excessive hydrogen 
addition will ultimately cause porosity.  
3.3.3 Gas Metal Arc Welding (GMAW) 
The gas metal arc welding (GMAW) process incorporates the automatic 
feeding of a continuous, consumable electrode that is shielded by an 
externally supplied gas mixture, as shown in Figure 3.12. The only 
manual controls required by the welder for semiautomatic operation of 
the GMAW process are the travel speed, direction and gun positioning. 
Given proper equipment and setting, the arc length and the current, 
which regulates the wire feed speed, are automatically maintained.  




Figure 3.12 Gas metal arc welding process: a) overall process and b) welding area [Kou 2003]. 
For the GMAW process the basic equipment consists of the welding gun, 
the cable conductors, the GMAW power source, the wire feeder and the 
shielding gas supply (Fig. 3.12a). The welding gun guides the consumable 
electrode and conducts the electrical current and shielding gas to the 
work, thus providing the energy to establish and maintain the arc and 
melt the electrode as well as the needed protection from the ambient 
atmosphere.  
There are two combinations of electrode feed units and power sources 
used to achieve the desirable self-regulation of arc length. The most 
common combination is that of a constant-voltage power source 
(characteristically providing a flat voltage curve) in conjunction with a 
constant-speed electrode feed unit. Alternatively, a constant-current 
power source provides a drooping volt-amperage curve and the electrode 
feed unit is arc-voltage controlled. With the constant voltage/constant 
wire feed combination, changes in the torch position cause a change in 
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the welding current that exactly matches the change in the electrode 
extension (stick-out from the tip), thus the arc length remains fixed. In 
the alternative system, self-regulation results when arc voltage 
fluctuations readjust the control circuits of the feeder, which appropriately 
changes the wire-feed speed.  
All the above regulations that the welder must perform in order to 
produce sound welds using the GMAW process are deviated when it 
comes to automatic/robotic GMAW. 
3.3.3.1 Metal Transfer Mechanisms 
The melting and transfer of the consumable electrode in the weld pool is 
accomplished with three different mechanisms. These mechanisms are 
known as: a) Short circuit transfer, b) Globular transfer and c) Spray 
transfer. The type of transfer is determined by a number of factors. The 
most influential o f these factors are (1) the magnitude and type of 
welding current, (2) the electrode diameter, (3) the electrode 
composition, (4) the electrode extension and (5) the shielding gas used.  
The short circuit metal transfer encompasses the lowest range of 
welding currents and electrode diameters associated with GMAW. This 
type of transfer produces a small, fast-freezing weld pool that is generally 
suited for joining thin sections, for out-of-position welding and for 
bridging large root openings. Metal is transferred from the electrode to 
the work only during a period when the electrode is in contact with the 
weld pool. Otherwise no metal is transferred across the arc gap.  
The solid wire electrode contacts the molten weld pool in a range of 20 
to over 200 times per second. The sequences of events in the transfer of 
metal and the corresponding voltage and current are shown in Figure 
3.13. At point (A) the solid electrode contacts the molten puddle, while 
the arc voltage approaches zero and the current level increases. At point 
(B) the electromagnetic forces “pinch” or “neck” the electrode, while the 
voltage very slowly begins to climb before the detachment and the 
current continues to climb to a peak value. At point (C) the molten droplet 
is detached from the tip of the electrode. The current has reached its peak 
value and jet forces are applied to the molten puddle preventing the 
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reattachment with the electrode. At point (D) the welding arc is visible 
due to the highest value of the welding voltage, while the current 
maintains its background value. Finally, at point (E) the electrode makes 
again contact with the weld pool preparing to transfer another molten 
droplet.  
 
Figure 3.13 Schematic representation of short circuit metal transfer along with welding voltage and current oscillation [AWS 1991].  
Even though metal transfer occurs only during short circuiting, shielding 
gas composition has a dramatic effect on the molten metal surface 
tension. Changes in the shielding gas composition may dramatically affect 
the drop size and the duration of the short circuit. 
Globular transfer (Fig. 3.14a) readily occurs in DCEP when the current 
is relatively low, regardless of the shielding gas used. However, with 
carbon dioxide and helium, globular transfer takes place at all usable 
types of welding current. Globular transfer is characterized by a drop size 
with a diameter greater than that of the electrode. The large drop of 
molten metal is easily acted on by gravity, thus this transfer mechanism 
is limited to the flat welding position. 
At average currents, only slightly higher than that used in short circuit 
transfer, globular axially-directed transfer can be achieved in a 
substantially inert gas shield. If the arc length is too short, namely low 
voltage, the enlarging molten drop may short to the workpiece, become 
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superheated and disintegrate, thus producing considerable spatter. The 
arc must therefore be long enough to ensure the detachment of the 
molten drop before it contacts the weld pool. However, a weld made using 
the higher voltage is likely to be unacceptable because of lack of fusion, 
insufficient penetration and excessive reinforcement. This greatly limits 
the application of globular transfer mechanism in production applications.  
 
Figure 3.14 Metal transfer mechanisms: (a) Globular transfer; (b) Axial spray transfer [AWS 1991]. 
When the shielding gas used is an argon-rich mixture, it is quite possible 
to produce a very stable and spatter-free “axial spray” transfer mode, as 
shown in Figure 3.14(b). The axial spray mode requires the use of direct 
current and electrode positive (DCEP) and a current level above a critical 
value called the “transition current”. Below this current value, transfer 
occurs in the globular transfer mode, at the rate of a few large molten 
drops per second. However, above the transition current level, in the axial 
spray mode, the transfer occurs in the form of very small drops that are 
formed and detached at the rate of hundreds per second. These small 
drops are accelerated axially across the arc gap. The transition current, 
which is dependent on the liquid metal surface tension, is inversely 
proportional to the electrode diameter and, to a smaller degree, to the 
electrode extension. This critical current value varies with the filler metal 
melting temperature and the shielding gas composition. 
The spray transfer mode results in a highly directed stream of discrete 
drops that are accelerated by arc forces which overcome the effects of 
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gravity. Because of that, the process, under certain conditions, can be 
used in any welding position. In addition, the molten metal drops are 
smaller than the arc length, thus short circuits do not occur and spatter is 
negligible if not totally eliminated. Another characteristic of the axial 
spray transfer mode is the penetration shape, which it produces. The 
shape is considered quite deep, but it is affected by the magnetic fields 
that are present. Thus, the magnetic fields must be controlled, in order to 
keep the penetration at the center of the profile.  
Although, the axial spray mode can be applied to all types of alloys 
because of the inert characteristics of the argon shield, it presents 
difficulties when it comes to thin sheet welding. The main difficulty rises 
due to the high currents required for the axial spray mode. The resultant 
arc forces can cut through relatively thin sheets instead of welding them. 
Also, the characteristically high deposition rate may produce a weld pool 
too large to be supported by surface tension or overhead position. The 
work thickness and welding position limitations of spray arc transfer have 
been largely overcome with the special designed power supplies. These 
machines produce carefully controlled wave forms and frequencies that 
“pulse” the welding current. They provide two levels of welding current, 
one which is constant, namely a background current, sustaining the arc 
and one superimposed pulsing current with amplitude greater than that of 
the transition current.  
3.3.3.2 GMAW Shielding Gases 
Similarly to GTAW the primary function of the shielding gas is to exclude 
the atmosphere from contact with the molten weld metal. This necessity 
lies in the fact that most metals, when heated to melting point in air, 
exhibit a strong tendency to from oxides and, to a lesser extent, nitrides. 
Oxygen will also react with carbon in molten steel to form carbon 
monoxide and carbon dioxide. These varied reaction products may result 
in weld deficiencies, such as trapped slug, porosity and weld metal 
embrittlement.  
In addition to providing a protective environment, the shielding gas and 
flow rate also have a pronounced effect on the following: 
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• Arc characteristics. 
• Mode of metal transfer. 
• Penetration and weld profile. 
• Speed of welding. 
• Undercutting tendency. 
• Cleaning action. 
• Weld metal mechanical properties. 
The gases used in GMAW process are the inert gases, Argon and 
Helium, the active gases Carbon Dioxide and Oxygen and various 
mixtures of them.  
 Mixtures of Argon and Helium 
Pure argon shielding is used in many applications for welding 
nonferrous materials. The use of pure helium is generally restricted to 
more specialized areas because an arc in helium has limited arc stability. 
However, the desirable weld profile characteristics obtained with the 
helium arc are often the objective in using an argon-helium shielding gas 
mixture, as shown in Figure 3.15, which is an improved weld bead profile 
plus the desirable axial spray metal transfer that argon facilitates.  
 
Figure 3.15 Weld bead contour and penetration patterns for various shielding gases [AWS 1991]. 
In short circuiting transfer, argon-helium mixtures of from 60 to 90 
percent helium are used to obtain higher heat input into the base metal 
for better fusion characteristics. For some metals such as stainless and 
low alloy steels, helium additions are chosen instead of CO2 additions 
because CO2 may adversely affect the mechanical properties of the 
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deposit. Mixtures of argon and 50 to 70 percent helium increase the arc 
voltage, maintaining the same arc length, over that in pure argon. These 
gases are used for welding aluminum, copper and magnesium because 
the higher heat input reduces the effect of the high thermal conductivity 
of these base metals. 
 Oxygen and CO2 addition to Argon and Helium 
As mentioned previously, argon and, to a lesser extent, helium produce 
excellent results in nonferrous metal welding. However, when it comes to 
ferrous alloys, pure argon causes an erratic arc and a tendency for 
undercut to occur. Additions to argon of 1 to 5% oxygen or from 3 to 
25% CO2 produce a noticeable improvement in arc stability and freedom 
from undercut by eliminating the arc wander caused by cathode 
spattering. The optimum amount of oxygen or CO2 to be added to the 
inert gas is a function of the work surface condition (presence of mill scale 
or oxides), the joint geometry, the welding position or technique and the 
base metal chemical composition. Generally, 2 to 8% oxygen or 8 to 10% 
CO2 is considered a good compromise to cover a broad range of the 
previous variables.  
 
Figure 3.16 Relatively effect of oxygen versus CO2 additions to the argon shield [AWS 1991]. 
Carbon dioxide additions to argon may also enhance the weld bead 
appearance by producing a deeper weld profile, as shown in Figure 3.16. 
The additions of 1 to 9% oxygen to the shielding gas improve the fluidity 
of the weld pool, penetration and arc stability. The tendency to undercut 
increases, but greater oxidation of the weld metal occurs, with a 
noticeable loss of silicon and manganese. 
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Argon-carbon dioxide mixtures are used on carbon and low alloy steels 
and on stainless steels. Additions of carbon dioxide up to 25% raise the 
minimum transition current, increase spatter loss, deepen penetration and 
decrease arc stability. Ar-CO2 mixtures are primarily used in short 
circuiting transfer applications, but are also usable in spray transfer and 
pulse arc welding. A mixture of argon with 5% carbon dioxide has been 
used extensively for pulsed arc welding with solid carbon steel wires. 
Mixtures of argon, helium and carbon dioxide are favored for pulsed arc 
welding with solid stainless steel wires.  
 Multiple Shielding Gas Mixtures 
Gas mixtures of argon with 20% CO2 and 3 to 5% oxygen are versatile. 
They provide adequate shielding and desirable arc characteristics for 
spray, short circuit and pulse mode welding. Mixtures of argon, helium 
and CO2 are used with short circuiting and pulse welding of carbon and 
low alloy steels and with stainless steels. Mixtures in which argon is the 
primary constituent are used for pulse arc welding and those in which 
helium is the primary constituent are used for short circuiting arc welding. 
Finally, a mixture of argon, helium, CO2 and oxygen, commonly referred 
as “quad mix” is popular for high-deposition GMAW using the high-
current-density metal transfer type arc. This mixture will give good 
mechanical properties and operability throughout a wide range of 
deposition rates. Its major application is welding low alloy, high-tensile 
base metals, but it has been used on mild steel for high-production 
welding. Weld economics are an important consideration in using this gas 
for mild steel welding.  
3.3.4 Flux Cored Arc Welding (FCAW) 
Flux cored arc welding (FCAW) (Fig. 3.17) is an arc welding process that 
uses an arc between a continuous filler metal electrode and the weld pool. 
The process is used with shielding from a flux contained within the tubular 
electrode with, and rarely without, shielding gas from an externally 
supplied gas, and without the application of pressure.  




Figure 3.17 Gas-shielded flux cored arc welding process [AWS 1991]. 
The flux cored electrode is a composite tubular filler metal electrode 
consisting of a metal sheath and a core of various powdered materials. 
During welding an extensive slag cover is produced in the face of the weld 
bead. The feature that distinguishes the FCAW process from other arc 
welding processes is the enclosure of fluxing ingredients within a 
continuously fed electrode. The remarkable operating characteristics of 
the process and the resulting weld properties are attributable to this 
electrode development.  
FCAW offers two major process variations that differ in their method of 
shielding the arc and the weld pool from atmospheric contamination from 
oxygen and nitrogen. One type, self-shielded FCAW (Fig. 3.18), protects 
the molten metal through the decomposition and vaporization of the flux 
core by the heat of the arc. These electrodes find use mostly in outdoor 
welding constructions where the presence of strong winds could affect the 
protection of the shielding gas. The other type, gas-shielded FCAW (Fig. 
3.17), makes use of a protective gas flow in addition to the flux core 
action. With both methods, the electrode core material provides a 
substantial slag covering to protect the solidifying weld metal. Flux cored 
arc welding is normally a semiautomatic process. However, the process is 
widely used in automatic and robotic welding as well.  




Figure 3.18 Self-shielded flux cored arc welding process [AWS 1991]. 
The benefits of FCAW are achieved by combining three general features, 
(1) the productivity of continuous wire welding, (2) the metallurgical 
benefits that can derived from a flux and (3) a slag that supports and 
shapes the weld bead. In both variations of the FCAW process, which are 
depicted in Figures 3.17 and 3.18, the melting and deposition of filler 
metal and flux together with the formation of a slag covering the weld 
metal are emphasized.  
In the gas-shielded FCAW process the shielding gas, which is usually 
CO2 or a mixture of argon and CO2, protects the molten metal from the 
oxygen and nitrogen of air by forming an envelope around the arc and 
over the weld pool. Little need exists for de-nitrification of the weld metal. 
However, some oxygen may be generated from dissociation of CO2 to 
form carbon monoxide and oxygen. In the self-shielded method, shielding 
is obtained from vaporized flux ingredients which displace the air and by 
slag compositions that cover the molten metal droplets, in order to 
protect the molten weld pool during welding. Production of CO2 and 
introduction of deoxidizing and denitriding agents from flux ingredients 
right at the surface of the weld pool make self-shielded electrodes more 
tolerable to strong air current and more suitable for field work [Sato et al 
1997]. 
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3.3.4.1 Shielding Gas Mixtures 
Shielding gas mixtures used in FCAW may combine the separate 
advantages of two or more gases. The higher the percentage of inert gas 
in mixtures with CO2 or oxygen, the higher will be the transfer efficiencies 
of the deoxidizers contained in the core of the electrode. Argon is capable 
of protecting the molten weld pool at all welding temperatures. Its 
presence in sufficient quantities in a shielding gas mixture results in less 
oxidation than occurs with 100% CO2 shielding.  
The gas mixture commonly used in gas shield FCAW is 75% Argon – 
25% Carbon Dioxide. Weld metal deposited with this mixture generally 
has higher tensile and yield strengths than metal deposited with 100% 
CO2 shielding. When welding with this mixture, spray transfer-type arc is 
achieved. The Ar-CO2 mixture is primarily used for out-of-position 
welding, due to the fact that it has better operation capability and better 
arc characteristics than 100% CO2. 
The use of shielding gas mixtures with high percentage of inert gas for 
electrodes designed for CO2 shielding may cause an excessive buildup of 
manganese, silicon and other deoxidizing elements in the weld metal. 
Such higher alloy content of the weld metal will change its mechanical 
properties. Therefore, the electrode type must be crosschecked with the 
shielding gas used, in order to obtain the desired mechanical properties. 
Gas mixtures high in argon content, such as 95% Argon – 5% Oxygen, 
generally are not used with flux cored electrodes because the slag cover 
is lost.  
3.3.4.2 Flux-cored Electrode Wires 
Flux cored arc welding owes much of its versatility to the wide variety of 
ingredients that can be included in the core of a tubular electrode. The 
electrode usually consists of an alloy steel sheath, with similar chemical 
composition to the base metal, surrounding a core of fluxing and alloying 
materials (Fig. 3.19). The composition of the flux core will vary according 
to the electrode classification and the particular manufacturer of the 
electrode.  




Figure 3.19 Examples of cross sectional structures of flux cored wires [Sato et al 1997]. 
Most flux cored electrodes are made by passing steel strip through rolls 
that form into a U-shaped cross section. The formed strip is filled with a 
measured amount of granular core material (flux and alloys). The filled 
shape is then closed by closing rolls that round it and tightly compress the 
core material. The round tube is next pulled through drawing dies or rolls 
that reduce its diameter and further compress the core. The electrode is 
drawn to final size and then wound on spools or in coils.  
Manufacturers generally consider the precise composition of their cored 
electrodes to be proprietary information. By proper selection of the 
ingredients in the core (in combination with the composition of the 
sheath), the following are possible: 
1) Produce welding characteristics ranging from high deposition rates 
in the flat position to proper fusion and bead shape in the overhead 
position. 
2)  Produce electrodes for various shielding mixtures and for self-
shielding. 
3) Vary alloy content of the weld metal from mild steel for certain 
electrodes to high alloy stainless steel for others. 
The type of filler used affects the welding process, the appearance of 
the weld and the mechanical properties of the weld metal. The core 
mixture usually consists of powdered metal and alloys and of mineral 
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slag- and gas-generating constituents. The main flux components are 
compounds of silicon, manganese, aluminum, titanium and zirconium. 
These elements serve as deoxidizing and denitrifying elements. the 
usually alloying elements are nickel, vanadium, chromium, cobalt, 
manganese and silicon. These elements increase strength, hardness and 
resistance to corrosion and heat, in addition they increase creep strength. 
To ensure uniformity of chemical composition, the powder is sintered prior 
to the filling operation, as mentioned earlier. In the case of self-shielding 
FCAW wires, the main constituents of the powder fill, apart from the 
metallic components, are carbonates and fluorides of the alkaline-earth 
and the potassium group of metals [Slania & Meka 1998].  
The primary functions of the flux core ingredients are to do the 
following: 
• Provide the mechanical, metallurgical and corrosion resistance 
properties of the weld metal by adjusting the chemical composition. 
• Promote weld metal soundness by shielding the molten metal from 
oxygen and nitrogen in the atmosphere. 
• Scavenge impurities from the weld metal by use of fluxing 
reactions. 
• Produce a slag cover to protect the solidifying weld metal from the 
air and to control the shape and appearance of the bead in the 
different welding positions for which the electrode is suited.  
• Stabilize the arc by providing a smooth electrical path to reduce 
spatter and facilitate the deposition of uniformly smooth, properly 
sized beads.  
In mild and alloy steel electrodes, a proper balance of deoxidizers and 
denitrifiers must be maintained to provide a sound weld deposit with 
adequate ductility and toughness. Deoxidizers, such as silicon and 
manganese, combine with oxygen to form stable oxides. This helps to 
control the loss of alloying elements through oxidation and the formation 
of carbon monoxide which otherwise could cause porosity. The 
denitrifiers, such as aluminum, combine with nitrogen and tie up as stable 
nitrides. This prevents nitrogen porosity and the formation of other 
nitrides which might be harmful.  
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3.3.4.3 Comparison of FCAW wires to GMAW wires 
The FCAW process employs the same equipment with the GMAW process. 
In both cases a GMAW power supply, a wire feeder and, in the case of 
gas-flux-cored wires, a shielding gas is used. The comparison between 
the two processes, namely between the two wire types, is inevitable. The 
superiority of the FCAW wires is generally accepted mostly due to their 
efficiency. More specifically, even if FCAW wires are more expensive to 
purchase, they are more cost-effective, due to their high welding 
efficiency.  
The main criterion for the higher efficiency of FCAW wires is that of the 
increased welding speed, namely their high deposition rate. The GMAW 
power sources that are used in both processes are usually voltage-
regulated (constant-voltage) power sources. With this type of machine, 
welding current is controlled with a remote control, but the remote control 
is not for setting values for the welding current itself but for setting the 
rate of the wire feeding. The welding current is determined of how easy 
the wire melts. Accordingly, if welding is executed setting the control at 
the same position, both flux-cored and solid wires are fed at the same 
speed. Therefore, since flux-cored wires, which are covered with a thin 
sheath, melt more easily, the current reading shows lower values.  
In order, to make the welding current the same level for both types, it 
is necessary to set the wire feeding rate for flux-cored wires at higher 
levels. The flux-cored wire melts more easily and hence welding efficiency 
is increased. This can be also observed in Figure 3.20, where the 
deposition rates of flux-cored wires and solid wires are compared. The 
deposition rate with metal group flux-cored wires, namely less flux, is 
higher because the use of such wires induces less slag to form and hence 
a higher quantity of wire is deposited. 
Furthermore, in vertical and overhead positions, welding can be 
performed with higher current than solid wires are used to, which leads to 
an improvement in welding efficiency too.  




Figure 3.20 Comparison of efficiency of FCAW and GMAW wires [Sato et al1997]. 
The higher deposition rate can also be attributed to the fact that flux-
cored wires produce quite less spatter than solid wires do. Spatter is 
produced mainly in CO2 shielded arc welding because short circuit occurs 
between the droplets formed at the tip of the wire and the molten pool on 
the base metal side. Also the droplets are blown off by forces of the arc 
before they are transferred to the molten pool and when the droplets at 
this time are large, spatter particles also become larger in size. Hence, 
spatter becomes less when droplets do not short-circuit and can transfer 
to the molten weld pool at a small size.  
One of the factors affecting the transfer of droplets is surface tension. 
The surface tension of droplets can be changed varying by the 
composition of the flux. When ingredients such as rutile in a slag former 
and ferrosilicon in a deoxidant are increased but ingredients such as 
calcium fluoride are decreased, droplets become smaller and in welding 
with high current, transfer occurs in spray mode, reducing spatter to low 
levels. As shown in Figure 3.21, the occurrence of spatter with flux-cored 
wire is less than that with solid wire in most of the current regions. At 
high current levels even the GMAW with CO2 shielding gas is turning to 
axial spray mode, reducing the spatter.  




Figure 3.21 Spatter produced in CO2 shielded FCAW and GMAW [Sato et al1997]. 
3.3.5 Submerged Arc Welding (SAW) 
Submerged arc welding (SAW), similar to GMAW and FCAW, produces 
coalescence of metal by heating them with an arc between a bare metal 
electrode and the base metal. The arc and the molten metal are 
“submerged” in a blanket of granular fusible flux on the base metal. 
Pressure is not used and filler metal is obtained from the electrode and 
sometimes from a supplemental source such as a welding rod or metal 
granules. The flux, in which the arc is submerged, is a detrimental factor 
in the SAW process for the following reasons: 
1) The stability of the arc depends on the flux. 
2) Mechanical and chemical properties of the final weld deposit can 
be controlled by the flux. 
3) The quality of the weld may be affected by the care and handling 
of the flux.  
In submerged arc welding, as shown in Figure 3.22, the end of a 
continuous bare wire electrode is inserted into a mound of flux that covers 
the area or joint to be welded. An arc is initiated and a wire feeding-
mechanism then begins to feed the electrode wire towards the joint at a 
controlled rate and the feeder is moved manually or automatically along 
the weld seem. Fro machine or automated welding the work may be 
moved beneath a stationary wire feeder. 




Figure 3.22 Submerged arc welding process: a) overall process and b) welding area [Kou 2003]. 
Additional flux is continuously fed in front of and around the electrode and 
continuously distributed over the joint. Heat evolved by the electric arc 
progressively melts some of the flux, the end of the wire and the adjacent 
edges of the base metal, creating a pool of molten metal beneath a layer 
of liquid slag. The melted bath near the arc is a in a highly turbulent 
state. Gas bubbles are quickly swept to the surface pool. The flux floats 
on the molten metal and completely shields the welding zone from the 
atmosphere. 
The liquid flux may conduct some electric current between the wire and 
base metal, but an electric arc is the predominant heat source. The flux 
blanket on the top surface of the weld pool prevents atmospheric gases 
from contaminating the weld metal and dissolves impurities in the base 
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metal and electrode and floats them to the surface. The flux can also add 
or remove certain alloying elements to or from the weld metal. 
As the welding zone progresses along the seam, the weld metal and 
then the liquid flux cool and solidify, forming a weld bead and a protective 
slag shield over it. It is important that the slag is completely removed 
before making another weld pass.  
Submerged arc welding is a versatile production welding process 
capable of making welds with currents up to 2000 amperes, AC or DC, 
using single or multiple wires or strips of filler metal. Both AC and DC 
power sources may be used on the same weld at the same time.  
3.4 Welding Metallurgy of Austenitic Stainless Steels 
The austenitic stainless steel weld metal is typically of poorer quality than 
the base metal, due to solute segregation upon solidification or 
microstructural inhomogeneities. It is evident that this is an issue for the 
as-welded austenitic stainless steel alloys used in service. The final 
microstructure of the weld metal may affect a number of properties, such 
as corrosion resistance, high temperature cracking behavior, etc. It is 
evident that a great deal of research has been conducted, in order to 
determine the solidification behavior and final microstructure of austenitic 
stainless steel wed metal. 
 The weld metal microstructure of the austenitic stainless steel at 
ambient temperature is dependent both on the solidification behavior and 
subsequent solid-state transformations. All austenitic stainless steels may 
solidify as primary ferrite or primary austenite, depending on the alloy 
composition and under equilibrium conditions, primary ferrite transforms 
completely to austenite, which is stable at ambient conditions. However, 
at rapid cooling conditions, such as welding, this transformation is 
suppressed and some residual ferrite may exist in the final 
microstructure. Small changes in composition within a given alloy may 
promote a shift from primary ferrite to primary austenite, while different 
cooling rates may influence the final amount of δ-ferrite at room 
temperature in the weld metal microstructure. 
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The thermal properties of austenitic stainless steel grades play a 
detrimental role in the overall thermal cycle during the welding process 
and upon cooling. The results of uneven heating and prolonged stay at 
high temperatures may result in various metallurgical phenomena in the 
fusion zone (FZ) and heat affected zone (HAZ) that degrade the 
properties of the weld and make them unsuitable for any application.  
3.4.1 Fusion Zone Microstructure Evolution and Morphology 
The solidification of the weld metal begins at the fusion zone boundaries, 
where the base metal has partially melted and upon cooling it solidifies 
rapidly towards the center of the weld pool. Regardless the existence of 
filler metal, in fusion welding the existing base metal grains at the fusion 
line act as the substrate for nucleation [Kou 2003]. Since the liquid metal 
of the weld pool is in intimate contact with these substrate grains and 
wets them completely, crystals nucleate from the liquid metal upon 
substrate grains without difficulties. Thus nucleation occurs by arranging 
atoms from the liquid metal upon the substrate grains without altering 
their existing crystallographic orientations. Such a growth initiation 
process is known as epitaxial growth or epitaxial nucleation [Inoue et al 
1998] and is shown in Figure 3.24. 
 
Figure 3.24 Epitaxially grain growth at fusion boundaries [Kou 2003]. 
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The epitaxial grain growth is observed in rapid cooling. However, Hunter 
and Ferry [2002] conducted simulations of direct strip casting (DSC) of 
austenitic stainless steel AISI 304 and observed the same behavior. The 
length of the epitaxial grain growth is affected by several factors. The 
existence of filler metal does not encourage this type of grain growth, 
mostly due to slight differences in chemical composition to the base 
metal. Autogenously welded metals are more prone to exhibit longer 
epitaxial grain growth length at their fusion boundary. Another factor is 
the heating input, which can result in fast or slow cooling rates. The 
dependence of crystal orientation on heat input can be seen in Figure 
3.25, where a schematic representation of weld pool solidification at 
different welding speeds is presented. 
 
Figure 3.25 Solidification morphology of weld metals at (a) slow and (b) high welding speed [Nishimoto 2001]. 
It is evident, that at low welding speeds, as the solidification progresses, 
the columnar crystals gradually change their growth direction, while at 
higher welding speeds, as applied in laser welding columnar crystal 
growth takes place in a straight line, involving columnar crystals growing 
from opposite directions colliding with each other on the bead centerline. 
The influence of the heat input on the length of the epitaxial growth was 
discussed also by Silva et al [2009].  
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As Nishimoto [2001] stated, near the fusion boundary the temperature 
gradient has a high value, while the solidification rate has a low value, so 
that planar interface solidification and cellular solidification readily occur. 
In the center of the weld pool, the exact opposite occurs, since the 
temperature gradient has a small value, while the solidification rate 
increases resulting in a dendrite solidification structure. Thus, as the 
solidification front moves to the center of the weld pool, the orientation of 
the grain growth changes, leading to a competitive dentridic growth in the 
melt [Fukumoto & Kurz 1997; 1998; Iamboliev et al 2003]. 
The forms of the grain growth in the weld metal upon solidification, 
previously described, are not affected by the phase or phases that are 
present in the weld metal microstructure. As mentioned previously, 
austenitic stainless steel can solidify as primary austenite or primary 
ferrite, while their final microstructure at room temperature can be a 
mixture of both phases, based on their chemical composition and the 
cooling rate. There are four solidification and solid-state transformations 
possibilities in austenitic stainless steels weld metals [Lippold & Kotecki 
2005], which have been a subject of investigation by many researchers 
[Inoue et al 1997a; 1997b; Ferrandini et al 2006; Iamboliev et al 2003]. 
These four possibilities can be interpreted to the four possible 
solidification modes of austenitic stainless steel weld metals (Fig. 3.26), 
which are based on the primary solidification phase and to the amount of 
the secondary phase formed upon cooling to room temperature.  
 
Figure 3.26 Schematic representations of the solidification modes [Raj et al 2006]. 
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The solidification modes, reactions and resultant microstructures are 
briefly presented in Table 3.6. 
Table 3.6 Solidification modes, reactions and resultant microstructures [Lippold & Kotecki 2005]. 
Solidification Mode Reaction Resultant Microstructure 
 
A (Fully Austenitic) 
 
L  L + A  A Fully austenitic, columnar grains.  
AF (Austenitic-Ferritic) L  L + A  L + A + (A + F)eut  A + Feut Ferrite at cell and dendrite boundaries. 
 
FA (Ferritic-Austenitic) 
 L  L + F  L +F + (F + A)per/eut  F + A Skeletal/vermicular and/or lathy ferrite from ferrite-to-austenite transformation. 
 
F (Fully Ferritic) 
 
L  L + F   F  F + A Acicular ferrite or ferrite matrix with Windmanstätten austenite at grain boundaries. 
The solidification modes and reactions are mostly associated with the 
pseudobinary Cr-Ni diagram at 70 wt% Fe (Fig. 3.27). Although the 
specific diagram cannot be considered accurate at temperatures below 
800oC [Slania 2004], it can provide a useful insight to the solidification 
reactions and resultant microstructures of austenitic stainless steel weld 
metals.  
 
Figure 3.27 Relationship of solidification type to the pseudobinay diagram [Lippold & Kotecki 2005]. 
It can be readily noted that solidification modes A and AF are associated 
with primary austenite solidification, while FA and F modes have δ-ferrite 
as primary solidification phase. Following solidification, additional 
microstructural modification (transformation) occurs in the solid state 
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mostly for the FA and F modes, due to the instability of the ferritic phase 
at lower temperatures.  
The primary δ-ferrite microstructures result from micro-segregation 
during solidification, followed by solid state transformation controlled by 
diffusion during subsequent cooling. During transformation, chromium in 
the ferrite segregates, as does nickel in austenite. Thus, firstly, chemical 
composition (through Creq/Nieq ratio) and secondly, solidification/cooling 
rate influence the primary solidification mode which develops and 
subsequent transformation into solid state. This will, in turn, determine 
the microstructure present at ambient temperature, which may show 
some amount of retained δ-ferrite with a given morphology [Bilmes et al 
1996].  
3.4.1.1 Type-A Solidification Mode 
The A-mode solidification is resulted upon primary austenite solidification. 
As mentioned in the previous section, when solidification occurs as 
primary austenite there are two possibilities. Thus, either the weld metal 
shall exhibit a fully austenitic microstructure at ambient temperature or 
some residual δ-ferrite shall be present in the microstructure.  
If the microstructure remains fully austenitic at the end of solidification, 
namely when no liquid phase is present, it will remain austenitic upon 
cooling to room temperature and exhibit a distinct solidification structure, 
which is fully austenitic, as shown in Figure 3.28. This is defined as A-
mode solidification, while the solidification substructure, such as cells and 
dendrites, is readily apparent in the final microstructure. 
 
Figure 3.28 Type-A solidification microstructure [Lippold & Kotecki 2005]. 
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 This microstructure formation is evident of the competitive grain growth, 
which follows the epitaxial grain growth at the fusion boundaries. This 
was, also, the case in the study of Zambon et al [2006], who studied the 
laser welding of superaustenitic AISI 904L stainless steel. The particular 
alloy is fully austenitic due to its high nickel content and it can be noted 
from Figure 3.29 that the orientation of the grain growth starts at the 
fusion boundaries epitaxially, for a short length, and as the solidification 
progresses changes direction towards the weld pool surface becoming 
competitive and creating cells and dendrites.  
 
Figure 3.29 Grain growths at (a) fusion boundary and (b) weld metal [Zambon et al 2006]. 
However, in the case of GTA spot weld on an AISI 310S austenitic 
stainless steel alloy, which produced a fully austenitic weld metal 
microstructure, studied by Iamboliev et al [2003] the orientation of grain 
growth was not forced to change due to any solidification rate fluctuations 
and single grain microstructure was produced. 
The distinct microstructure and substructure of a fully austenitic weld 
metal is readily noted due to the segregation of impurity and alloying 
elements that occurs during solidification and relatively low diffusivity of 
these elements at elevated temperatures at the cell and dendrite 
boundaries. Usually, Cr and Ni from the alloying elements are found at 
the cell and dendrite boundaries [Inoue et al 1997a]. 
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3.4.1.2 Type-AF Solidification Mode 
The type-AF solidification occurs, if some ferrite is formed at the end of 
solidification process, via a eutectic reaction. In order to have AF 
solidification, sufficient ferrite-promoting elements, primarily Cr and Mo, 
must segregate at the cell and dendrite boundaries and promote ferrite as 
a terminal solidification product-phase in the solid solution.  
The eutectic reaction occurs in the small triangular region, in the 
pseudobinary Cr-Ni diagram, where liquid, austenite and ferrite coexist. A 
characteristic AF weld metal microstructure is presented in Figure 3.30, 
where it can be readily observed that the solidified ferrite is deployed at 
the cell and grain boundaries, exhibiting a globular or cellular 
morphology.  
 
Figure 3.30 Type-AF solidification microstructure [Lippold & Kotecki 2005]. 
The formation of ferrite, basically the shift of A-mode to AF-mode, is 
solely based on the chemical composition and the solute segregation 
during solidification. This was evident in the investigation of Ferrandini et 
al [2006], who studied the directional solidification of austenitic stainless 
steel AISI 316L. Based on the alloy’s chemical composition, A-mode 
solidification was expected, however, due to solute segregation the 
Creq/Nieq increased at the end of solidification and a shift in the 
solidification mode occurred (Fig. 3.30).  




Figure 3.30 Increase of Creq/Nieq at the end of solidification indicating the formation of stable ferrite [Ferrandini et al 2006]. 
The low ratio at the beginning of solidification denotes the primary 
austenitic phase, while the higher ratio at the end of solidification clearly 
shows that sufficient ferrite-promoting elements (mainly Cr and Mo) are 
segregated at the grain boundaries to form stable eutectic ferrite. The 
ferrite that forms along the boundary is relatively stable and resists 
transformation to austenite upon cooling, since it is already enriched in 
ferrite-promoting elements [Lippold & Kotecki 2005]. However, no 
increase in ferrite content is observed upon cooling to ambient 
temperature, so as mentioned earlier the final morphology of ferrite is 
globular or elongated stringers at the interdendritic or intercellular regions 
without the formation of secondary arms.  
3.4.1.3 Type-FA Solidification Mode 
In the pseudobinary diagram (Fig. 3.27) an unofficial point has been set 
in order to dissociate alloys that solidify as primary austenite from those 
which solidify as primary ferrite. The peak of the small triangular region is 
considered to be a detrimental point for the shifting in primary-phase 
solidification. Such an observation has been achieved by Elmer et al 
[2000], who used time resolved X-ray diffraction during solidification and 
cooling of an AISI 304 alloy. They managed to capture the presence of 
primary δ-ferrite in the melt for a few milliseconds before austenite 
solidified as the secondary phase. Although, a large volume of ferrite 
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transformed to austenite upon cooling, the solidification is considered to 
have occurred as primary-δ. Thus, it is termed FA solidification mode.  
However, this is rarely the case in primary ferrite solidification mode. 
When solidification occurs as primary ferrite there are also two 
possibilities as in primary austenite. If some austenite forms at the end of 
solidification, it is then termed FA solidification. This austenite forms via a 
peritectic and/or a eutectic reaction at the ferrite solidification boundaries 
at the end of solidification. The sequence, coexistence and influence in 
subsequent solid state transformation of these reactions have been an 
issue for many researchers.  
The austenite that has formed during solidification is concentrated at 
the interdendritic grain boundaries of ferrite. In the case, in which no 
austenite has formed until solidification ends, the mode is shifted from FA 
to F, namely fully ferritic. The complete absence of austenite during 
solidification is attributed to compositional factors. High Creq/Nieq ratios 
are sufficient to suppress the austenite formation in the triangular region 
of the pseudobinary diagram.  
However, in FA mode as the metal cools down through the two-phase 
δ-ferrite + austenite field, in the pseudobinary diagram, the ferrite phase 
becomes increasingly unstable and the austenite begins to consume the 
ferrite via a diffusion-controlled reaction. The diffusion across the 
austenite-ferrite interface controls the rate and nature of transformation 
[Lippold and Kotecki 2005]. When transformation is complete at ambient 
temperature the austenite has consumed a large portion of ferrite, while 
some ferrite remains on the middle of the original grain. There are usually 
two ferrite morphologies, which are termed skeletal (also known as 
vermicular) (Fig. 3.32a) and lathy ferrite (Fig.3.32b), in the final 
microstructure. 




Figure 3.32 Type-FA solidification microstructure; (a) skeletal and (b) lathy ferrite [Lippold and Kotecki 2005]. 
The origin of these two resultant morphologies is interpreted by several 
researchers in a different manner. Lippold and Kotecki [2005] consider 
that the two morphologies are dependent on the cooling rate and/or the 
Creq/Nieq ratio, namely the chemical composition. Hence, when cooling 
rates are moderate and/or the Creq/Nieq ratio is low, but still within the FA 
range, a skeletal ferrite morphology results. On the other hand, when 
cooling rates are high and/or the Creq/Nieq ratio is high, lathy ferrite 
morphology shall result. This has been also confirmed by Silva et al 
[2009b] who obtained both ferrite morphologies for different weld heat 
input values. Higher heat input resulted in skeletal/vermicular ferrite, 
while lower heat input values produced lathy ferrite.  
Another explanation, mainly crystallographically, is given by Inoue et al 
[1997b], involving the austenite eutectic and peritectic reaction during 
solidification. While, Kotecki and Lippold [2005] consider the peritectic-
eutectic reactions to act as a single reaction, which is composition 
dependent, Inoue et al [1997b] state that these reactions are the 
explanation to the different ferrite morphologies. Thus, when austenite 
forms by a eutectic reaction, between the primary δ and eutectic γ, the 
[100]δ direction of ferrite and the [100]γ direction of austenite establish a 
virtually parallel relationship, which agrees with the solidification growth 
direction, but no specific plane-parallel relationship can be proved. During 
the cooling process and after solidification, the austenite grows into 
primary ferrite epitaxially from the eutectic γ and the crystallographic 
characteristics formed during solidification are maintained down to room 
(a) (b) 
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temperature as they stand, with final ferrite being skeletal at the dentrite 
center. When austenite forms by a peritectic reaction, a K-S (Kurdjumov-
Sachs) crystallographic orientation relationship is established between the 
primary-δ and peritectic-γ, but the solidification of austenite deviates 
slightly from the [100]γ direction as the preferential growth direction of 
austenite, and the respective [100] directions of primary-δ and peritectic-
γ produce minor deviations from a parallel relationship. During the cooling 
process after solidification, austenite grows epitaxially into the primary-δ 
form the peritectic-γ, and the crystallographic characteristics formed 
during solidification are maintained down to room temperature as they 
stand. The peitectic-γ, however, bears a K-S relationship with primary-δ, 
so that the final morphology is lathy at the dentrite center.  
Generally, in normal welding conditions, the presence of both ferrite 
morphologies can coexist in the FA solidification mode, as shown in Figure 
3.33. The results from the work of Ma et al [2007] on the microstructural 
evolution and the solidification of an AISI 304 austenitic stainless steel 
have revealed in the FA solidification mode both morphologies at different 
regions of the final microstructure. The existence of both morphologies 
was verified also by Iamboliev et al [2003] in GTA welds and Hunter and 
Ferrry [2002] DSC (Direct Strip Casting) of the same austenitic alloy. This 
binary morphology is explained by Bilmes et al [1996] as local 
fluctuations in composition and/or local variations in cooling conditions, 
which could arise during the welding process.  
 
Figure 3.33 FA solidification mode with skeletal and lathy ferrite morphology [Bilmes et al 1996]. 
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When solidification and cooling rates are extremely high, such as during 
laser or electron beam welding, a complete transformation from ferrite to 
austenite may be possible due to a diffusionless, “massive” 
transformation. A shift in primary solidification mode from ferrite to 
austenite may also occur at high solidification rates. 
3.4.1.4 Type-F Solidification Mode 
If solidification occurs completely as ferrite, it is termed type F. In this 
case the microstructure is fully ferritic at the end of solidification. When 
the metal cools below the ferrite solvus and enters the δ + γ field, 
austenite forms within the microstructure usually first at the ferrite grain 
boundaries. Because the structure was fully ferritic in the solid state 
between the solidus and ferrite solvus, diffusion eliminates most or all 
composition gradients resulting from solidification, and thus, when the 
transformation starts, the microstructure consists of large relatively 
homogenous ferrite grains.  
The degree of transformation to austenite depends on Creq/Nieq ratio 
and cooling rate. At low Creq/Nieq values within the F range, the 
transformation begins at higher temperature and at low to moderate weld 
cooling rates, much of the ferrite is consumed. With higher cooling rates, 
diffusion is suppressed and the austenite will not consume as much of the 
ferrite. Similarly, if Creq/Nieq value is increased within the F range, the 
ferrite solvus is depressed and transformation will occur at lower 
temperatures. In both cases, weld metals with high ferrite contents will 
result.  
The microstructure that forms as a result of the F-mode solidification in 
austenitic stainless steels again is a function of composition and cooling 
rate. At low Creq/Nieq values within the F range an acicular ferrite structure 
will form within the ferrite grains, as shown in the schematic of Figure 
3.34a. It is notable that continuous austenite networks are present at the 
prior ferrite grain boundaries and that acicular ferrite is no longer 
contained within the bounds of the original ferrite dendrites. This occurs 
because of the absence of austenite within the ferrite grains during the F-
mode solidification type. 




Figure 3.34 Schematic of F-mode solidification: (a) acicular ferrite; (b) ferrite and Windmastätten austenite [Lippold & Kotecki 2005]. 
The structure is completely ferritic in the solid state before the 
transformation to austenite begins. When this structure cools below the 
ferrite solvus, austenite forms at the ferrite grain boundaries. Then, the 
transformation front breaks down and parallel needles of austenite form 
within the ferrite. Thus, the acicular structure is produced.  
At higher Creq/Nieq values, considering however the same cooling rate, 
the microstructure shall consist of a ferrite matrix with grain boundary 
austenite and Windmastätten austenite plates that nucleate at the grain 
boundary austenite or within the ferrite grains. This microstructure is 
presented schematically in Figure 3.34b and in a micrograph in Figure 
3.35. In this case, transformation does not occur entirely across the 
ferrite grain. Initial austenite forms at the ferrite grain boundary, but 
transformation is suppressed by lower diffusion rates and lower driving 
force, since the equilibrium microstructure contains more ferrite. This can 
be interpreted by the pseudobinary Cr-Ni diagram, whereas Creq/Nieq 
increases, the ferrite solvus decreases and the equilibrium ferrite content 
increases, thus reducing the driving force for the ferrite-to-austenite 
transformation and the temperature at which the transformation begins.  




Figure 3.35 FZ microstructure resulting from F-mode solidification; Windmastätten austenite nucleates along ferrite grain boundaries [Lippold & Kotecki 2005]. 
However, in practice, the F-mode solidification is extremely unusual in 
austenitic stainless steel weld metals. Most filler metals are formed such 
that solidification occurs in the FA mode, so that the beneficial properties 
of some ferrite are acquired. Type F solidification mode is more common 
in the duplex stainless steel grades.  
3.4.2 Interfaces in Austenitic Stainless Steel Weld Metals 
The importance of the nature and origin of various boundaries, or 
interfaces, in austenitic stainless steel weld metals lies in the fact that 
they are prone to become preferential sites for precipitation, impurity 
segregation and various defects. These boundary-defects, associated with 
the fusion zone, may be formed during fabrication or in service, thus, 
degrading the weld metal properties.  
Boundaries are more easily identified in weld metals that are primarily 
austenitic, namely solidified in the A and AF mode. This is due to the fact 
that the ferrite that forms in the AF mode is located at the grain 
boundaries denoting their size and orientation. In the A mode, due to the 
competitive growth of the austenitic grains, the grain boundaries are 
strongly pronounced. The almost impossible identification of grain 
boundaries and interfaces is encountered in the FA solidification mode. As 
mentioned in previous sections, austenite forms along the ferrite grain 
boundaries, however, during weld cooling and after complete solidification 
Chapter 3 – Welding of Austenitic Stainless Steels 
136 
 
austenite consumes ferrite leaving only evidence of δ on the grain center. 
Thus, any distinct trail of the originally solidified grain disappears during 
solid state δ  γ transformation. 
 
Figure 3.36 Schematic of boundaries in A and AF welds [Lippold and Kotecki 2005]. 
In Figure 3.36, a schematic of the three different types of boundaries that 
are found in austenitic stainless steel weld metals is presented. These 
interfaces are termed Solidification Grain Boundaries (SGB), which 
represent the 1st level of interface distinction, Solidification Subgrain 
Boundaries (SSGB), which is the finest structure that can be observed 
through optical microscopy and Migrated Grain Boundaries (MGB), which 
represent deflected SGBs. An example of these interface types in a single-
phase type AISIS 304L austenitic stainless steel weld metal is presented 
in Figure 3.37. 
 
Figure 3.37 FZ microstructure of Type 304L that has undergone A-type solidification [Lippold and Kotecki 2005]. 
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3.4.2.1 Solidification Subgrain Boundaries (SSGB) 
The solidified subgrains represent the finest microstructure that can be 
resolved in the optical microscope. These subgrains are normally present 
as cells or dendrites and the boundary separating adjacent subgrains is 
known as solidification subgrain boundary (SSGB). These boundaries are 
evident in the microstructure because their composition is different from 
that of the bulk microstructure.  
There is little crystallographic misorientation across the SSGB and 
these boundaries are characterized crystallographically as low-angle 
boundaries. The low angular misorientation, approaching almost zero, 
results from the fact that subgrain growth occurs along preferred 
crystallographic directions, or easy growth directions. In FCC and BCC 
metals, these are [100] directions. Because of this, the dislocation density 
along the SSGB is generally low since there is not a large structural 
misorientaion to accommodate.  
3.4.2.2 Solidification Grain Boundaries (SGB) 
The solidification grain boundaries (SGB) result from the intersection of 
packets, or groups, of subgrains. Thus, SBGs are the direct result of 
competitive growth [Inoue et al 1998; Iamboliev et al 2003] that occurs 
during solidification along different growth direction and orientation, their 
intersection results in a boundary with high angular misorientaion. These 
are often called high-angle grain boundaries. This misorientation results in 
the development of a dislocation network along the SGB. 
The SGB also exhibits a compositional component resulting from solute 
redistribution during solidification, which often results in high 
concentrations of impurity elements at the SGBs. These compositions may 
lead to the formation of low-melting liquid films along the SGBs at the 
conclusion of solidification that can promote weld solidification cracking [Li 
& Messler 1999; Iamboliev et al 2003]. When weld solidification cracking 
occurs in stainless steels, it is almost always along SGBs. 
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3.4.2.3 Migrated Grain Boundaries (MGB) 
The SGB that forms at the end of solidification has both a compositional 
and a crystallographic component. In some situations, it is possible for 
the crystallographic component of the SGB to mitigate away from the 
compositional component. This new boundary that carries with it the high-
angle misorientation of the “parent” SGB is called migrated grain 
boundary (MGB). 
The driving force for migration is the same as for simple grain growth 
in base metals, namely a lowering of boundary energy [Lippold & Kotecki 
2005]. The original SGB is quite tortuous since it forms from the 
intersection of opposing cells and dendrites. The crystallographic 
boundary can lower its energy straightening and, in process, it pulls away 
from the original SGB. Further migration of the boundary is possible 
during reheating, such as during multipass welding. Because it carries the 
crystallographic misorientation of the SGB with it, the MGB represents a 
high-angle boundary, normally with misorientations greater than 30°. The 
composition of the MGB varies locally depending on the composition of 
the microstructure where it has been migrated. Basically, when grain 
boundaries migrate, no redistribution of elements ensues and only the 
crystallographic component alters [Inoue et al 1997a]. 
MGBs are most prevalent in fully austenitic weld metals [Lee et al 
2009b]. When the metal undergoes AF solidification, ferrite forms at the 
end of solidification along The SGBs and SSGBs. This ferrite is effective in 
restraining the crystallographic component of the SGB, thus preventing it 
from migrating away from the parent SGB.  
3.4.3 Weld Metal Constitution Prediction 
The ability to predict the constitution of stainless steel weld metals is of 
great importance and it has been a subject of investigation for the past 75 
years. Most of this research has dealt with the compositional effects on 
the welding microstructure of the stainless steel alloys, yielding various 
diagrams and equations, based on the chemical composition of the alloys 
of interest. Even though the solidification modes and the microstructure 
morphologies are easily identified, the point where the solidification mode 
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shifts and the amount of δ-ferrite in the final microstructure are 
considered to be quite fuzzy yet. Constitution diagrams, which are mainly 
based on experimental observations, are able to enlighten this fuzzy field 
at a satisfactory level. 
3.4.3.1 Early Diagrams and Equivalency Relationships 
By far the most interest in predicting stainless steel weld metal 
constitution has been related to the austenitic and austenitic-ferritic alloy 
systems. Thus, one of the earliest efforts was that of Strauss and Maurer 
[1920], who introduced a nickel-chromium diagram that allowed the 
prediction of various phases in the microstructure of wrought, slowly 
cooled steels. This diagram included only phase stability lines for 
austenite, martensite, troostosorbite (an archaic term referring to 
tempered martensite and bainite) and perlite. The design of this diagram 
served as a model for many diagrams to follow. With percent nickel and 
chromium as the y-axis and x-axis, respectively, the diagram illustrated 
the effect of each element and their interactions on the microstructure of 
the wrought alloy. 
The Strauss-Maurer diagram was modified by Scherer et al [1939], 
who added austenite-ferrite stability lines. The revised diagram, 
presented in Figure 3.38, uses the Strauss-Maurer axes that represent the 
actual chromium and nickel content. The left side of the diagram contains 
the lines proposed by Strauss and Maurer, while the right side of the 
diagram is the contribution of Scherer et al [1939]. 
 
Figure 3.38 Strauss-Maurer nickel-chromium diagram as modified by Scherer et al [1939]. 
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The use of curved lines, in the diagram, is significant and it became a 
pattern for the researchers for the next 30 years. The composition ranges 
of the diagram spanned 0 to 28 wt% nickel and 0 to 26 wt% chromium 
and within the nominal ranges of carbon, silicon and manganese the 
diagram was useful for predicting various phases.  
Newell and Fleischmann [1938] recognizing that other elements 
besides chromium and nickel had an effect on the microstructure; hence, 
they developed an expression for austenite stability on the Strauss-
Maurer diagram. The Newell-Fleischmann equation for the 
austenite/austenite + ferrite boundary is as follows: 
2( 2 16) 30(0.10 ) 8
12 2
Cr Mo MnNi C+ −= − + − +
 
[3.1] 
In the above equation the chemical symbols indicate the weight 
percentage of the element present. It can be noted from the coefficients 
which multiply the element weight percentage, that molybdenum is twice 
as effective in promoting ferrite as chromium, while manganese is one-
half and carbon 30 times as effective as nickel in promoting austenite. 
With the appearance of the above coefficients, much of the research on 
the development and construction of constitution diagrams was centered 
on determining the coefficients of these formulas. In later years the 
formulas were termed chromium-equivalent and nickel-equivalent 
equations. 
3.4.3.2 Schaeffler Diagram 
Studying the Strauss-Maurer diagram and the equations of Newell-
Fleischmann and other researchers, Schaeffler [1947] recognized that a 
combination of the above research could be applied to welding. His work 
focused on the construction of a constitution diagram for weld metals that 
would allow the prediction of weld metal microstructure based on the 
chemical composition.  
The Schaeffler diagram contained chromium- and nickel-equivalent 
formulas for the axes, with ranges for the specific weld metal 
microstructural phases plotted in the diagram. Ferrite-promoting elements 
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were included in the chromium-equivalent equation, while austenite-
promoting elements were included in the nickel-equivalent. In Figure 
3.39, one of the first Schaeffler constitution diagrams, with the Strauss-
Maurer lines, is presented. To determine the multiplying factors in the 
equivalent formulas, Schaeffler used formulas from previous research and 
his own experience. The original chromium- and nickel-equivalent 





Ni Ni Mn C
Cr Cr Si Mo Nb
= + +
= + + +
 
[3.2] 
It is notable that Schaeffler did not include a nitrogen term in the 
nickel-equivalent equation, although nitrogen is known to be a strong 
austenite promoter. This was probably due to the difficulty in determining 
the nitrogen content in his time. 
 
Figure 3.39 Schaeffler diagramof 1947, including the Strauss-Maurer curve [Schaeffler 1947]. 
The diagram was developed using the shielded metal arc welding (SMAW) 
process, where the nominal nitrogen content was estimated to be about 
0.06 wt%. Because of this low value, nitrogen was not considered by 
Schaeffler as an alloying element. Instead, it was incorporated into the 
diagram at a constant value. The diagram was considerably accurate for 
most of the 300 series alloys of that time, using conventional arc welding 
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processes. Along with the first diagram, Schaeffler reported a new 
equation for the phase boundary between fully austenitic alloys and alloys 









= +  [3.3] 
This equation differs from the Newell-Fleischmann equation in he final 
constant term. It is notable, that this equation implies curvature, due to 
the quadratic term, and that the lines on the Schaeffler diagram are 
curved. In later studies, Schaeffler [1948] modified his diagram (Fig. 
3.40) and the curved line of the austenite/austenite + ferrite boundary 
became a straight line. 
 
Figure 3.40 Schaeffler diagram of 1948, including linear boundaries [Schaeffler 1948]. 
The 1948 diagram increased the ability to quantitatively predict weld 
metal microstructure, adding additional isoferrite lines in the two-phase 
austenite + ferrite region, while retaining the original equivalency 
formulas. Finally, Shaeffler [1949] published the final version of his 
constitution diagram, which is still in use today (Fig. 4.41). 




Figure 3.41 Schaeffler diagram of 1949, which is still in use [Schaeffler 1949]. 
The above diagram resulted after numerous examinations of weld metals. 
Changes were made to the coefficients of silicon, molybdenum and 
niobium, as well as a slight relocation of the phase boundaries. 
3.4.3.3 DeLong Diagram 
DeLong et al [1956] introduced what was to become the next major trend 
in the development of constitution diagrams. Rather than predicting weld 
metal constitution for the entire composition range of stainless steels, 
DeLong et al focused on a particular region of interest, that of the 300 
series austenitic stainless steels. The enlarged scale and more precise line 
positions enabled a more detailed prediction of the ferrite content in 
austenitic stainless steel weld metal. They also investigated the influence 
of nitrogen on the weld metal microstructure, showing that it has a 
powerful influence on the final ferrite content. The original DeLong 
diagram, presented in Figure 3.42, differs from the Schaeffler diagram for 
the same region in a number of ways. 




Figure 3.42 DeLong diagram of 1956 for austenitic stainless steels [DeLong et al 1956]. 
The first difference lies in the nickel equivalent, in which a term for 
nitrogen is added, thus altering the location of the lines on the diagram. 
Secondly, the slope of the isoferrite lines was increased to account for the 
discrepancies, which DeLong et al discovered between the measured and 
calculated ferrite content on high-alloyed stainless steel types, such as 
316, 316L and 309. A third difference is that the spacing between the 
isoferrite lines is relatively constant, whereas on the Schaeffler diagram 
the spacing varies and is notably larger.  
Further modifications to the DeLong diagram (Fig. 3.43) were made by 
Long and DeLong [1973], in order to improve its ability in predicting δ-
ferrite. The major change at this point was the addition of a Ferrite 
Number (FN) scale to the diagram. This term resulted from the difficulty 
of measuring the ferrite content quantitatively by volume in stainless steel 
welds. FN values are based on magnetic measurements, which are 
possible because the BCC δ-ferrite is ferromagnetic, while the FCC 
austenite is not. FN units are not indented to relate directly to percent 
ferrite, although values below 10 they are considered to be similar.  




Figure 3.43 DeLong diagram 1973, which introduced the concept of Ferrite Number [Long & DeLong 1973]. 
The Welding Research Council (WRC) Subcommittee on Welding Stainless 
Steel adopted FN as its value for measuring ferrite [DeLong 1973] and its 
method for calibration is specified by the AWS A4.2 and ISO 8249 
standards. Long and DeLong [1973], also reported that their diagram, 
which has been termed the DeLong-WRC Diagram, is fairly insensitive to 
the normal range of heat input variations associated with arc welding. 
Thus, it could be applied with a reasonable degree of accuracy to 
processes such as SMAW, GTAW, GMAW and SAW. 
3.4.3.4 WRC-1988 and WRC-1992 Diagrams 
In the mid-1980s, the Subcommittee on Welding Stainless Steel of the 
Welding Research Council (WRC) initiated activity to revise and expand 
the Schaeffler and DeLong diagrams in an effort to improve the accuracy 
of ferrite prediction for stainless steel weld metal. Siewert et al [1988], on 
behalf of the WRC, proposed a new predictive diagram, which covered an 
expanded range of compositions, from 0 to 100 FN, compared to the 0 to 
18 FN range of the DeLong diagram. The diagram, presented in Figure 
3.44, included also boundaries that defined the solidification mode and 
was termed as the WRC-1988 diagram. 




Figure 3.44 WRC-1988 diagram that includes solidification mode boundaries [Siewert et al 1988]. 
The WRC-1988 diagram was developed from a database of approximately 
950 welds, gathered from electrode manufactures, research institutes and 
the literature, while multiple linear regression analysis and other 
statistical techniques were also employed. 
In addition, new equivalency formulas were developed, which removed 
the manganese coefficient from the nickel equivalent, thereby eliminating 
the systematic overestimation of FN for high alloyed weld metals. The 





Cr Cr Mo Nb
Ni Ni C N
= + +
= + +  
[3.3] 
Despite its accuracy in predicting the ferrite content in stainless steels 
welds, the WRC-1988 diagram was reviewed and evaluated. Shortly after 
the diagram’s publication, Kotecki [1988] used independent data from 
200 welds to confirm the improved predictive accuracy of WRC-1988 
compared to the DeLong diagram. At the same time, the effect of copper 
on ferrite content became a topic of interest due to the increased use of 
duplex stainless steels, which may contain up to 2% copper. Presenting 
his work, Lake [1990] showed that the addition of a copper coefficient, in 
the nickel-equivalent formula, would improve the accuracy of FN 
prediction when copper is an important alloying element. Lake proposed a 
value for the copper coefficient from 0.25 to 0.30. Various researchers 
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followed Lake’s study and proposed their estimations for the copper 
coefficient, in order to add them in the Schaeffler and DeLong nickel-
equivalents. Finally, Kotecki [1990], using Lake’s data as a basis, 
proposed a coefficient of 0.25 for copper in the nickel-equivalent formula. 
Ultimately, Kotecki and Siewert [1992] proposed a new diagram, which 
was exactly the same with the WRC-1988 diagram except that it included 
the coefficient 0.25 for copper in the nickel-equivalent formula: 
35 20 0.25eqNi Ni C N Cu= + + +  [3.5] 
The WRC-1992 diagram is presented in Figure 3.45. Whereas the 
extended axes of the diagram allow a wide range of base and filler metal 
to be plotted, the FN prediction is valid only when the weld metal 
composition falls within the iso-FN lines (0 to 100 FN) of the diagram. 
Extensions of the iso-FN lines into the surrounding regions could result in 
erroneous predictions since the limits of the FN lines were determined by 
the extent of the original database. At the present time, the WRC-1992 is 
the most reliable and accurate diagram available for prediction of the 
Ferrite Number in austenitic stainless steel weld metal. It has been widely 
accepted worldwide and has been included in a number of international 
codes and standards, replacing the DeLong diagram in the ASME code.  
 
Figure 3.45 WRC-1992 diagram [Kotecki & Siewert 1992]. 
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However, customized stainless steel alloys may sometimes be an 
exception in the successful use of constitution diagrams. The low values, 
or absence, of elements, which have a detrimental effect on the 
equivalency formulas, in the composition in addition with high values of 
elements, which are not part of the equivalency formulas, can lead to 
erroneous plots on the constitution diagram.  
This was the case in the work of Di Schino et al [2000], who 
investigated the solidification mode and the residual ferrite content of two 
low-nickel austenitic stainless steels. The low value of Ni and the high 
values of Mn and nitrogen in the alloys made the use of constitution 
diagrams inappropriate. Finally, the employment of various chromium and 
nickel equivalency formulas, which could take into account the enhanced 
role of Mn and nitrogen, was successful in determining the solidification 
mode. However, the amount of δ-ferrite in the solid solution could not be 
determined. 
The inefficiency of constitution diagrams, such as WRC-1992, in alloys 
that are not classified is based on the fact that constitution diagrams were 
developed based on weld metals of classified alloys, such as the 300 
series. Thus, various equivalency formulas exist that can be employed in 
similar cases. 
3.4.3.5 Neural Networks  
Neural networks are based on a simple architecture where input data are 
related to an output result, or results, by a system or interconnected 
nodes. These systems have been named neural because they mimic the 
function of the human brain. 
 
Figure 3.46 Schematic of a simple neural network. 
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A network structure consists of layers of three types of nodes: input 
nodes, hidden nodes and output nodes. A schematic diagram of a simple 
neural network is shown in Figure 3.46, where the node layers are 
apparent. In principle, the hidden layer can consists of multiple sub-
layers. When applied to FN prediction, the input nodes correspond to 
elemental concentrations while the output node represents the Ferrite 
Number (Fig. 3.47). The number of hidden nodes is adjustable and is 
optimized for maximum accuracy. The nodes are connected to each other 
so that the value of one node will affect the value of another. The relative 
influence that a given node has on another node is specified by the 
“weight” that is assigned to each connection.  
The output data of the network is based on a sequence. The input 
values are converted to normalized input values. The input contributions 
to each hidden node are summed and each sum is converted to a hidden 
node value. All hidden node contributions are summed to each output 
node and each sum is converted to a normalized output value. Finally, the 
normalized outputs are converted to real output values. The neural 
network analysis involves training of the network to achieve optimal 
accuracy. Training takes the form of adjusting the connections, namely 
the “weights”, between the nodes in the different layers. Once the optimal 
neural network connections are determined, the process of calculating the 
outputs from a set of inputs can be expressed analytically and is readily 
converted into a spreadsheet format.  
 
Figure 3.47 Neural network for prediction of ferrite number as a function of composition [Vitek et al 2000a]. 
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Neural network training is carried out with the use of training data set 
that contains sets of inputs and corresponding outputs. The neural 
network is developed by comparing the predicted output values with the 
actual outputs and, using an optimization scheme, adjusting the 
connections to minimize the prediction error. Through the learning 
process, which involves thousands of iterations, a complicated set of 
empirical relationships between input and output variables is developed. 
Eventually, with minimal influence from the user, the network “learns” a 
scheme in which outputs are associated with the input.  
Such neural networks have been developed from Vitek et al [2000a], 
who used the influence of 13 elements in order to determine the FN in 
weld metals of stainless steel arc welds. The results of Vitek et al [2000b] 
showed that the accuracy of the neural network model was supreme in 
comparison to previous neural networks, which involved only 8 elements 
as input variables and that the fitting error of the neural network was 
40% lower than that of the WRC-1992 constitution diagram. In addition, 
the neural network model was able to account for the significant 
variations in the influence of individual alloying additions as a function of 
overall alloy concentration.  
An improved version of the previous neural network model was 
developed by Vitek et al [2003a], which involved the effect of cooling rate 
on the FN predicted. The previous neural network model was developed 
based on data from arc welded stainless steels, hence similar cooling rate. 
The later neural network model was developed based on data from arc 
and laser welded stainless steels, where the cooling rates vary. As 
discussed in previous sections, the variation of the cooling rate can affect 
the solid state δ  γ transformation and alter the amount of residual 
ferrite in the weld metal. Thus, the model developed by Vitek et al 
[2003a] used as input and hidden layers the welding conditions, besides 
the constitutional elements.  
The neural network model was able to predict the FN in stainless steel 
welds as a function of composition and weld process parameters for both 
conventional arc welding and more rapid cooling processes such as laser 
beam welding, without loss of accuracy due to more input and hidden 
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nodes. However, a potential risk associated with the neural network 
analysis is over-fitting of the training data. For this problem the use of a 
Bayesian neural network is ideal, which was the case of Vasudevan et al 
[2003]. The main advantages of the Bayesian neural network are that it 
provides meaningful error-bars for predictions and also enables identifying 
the input variables that are important for the non-linear regression 
analysis.  
3.4.4 Heat Affected Zone (HAZ) 
The nature of the heat affected zone (HAZ) in austenitic stainless steels 
depends on the composition and microstructure of the base metal. Most 
stainless steels are welded in the solution-annealed or hot-rolled 
condition, so grain growth is usually restricted unless weld heat inputs are 
extremely high. In addition, due to the low thermal conductivity of 
austenitic stainless steels, high temperatures are usually not anticipated 
so that grain growth in not observed. However, in base metals that have 
been strengthened by cold working, recrystallization and grain growth can 
result in significant HAZ softening. In this case, a distinct HAZ results and 
the grain size is clearly larger than that of the base metal.  
The susceptibility of some ferrite to form in the HAZ is increased as the 
Creq/Neq ratio increases. This shall occur at the boundaries with the weld 
metal (Fig. 3.48), since the region is heated just below the solidus 
temperature. Formation of δ-ferrite along HAZ grain boundaries will 
restrict grain growth and also restrict the susceptibility to HAZ liquation 
cracking [Li & Messler 2002]. The degree of ferrite formation is usually 
low since the γ  δ transformation is relatively sluggish and the HAZ 
thermal cycle in normally quite rapid [Fukumoto & Kurz 1999]. It is also 
possible that some of the ferrite that forms during elevated temperature 
exposure transforms back to austenite on cooling.  




Figure 3.48 Ferrite along the austenite grain boundaries in the HAZ of Type 304L stainless steel [Lippold & Kotecki 2005]. 
3.4.4.1 Precipitation and Sensitization in HAZ 
Since the HAZ is heated to temperatures approaching the solidus 
temperature of the alloy, many of the precipitates that are present in the 
base metal microstructure may dissolve. This can lead to supersaturation 
of the austenite matrix during cooling, resulting in the formation of 
various precipitates. Carbides and nitrides are the most likely precipitates 
to form in the HAZ of austenitic stainless steels. The nitride precipitation 
is mainly observed in high-nitrogen stainless steels, while carbides can 
form virtually in all austenitic alloys under certain conditions.  
These carbide compounds will precipitate usually along grain 
boundaries (Fig. 3.49a) or more readily at the ferrite-austenite interface, 
if ferrite is present. This preferential precipitation is due to the higher Cr 
content that is found in ferrite than in austenite. Thus, chromium diffuses 
much more rapidly in ferrite than austenite and M23C6 carbides tend to 
precipitate at the tortuous ferrite-austenite boundaries instead of at 
usually much straighter austenite-austenite boundaries [Gooch 1996].  




Figure 3.49 (a) Carbide-precipitation in HAZ of Type 304 austenitic stainless steel [Kou 2003]; (b) Chromium depletion at grain boundaries [Lippold & Kotecki 2005]. 
The M23C6 precipitation in HAZ is a phenomenon that plagues austenitic 
stainless steels, as mentioned in previous sections. The precipitation 
reaction is caused by the thermal cycles that occur during welding in HAZ 
and is known as “sensitization”, since a reduction of corrosion resistance 
and strength is provoked in the stainless steel alloy, due to chromium 
depletion in the adjacent area. With the absence of chromium at grain 
boundaries the region is susceptible to intergranular attack, since the 
protective oxide film is no longer present and the chromium levels are 
below 12.0 wt% (Fig. 3.49b). The precipitation reaction is conducted via 
diffusion [Sourmail & Bhadeshia 2003]. Thus, the grain size plays an 
important role in the time-to-sensitization [Yu & Chen 2009]. In addition, 
the presence of residual stresses in the HAZ may also serve to accelerate 
the precipitation reaction [Lippold & Kotecki 2005]. 
Once sensitization has occurred, the onset of intergranular corrosion is 
determined, leading to a phenomenon known as “weld decay” [Nishimoto 
& Ogawa 1999]. The sensitization phenomenon during welding occurs in a 
region of about 3-8 mm width parallel to the weld metal. This regional 
precipitation during welding occurs because the regional thermal cycles 
are appropriate for carbide formation, as shown in Figure 3.50. It can be 
readily noted that the regions that are held for a specific time-span at a 
specific temperature range, which varies based on the specific austenitic 
stainless steel alloy, are subjected to sensitization and subsequent to weld 
decay.  
(a) (b) 




Figure 3.50 Thermal cycles and weld decay region in Type 304 stainless steel [Kou 2003]. 
Generally, the temperature range, in which sensitization occurs, is 
approximately from 450 to 850°C [Kou 2003; Lippold & Kotecki 2005; Lo 
et al 2009]. Above this temperature range, carbides go back to solution 
and thus the region adjacent to the fusion boundary is free of carbides, 
assuming that cooling rates are rapid enough to suppress carbide 
precipitation during cooling. 
Alloys such as AISI 304 and 316, containing about 0.05 wt% C, are 
more prone to carbide precipitation due to their carbon content. The 
influence of carbon content on the time-temperature-precipitation is 
shown in Figure 3.51, in which various precipitation lines are plotted for 
various carbon contents, regarding the same alloy. As the carbon content 
in the alloy increases, less time is required for precipitation to commence.  
 
Figure 3.51 M23C6 time-temperature-precipitation curves for Type 304 stainless steel [Kou 2003]. 
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The consequence for a welded structure, suffering from weld decay, when 
exposed to corrosive media is the progressive corrosion of the sensitized 
metal surface parallel to the fusion boundary. This phenomenon is called 
“wagon tracks”, as it can be inferred from Figure 3.52, and shall 
ultimately lead to the complete failure of the welded component.  
 
Figure 3.52 Corrosion of a sensitized Type 304 welded pipe (a) & (b) [Kou 2003]. 
3.4.4.2 Dealing with Precipitation and Sensitization 
It is possible to minimize or eliminate intergranular corrosion of austenitic 
stainless steel welds by several means and methods. The basic concept is 
to prevent the precipitation of Cr-rich carbides that are responsible for the 
chromium depletion and breakdown of the passive oxide film on the alloy 
surface. However, even if precipitation occurs during welding fabrication 
or even in service there are means to restore the alloy to its previous 
state by dissolving carbides.  
There are, basically, three approaches to deal with the sensitization 
issue in austenitic stainless steels. These approaches can be classified 
based on their implementation prior, during or after welding. The 
selection of base and filler metals in order to employ compositional 
properties to avoid precipitation is a prior-welding approach. During 
welding the selection of welding parameters and conditions, more 
urgently in multi-pass welding, is crucial to avoid sensitization. Finally, 
post-welding heat treatments and sometimes service conditions can help 
to deal with precipitation and sensitization that lead to intergranular 
corrosion.  
As mentioned in previous sections, the AOD (Argon-Oxygen 
Decarburization) and VOD (Vacuum-Oxygen Decarburization) steel 
production processes made the production of the L-grades (low-carbon) 
austenitic alloys a standard and cost-efficient process. The main purpose 
(a) (b) 
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of these alloys is the prevention, and if possible elimination, of 
sensitization. The latter is achieved by their low carbon content, thus 
depriving from chromium the main component to precipitate as M23C6 
carbide. The beneficial effect of L-grades has been denoted by many as 
Parvathavarthini et al [2006], who tested the sensitization behavior of 
high-nitrogen AISI 316N and L-grade AISI 316L weld metals. The 
superiority of the L-grade weld metal was apparent, since no precipitation 
occurred even when the welded alloys were subjected to aging. 
Similar to the L-grades, the stabilized grades are used for the same 
purpose as well. The stabilized grades, as mentioned in previous 
paragraphs, contain Ti and Nb additions, which are more potent carbide 
formers that chromium. In addition, titanium and niobium carbides (NbC, 
TiC) are precipitated at higher temperature range than the M23C6, binding 
carbon and depriving it from chromium at lower temperature. The latter 
can be observed in Figure 3.53, where the solvus curves for all carbides 
are presented. The stabilized austenitic grades are alloys Type 321 and 
347 contain titanium and niobium additions, respectively. The application 
of the stabilized grades in welded structures and their response to various 
aging conditions has been studied extensively. 
 
Figure 3.53 Solvus curves for NbC, TiC and M23C6 (Cr23C6) carbides in Type 304 stainless steel [Kou 2003].   
Guan et al [2005b] studied the precipitation in Type 321 weld, with filler 
metal Type 304, during high-temperature service conditions. They 
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observed that due to the AISI 304 filler metal precipitation has already 
occurred during welding. They proposed the use of a filler metal with Nb 
additions and the reduction in δ-ferrite in weld metal, since it assists the 
precipitation of chromium carbides. The selection of Nb additions into the 
filler metal, for the AISI 321 base metal containing Ti additions, was 
based on the comparison with an AISI 347 weld metal, containing Nb 
additions, which exhibited no precipitation [Guan et al 2005a]. The 
superiority of Nb additions was supported also by Erneman et al [2004], 
who studied the 347 alloy in long time aging at 700 and 800°C. According 
to their work no Cr carbide precipitation occurred at 700°C even after 
70,000 hours in service, while after prolonged aging at 800°C some 
carbide and nitride precipitation occurred due to nitrogen uptake.  
The stabilized grades are, generally, considered to be more immune to 
sensitization than the L-grades. This has been supported in the work of 
Lima et al [2005], who evaluated the sensitization tendency of the 
stabilized grades 321 and 347 and the L-grades 304L and 316L. In 
addition, Lima et al [2005] found, similar to others [Guan et al 2005a; 
Erneman et al 2004] that niobium is a more efficient stabilizing agent 
than titanium. 
The careful selection of welding parameters during welding is 
considered crucial in order to avoid sensitization. The general purpose 
during welding is to avoid extensive temperature holding during weld 
cooling. Hence, low heat input rates, namely high welding speed, are 
generally preferred. These requirements are even more necessary when it 
comes to multi-pass welding procedures. During multi-pass welding the 
extensive stay of a region at a specific high temperature range is a 
possibility due to repeated heat input from subsequent welding passes. 
This has been observed by Cu and Lundin [2005] who identified the 
sensitivity to corrosion of an overlapped HAZ in multi-pass welding of AISI 
316L. Repeated heating does not occur only to HAZ regions but to the 
early passes of multi-pass weld, where precipitation compounds can 
readily appear [Song et al 1996]. 
Regarding multi-pass welding the increase of the cooling rate is a basic 
requirement. In addition, the increase of the time span between two 
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subsequent passes is also crucial, in order to allow the metal cool below 
the critical temperatures range of precipitation before reheating with the 
next pass. In the same fashion, techniques such as the “narrow gap” 
welding technique [Engelhard et al 2000] have been developed, ensuring 
low heat input during welding and avoiding sensitization.  
As post-welding techniques, the solution heat treatment after welding 
is widely used. Heating the structure into the temperature range 900 to 
1100°C dissolves any carbide that may have formed along grain 
boundaries in the HAZ. The structure is then quenched from this 
temperature to prevent carbide precipitation during cooling. However, 
some limitations due to the welded structure size are apparent. To 
overcome such limitations Nishimoto et al [1998] performed solution heat 
treatment by laser surface melting treatment. The key-points of this 
technique is that it takes advantage of the high temperatures and high 
cooling rates, as shown in Figure 3.54, of the laser beam welding process 
to dissolve carbides and desensitize the alloy. Nishimoto et al [1998] 
defined a low welding speed limitation, so that cooling rates are sufficient 
high and no re-sensitization occurs. The specific technique requires extra 
care, since during LB weld cooling ferrite forms, which enhances the 
formation of carbides, as discussed in previous paragraph.  
 
Figure 3.54 Solution treatment via LBW for desensitization [Nishimoto et al 1998]. 
There are cases where sensitization occurs after exposure to high 
temperature service conditions, even if little or no precipitation has 
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occurred during welding fabrication. However, it has been reported by 
many researchers that a process of “healing” occurs if the metals remains 
under the same high temperature service conditions.  
Tekin et al [1991] exposed a 316L(N) austenitic stainless steel alloy at 
600°C and observed a dramatic chromium depletion along grain 
boundaries and the formation of Cr-rich carbides. However, after 100 
hours of exposure the healing process began and the chromium content 
along grain boundaries increased over 12.0 wt% again. The same alloy 
was studied by Padilha et al [2007] by exposure to aging temperatures of 
550 and 600°C. The precipitation of Cr-rich carbides occurred after 10 
hours, while as exposure time increased, ferrite transformed to austenite 
and sigma phase (δ  γ + σ). Finally, after 1000 hours carbides no longer 
appeared in the microstructure, since they have been transformed to 
sigma phase as well.  
The “healing” process may eliminate the existence of M23C6 carbides 
but embrittles the structure with the formation of sigma phase. In 
addition, the particular process does not occur under a specific 
temperature for each stainless steel alloy. Sahlaoui et al [2004] observed 
for an AISI 316L that “healing” did not occur when exposed at 550˚C, 
while at 600˚ C “healing” readily occurred after a reasonable time pe riod. 
For higher temperature exposure the “healing” process occurs in much 
shorter time as Yae Kina et al [2008] observed.  
3.4.5 Weld Cracking Phenomena 
Although austenitic stainless steels are generally considered weldable, 
they are subject to a number of problems if proper precautions are not 
taken. Weld solidification and solid-state cracking may occur depending 
on the composition of the base and filler, if added, metal and the level of 
impurities, particularly sulfur and phosphorous.  
The most common solution to cracking phenomena in austenitic 
stainless steel welds has been the presence of small amounts of δ-ferrite 
in the weld metal and if possible in the partially melted zone (PMZ) that 
segregates HAZ from fusion zone (FZ). The adjustment of the ferrite 
content is achieved mostly with compositional additions in the filler metal 
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[Slania 2004] or the shielding gas, if used [Slania 1998; Lothongkum et al 
1999; 2001]. However, the control of welding parameters and 
manipulation of the thermal cycle has been also used [Zumelzu et al 
1999]. Obviously, during the metal production process the main purpose 
is to minimize the content of impurity elements that tend to segregate in 
liquid films along grain boundaries and, thus lead to cracking phenomena.  
3.4.5.1 Weld Solidification Cracking 
Weld solidification cracking can be a formidable problem with the 
austenitic stainless steels. Cracking susceptibility is primarily a function of 
composition. Weld metals that solidify as primary austenite in the A 
mode, namely containing no ferrite, tend to be the most susceptible to 
solidification cracking (Fig. 3.55a & b). Those weld metals that solidify in 
the FA mode tend to be very resistant to solidification cracking. High 
impurity levels in the alloy tend to increase the susceptibility in alloys that 
solidify in the A and AF mode.  
 
Figure 3.55 Weld solidification cracking in fully austenitic 316L weld metals [Shankar et al 2003]. 
The correlation of the solidification mode and the cracking susceptibility in 
austenitic stainless steel is depicted in Figure 3.56, where the cracking 
susceptibility is plotted as a function of composition. Cracking 
susceptibility can be determined for each composition experientially with 
the Varestrain test [Savage & Lundin 1965], during which a specimen is 
subjected to bending stress while a welding torch lays a weld on its 
surface. The previous statements, regarding the solidification modes, can 
be readily noted. Thus, compositions which result in primary austenite 
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solidification are more prone to solidification cracking and the F mode is 
more susceptible to solidification cracking than FA mode, but superior to A 
and AF modes.  
 
Figure 3.56 Weld solidification cracking susceptibility as a function of composition [Lippold & Kotecki 2005]. 
The origin of solidification cracking is based on a temperature range, 
within the solidification temperature field, in which the material is prone 
to brittleness. This temperature field is known as Brittle Temperature 
Range (BTR) and it can be measured experimentally. Thus, welding 
conditions that impose high levels of restrain on the solidifying weld metal 
tend to increase cracking susceptibility. High heat inputs resulting in large 
weld beads or excessive travel speeds that promote teardrop-shaped weld 
pools are most problematic with respect to cracking. Concave bead shape 
and underfilled craters at weld stops also promote solidification cracking 
[Lippold & Kotecki 2005]. 
The BTR is mostly dependent on composition. This dependence has 
been presented by Nishibata et al [2001], who studied the effect of nickel 
content on weld solidification cracking. Their experiments involved 
austenitic alloys of various Ni contents and their results showed that the 
BTR reaches its maximum value between 30 and 60 wt% Ni. In addition, 
the critical temperature at which the material exhibits zero ductility 
exhibits the same Ni-dependent behavior [Nishibata et al 2001]. 
Another factor that affects solidification cracking is the presence of 
impurity elements, particularly phosphorous and sulfur, in the weld metal. 
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Even low concentrations of these elements can promote cracking in 
austenitic stainless steel welds, if solidification occurs as primary 
austenite. The combination of primary austenite solidification and 
relatively high levels of phosphorous and sulfur that lead to certain 
solidification cracking has been depicted in the Suutala diagram 
[Kujanpää et al 1979] in Figure 3.57. The particular diagram is considered 
as one of the earliest and most elaborate, since it was developed by 
evaluating a wide range of published austenitic stainless steel weld metal 
cracking studies. The chromium and nickel equivalents used in the 
development of the Suutala diagram are those by Hammar and Svenson 
[1979], which are still in use for customized alloys as in the case of Di 
Schino et al [2000], presented in previous section.  
The Suutala diagram demonstrates the importance of composition on 
cracking susceptibility in austenitic stainless steel weld metals. As 
Creq/Nieq increases above a critical level, the resistance to cracking shows 
a dramatic increase, irrespective the impurity level. This sharp increase 
results from the shift in solidification behavior from primary austenite to 
primary ferrite.  
 
Figure 3.57 The Suutala diagram for predicting weld solidification cracking [Kujanpää et al 1979]. 
The behavior, during solidification, of phosphorous and sulfur is based on 
their insolubility in austenite. Both impurity elements are rejected from 
the molten metal and segregated along grain boundaries forming low-
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melting eutectics with iron, chromium and nickel. The existence of these 
liquid films leads to solidification cracking. The potential for forming low-
melting eutectics remains strong even with very low P + S contents in 
austenite [Iamboliev et al 2003]. On the other hand, δ-ferrite shows 
higher solubility for elements like S, P, Si and Nb. 
The presence of these impurities in stainless steels varies from 0.02 to 
0.05 wt%, depending on the steel type and specification. These content 
levels are considered extremely high when it comes to welding austenitic 
stainless steels which solidify as primary austenite. Thus, the argon-
oxygen decarburization (AOD) melt practice is employed in the early steel 
production process to remove sulfur from the steel alloy. During the 
process the Ar-O2 mixture is blown in the melt to reduce the carbon 
content through the formation of CO and CO2, while at the same time the 
oxygen combines with sulfur, forming SO2, which also escapes from the 
melt. With the AOD process it is possible to achieve sulfur levels as low as 
0.001 wt%. In addition, the reduction of sulfur in the alloy is considered 
crucial due to its effect on the thermal characteristics of the alloy. This 
can be observed in the work of Mishra et al [2008], who studied welded 
stainless steel plates with different sulfur concentrations. As they reported 
the fusion zone shifted significantly toward the plate with lower levels of 
sulfur, missing the joint-plane of the two plates.  
However, removing phosphorous is much more difficult and levels 
below 0.02 wt% are achieved only by careful control of the starting stock. 
The presence of phosphorous in the weld metal is considered much more 
severe, since as Li and Messler [1999] observed from their experiments 
with GTA welding of fully austenitic stainless steel, phosphorus is more 
potential to cause solidification cracking in the weld metal than sulfur.  
The most efficient mean, in order to avoid cracking, even with high 
levels of phosphorous and sulfur, is the weld metal solidification to occur 
in the FA-mode. This has been verified by Brooks et al [2003], who have 
shown that high-sulfur, free-machining steels can be welded without 
cracking if solidification is maintained in the FA-mode. The beneficial 
effect of ferrite in solidification cracking resistance is not translated only 
to its high solubility fro impurity elements. An even more important effect 
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of ferrite on cracking resistance is consider to be the nature of boundary 
wetting and the inherent tortuous boundaries that occur when ferrite and 
austenite are both present at the end of solidification. 
In the FA-mode, a ferrite-austenite boundary is present at the end of 
solidification that is both difficult for liquid films to wet and presents a 
nonplanar crack path. Thus, once a crack is initiated, it becomes very 
difficult for it to propagate along this tortuous boundary. There also 
several other factors, which make ferrite to be cracking resistance during 
solidification. The contribution of those factors may not be considered 
strong, but it is not negligible. For instance, ferrite has a smaller 
coefficient of thermal expansion than austenite, thus during the BTR the 
stress and strain are not enhanced as much as with austenite.  
The presence of ferrite in the weld metal microstructure is generally 
encouraged and most filler metals contain higher levels of ferrite 
promoting elements than their corresponding base metals do. With the 
presence of 3 to 20 FN in the weld metal it is almost certain that 
solidification cracking is avoided. However, ferrite over 10 FN may in fact 
compromise mechanical properties of the welded structure if the joint is 
to be stress-relieved, or put in service at elevated or cryogenic 
temperatures. Thus, depending on the application and the service 
conditions some care must be taken in order to avoid cracking but also to 
enhance the structure with the desired properties. 
3.4.5.2 HAZ and FZ Liquation Cracking 
Austenitic stainless steels can be susceptible to various forms of cracking 
in the HAZ. Liquation cracking in the HAZ is considered one of the most 
common forms and it occurs due to formation of liquid films along grain 
boundaries in the partially melted zone (PMZ) adjacent to the fusion 
boundary. This liquation can occur, similar to solidification cracking in the 
weld metal, due to segregation of impurities along grain boundaries at 
elevated temperatures or by constitutional liquation of NbC and TiC in 
Types 347 and 321, respectively.  
In the previous section the higher potential of phosphorous in weld 
metal cracking was denoted by Li and Messler [1999]. However, this is 
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not the case in the HAZ. In a subsequent investigation, Li and Messler 
[2002] found that sulfur is more harmful than phosphorous with respect 
to HAZ liquation cracking.  
HAZ liquation cracking can be controlled, mainly, by managing the 
composition of the base metal. Base metals that have a "Ferrite Potential" 
(WRC-1992) of 1 or higher will form some ferrite along HAZ and PMZ 
boundaries (Fig. 3.48) and effectively inhibit liquation cracking. This 
occurs because the ferrite-austenite boundaries that are present are not 
easily wet by liquid films, as mentioned in the previous section. The 
formation of ferrite at the grain boundaries also restricts grain growth, 
which has also a beneficial effect on reducing liquation cracking.  
In alloys where the HAZ is fully austenitic and no ferrite exists at the 
grain boundaries, liquation cracking can be minimized by restricting 
impurity levels and grain size. Lowering the heat input will result in 
steeper temperature gradients in the surrounding HAZ and restrict the 
distance over which liquation occurs. Grain size also has an important 
effect on liquation cracking susceptibility, with smaller grains improving 
the cracking resistance. Since failure occurs along grain boundaries, 
increasing the grain boundary area reduces segregation and local stress 
on individual boundaries resulting in higher total stress to initiate cracking 
[Lippold & Kotecki 2005]. In Figure 3.58, an example of HAZ cracking of 
austenitic stainless steel Type 304L is presented.  
 
Figure 3.58 HAZ liquation cracking in austenitic stainless steel (a) Type 304L with FP 0 and (b) Type 304 with FP 1 [Lippold & Kotecki 2005]. 
(a) (b) 
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These microstructures were produced with the Varestrain test on alloys 
with different Ferrite Potentials (FP). When the FP is zero, cracking occurs 
at relatively low strains and the cracks propagate some distance from the 
fusion boundary. When the FP exceeds 1, some ferrite forms along the 
austenite grain boundary in the high-temperature HAZ. The presence of 
this ferrite reduces the cracking susceptibility. 
Weld metal liquation cracking occurs mostly in multipass welds along 
SGBs or even MGBs. Fully austenitic welds are, in this case also, the most 
susceptible due to the presence of primary austenite solidification that 
enhances segregation. Weld metals that contain sufficient ferrite, more 
than 2 to 6 FN, are generally resistant to liquation cracking. These defects 
are also referred to as micorfissures, since they tend to be small and 
buried within the weld deposit. In Figure 3.59 the liquation cracking of a 
multipass 308L austenitic stainless steel is presented from Cui et al 
[2006]. It is evident that the microfissure lies in the HAZ of the previous 
pass along a grain boundary. 
 
Figure 3.59 Microfissure morphology of modified M308L [Cui et al 2006]. 
The fissure is relatively short in the cross section dimension of the weld 
since it exists only where remelting of the SGB or MGB occurs during 
reheating. Detection of these cracks is difficult because they are generally 
short, about 1 to 2 mm in length, and tight. In order to reveal their 
existence, a detailed metallographic examination or the fissure bend test 
[Lundin & DeLong 1976] are necessary. The microfissures, due to their 
small size, are often appearing as spots rather than cracks. The fact that 
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they are aligned along a fusion boundary in reheated weld or base metal 
can cause them to be mistakenly identified as linear porosity. 
Weld metal liquation cracking is best controlled by adjusting the 
deposit composition such as some ferrite is present in the deposit. In fully 
austenitic deposits, control of impurity levels and minimizing weld heat 
input can reduce or eliminate this form of cracking. Some filler metals 
have been developed with increased Mn to minimize cracking in fully 
austenitic weld metals.  
3.4.5.3 Ductility-Dip Cracking (DDC) 
Ductility-dip cracking (DDC) occurs in many alloys that have an austenitic 
(FCC) microstructure, including austenitic stainless steels, Ni-base and 
Cu-base alloys. It is associated with a precipitous drop in elevated 
temperature ductility above approximately one-half of the melting 
temperature of the material. A schematic ductility versus temperature 
curve for both normal elevated temperature ductility and a material that 
exhibits a ductility dip is presented in Figure 3.60. 
 
Figure 3.60 Elevated temperature ductility including the BTR during solidification [Lippold & Kotecki 2005]. 
DDC is a solid-state phenomenon, typically occurring in reheated weld 
metal. It is likely that DDC has been mistakenly identified several times 
as liquation cracking. However, liquation and DDC cracks may actually 
link to form a single crack, although they are driven by two different 
mechanisms. The evaluation of DDC susceptibility is usually accessed with 
the conduction of the Strain-to-Fracture test [Nissley & Lippold 2003], 
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which is considered advantageous to other tests, since it provides better 
control of strain and temperature.  
The origin and definition of DDC has not been yet fully clarified. 
According to Young et al [2008] DDC is caused by the combination of 
macroscopic thermal and solidification stresses induced during welding 
and local grain boundary stresses generated during precipitation of 
partially coherent M23C6 carbides. Ramirez and Lippold [2004a; b] have 
stated that DDC is a form of elevated temperature creep failure that 
occurs very rapidly at temperatures well above the normal creep regime 
for stainless steels.  
 DDC has been observed in both the weld metal and the HAZ of 
austenitic stainless steels. It is normally associated with large grain size 
and high restraint conditions, such as those generated in thick-section 
welded joints. In weld metals, DDC occurs preferentially along MGBs. An 
example of DDC is shown in Figure 3.61, from the work of Lee et al 
[2009b], who investigated multi-pass FCA welds for various Creq/Nieq of 
AISI 304L alloy.  
 
Figure 3.61 DDC along MGBs in FCA multipass welds of AISI 304L; (a) region of overlapped passes, (b) magnified view [Lee et al 2009b]. 
The MGBs in the weld metal are preferential sites for DDC when they 
exhibit a straight morphology. This morphology can facilitate grain 
boundary sliding, which is mainly the physical effect of DDC [Collins & 
Lippold 2003a; Young et al 2008]. In addition, grain boundary orientation 
to the applied strain is a contributing factor to DDC formation [Collins & 
Lippold 2003a]. In their work, Collins et al [2004] determined that grain 
boundaries that are orientated at 45 to 90° degrees to the applied strain 
(a) (b) 
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are the most susceptible to DDC, while triple-point boundary intersections 
act as high stress concentration regions conducive to crack initiation. 
Thus, grain boundary tortuosity is considered to reduce susceptibility to 
DDC [Noecker & DuPont 2009a]. 
The increase in grain boundary tortuosity, in order to avoid grain 
boundary sliding, can be achieved with the effective "pinning" of grain 
boundaries with precipitation. Noecker and DuPont [2009b] observed that 
the precipitation of M32C6 carbides along grain boundaries improved the 
resistance to DDC. Similarly, Collins and Lippold [2004] compared the 
susceptibility to DDC of two different Ni-based filler metals and resulted 
that the weld metal, which exhibited higher precipitation, was more 
immune to DDC. However, Ramirez et al [2006] rejected the precipitation 
of Cr-carbides as an effective mean to reduce DDC due to their harmful 
overall effect and tested the precipitation of Nb and Ti carbides. They 
have concluded that small addition of niobium and titanium are quite 
effective in GB pinning, thus avoiding an excessive harmful precipitation. 
In austenitic stainless steel weld metals that solidify in the AF or FA 
mode, the presence of ferrite is considered beneficial to DDC resistance. 
Ferrite pins the grain boundaries making them very tortuous and crack 
resistant [Lippold & Kotecki 2005].  
The role of impurities in the weld metal has not been yet determined 
completely. Noecker and DuPont [2009b] did not consider sulfur and 
phosphorous embrittlement to play any part in DDC susceptibility, without 
excluding the fact that high concentrations might exacerbate DDC.  On 
the other hand, Collins and Lippold [2003a] found that hydrogen and 
sulfur additions increase notably the susceptibility to DDC. 
As a general remark it can be noted that the presence of ferrite 
significantly reduces the risk of DDC by creating grain boundary paths 
that are very tortuous and resistant to crack initiation and propagation. 
Multipass, fully austenitic weld metals in thick-sections, highly restrained 
joints are the most susceptible to this form of cracking. 
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3.4.6 Control of Ferrite Content in Weld Metal 
The general accepted industrial practice, for minimizing the possibility of 
the incident of solidification cracking and maximizing the strength and 
resistance to stress corrosion cracking (SCC) of the austenitic stainless 
steel weld metal, is to ensure the presence of a small amount of δ-ferrite 
in the weld metal. Thus, many consumable electrodes and filler wires are 
enriched with ferrite-promoting elements in order to ensure that ferrite 
forms during solidification and remains stable upon cooling to ambient 
temperature.  
However, an excess in ferrite formation must be avoided so that the 
weld metal retains its homogeneity with the base metal and its properties 
are not degraded. More specifically, at high temperature service 
conditions, in which austenitic stainless steels usually are applied, the 
strength of ferrite is much lower than that of austenite. If the ferrite 
content is relatively high, then relief of welding stresses takes place at 
higher rates, leading the welded structure to failure [Slania & Meka 
1998]. Furthermore, at high service temperatures the brittle sigma (σ) 
phase readily precipitates from ferrite reducing the ductility of the weld 
metal. In addition, austenitic stainless steels are selected for their 
excellent performance in sub-zero temperatures for cryogenic 
applications. The presence of a considerable amount of ferrite reduces 
resistance to dynamic loading at cryogenic temperatures.  
Regarding corrosion and SCC resistance, the effect of ferrite depends 
on a considerable degree on the chemical composition and the nature of 
corrosive media. In their work, Krishnan and Prasad Rao [1990] examined 
austenitic weld metal with various ferrite contents and concluded that an 
increase in ferrite content reduces SCC resistance and increases the 
corrosion rate. The reduction of SCC cracking resistance and the increase 
in corrosion rate was justified by Krishnan and Prasad Rao [1991] by the 
continuous ferrite network that can be formed along austenite grain 
boundaries when FN increases. A discontinuous ferrite network in the 
weld metal is considered more immune to SCC. The direct relation 
between corrosion rate and ferrite content has also been verified by Silva 
et al [2009b] and it is presented in Figure 3.62. However, Sui et al [1996] 
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reported that ferrite content up to 7% improves austenitic stainless steel 
SCC resistance in sulphate/sulphite/phosphate water at 250˚C, denoting 
the effect of the corrosive media.  
 
Figure 3.62 Effect of δ-ferrite content on corrosion rate [Silva et al 2009b]. 
Considering that the chemical composition of the base and filler, if added, 
metal for a joint structure are given, there are other means to control the 
FN in the weld metal. The most popular mean is to affect the final 
chemical composition of the weld metal microstructure, in the case of gas 
shielded arc process, by altering the shielding gas mixture. Additions of 
nitrogen in argon gas shield are very common in the GTAW process. 
Nitrogen is known to be an austenite-promoting element, thus its addition 
into the shielding gas and subsequently to the weld metal restrains the 
formation of the ferritic phase. This effect is depicted in the work of Lin 
and Chen [2001] who added up to 8% nitrogen in argon shielding gas 
during the GTAW process of AISI 316L and AISI 310 austenitic stainless 
steels.  
The final content of nitrogen, which restrains ferrite formation, in the 
weld metal microstructure depends not only to the volume added in the 
shielding gas but also to the capability of the alloy to absorb it. Hence, 
while Lin and Chen [2001] for an AISI 316L resulted to 0 FN with only 
0.135 wt% N in the weld metal, Tseng and Chou [2003] required twice as 
much nitrogen content in the weld metal for an AISI 304 to achieve o FN. 
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The absorption of sufficient nitrogen without excessive additions in the 
argon shielding gas has been dealt with the application of an “activating 
flux”, which is a mixture of various oxides in acetone solution, on the base 
metal surface prior to the GTAW process [Huang et al 2006]. The process 
was termed A-GTAW/A-TIG and resulted in higher absorption of nitrogen 
in the weld metal [Bonnefois et al 2004]. Although, the application of flux 
may result in fully austenitic stainless steel weld metals, its presence 
reduces the possibility of solidification cracking [Huang 2009]. 
Shielding gas additions to reduce the ferrite content in the weld metal 
vary when it comes to the GMAW or FCAW process. In these processes 
CO2 and O2 are usually added to the shielding gas. The most efficient gas 
addition in respect to ferrite reduction in the weld metal is carbon dioxide, 
due to carbon which is an austenite-promoting element. The effect of CO2 
and O2 additions are analyzed in the work of Liao and Chen [1998], who 
used various shielding gas mixtures during GMA welding of an AISI 304 
alloy. The increase of carbon dioxide in the shielding gas does not only 
increases carbon content in the weld metal, thus increasing Nieq, but it 
also speeds up the consumption of Cr and Si elements due to oxidation, 
thus making Creq smaller. The oxygen additions in the shielding gas do 
not affect ferrite content directly, but they slow down the decomposition 
of CO2, resulting in smaller amounts of carbon in the weld metal.  
The work of Liao and Chen [1999] has been expanded towards the 
investigation of carbon dioxide additions into argon shielding gas for the 
GMAW and FCAW processes of an AISI 304L alloy. The FCAW process has 
no restrain for the content of CO2 additions in the shielding medium, thus 
various mixtures from 20 up to 100% CO2 in Ar were used. On the other 
hand, for the GMAW process argon mixtures from 2 up to 20% CO2 in Ar 
were used. In both cases FN decreased in the weld metal as the CO2 
volume increased, but GMA weld metals contained smaller FN than FCA 
weld metals, as shown in Figure 3.63. 




Figure 3.63 Ferrite Number (FN) in weld metal as a function of the amount of CO2 in FCAW and GMAW Ar + CO2 mixtures [Liao & Chen 1999]. 
It can be readily noted that CO2 additions of 20% in the GMAW process 
can reduce FN In the weld metal twice as much as 100% CO2 shielding 
gas in the FCAW process. This diversity is a consequence from the 
existence of the flux in the core of FCAW wires. The flux during welding 
works as an isolator, depriving the absorption of most of the carbon from 
the molten weld metal [Slania 1998]. 
The shielding gas mixture, however, does not affect the final 
microstructure only based on compositional additions. Shielding gas 
mixtures have an important affect on the electric arc characteristics that 
determine directly the amount of heat input. The variation of heat input 
parameters can be an effective way of controlling ferrite content in the 
weld metal. Altering the amount of heat input will lead to the modification 
of the cooling rate, which along with the Creq/Nieq as analyzed in previous 
sections, controls the diffusional solid-state transformations in the weld 
metal. Thus, the electrical and thermal conductivity of the shielding gas 
mixture (Fig. 3.64) are the key-properties that can manipulate this 
secondary FN-control. 




Figure 3.64 (a) Electric and (b) thermal conductivity of shielding gases [Suban & Tušek 2001]. 
Higher arc potential can be achieved with nitrogen, resulting in higher 
heat input and thus slower cooling rates, which favor solid-state 
transformations. Nitrogen enhances the arc voltage and thus heat input 
increases. However, nitrogen is a powerful austenite-promoting element 
so that even if solidification occurs as primary austenite, the subsequent 
solid-state transformation γ  δ will be suppressed regardless the heat 
input augmentation [Lin & Chen 2001; Tseng & Chou 2003]. It is evident 
that the effect of active shielding gases on the amount of residual ferrite 
is mainly compositional. The arc ionization effect on the amount of ferrite 
can be pronounced only in the case of FCAW process, during which the 
compositional effect is neutralized due to the presence of the flux. In this 
case the effect of the shielding gas on the ferrite content is mainly 
thermal in character [Slania 1998].  
The heat input effect on ferrite content is more evident in other 
processes, such as SAW and SMAW, where no shielding gas is added. 
SAW is categorized as high-power and efficiency process, thus the high 
level of heat input affects directly the final microstructure of the weld 
metal. In the work of Chi et al [2007] the SAW process was employed in 
order produce single-pass welds of thick austenitic stainless steel plates 
thus demonstrating the efficiency of the process. The high heat input 
resulted in uneven cooling rates in the depth-direction, thus acquiring 
higher ferrite content in the root area. The variation of heat input in the 
SMAW process has been investigated by Silva et al [2009b] who used a 
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high-chromium electrode to ensure the FA solidification mode of the weld 
metal. As they increased the heat input of the process, the cooling rate 
was reducing, enhancing the δ  γ transformation. Consequently, for 
higher values of the heat input, smaller amount of ferrite resulted in the 
weld metal microstructure, as shown in Figure 3.65. 
 
Figure 3.65 Effect of welding heat input on ferrite content [Silva et al 2009b]. 
Another interesting relation of welding parameters with ferrite content has 
been established by several investigators. Experimentally, an indirect 
relation exists between the pulsed current during the pulse-welding and 
the ferrite content in the weld metal. This relation has been established 
by Lothongkum et al [2001] during pulsed-GTAW process of an AISI 316L 
alloy, with nitrogen shielding gas additions. This relation was more 
evident in the work of Trevisan et al [2003], who isolated the nitrogen 
effect using the FCAW process and observed that an increase of the 
pulsed mean current resulted in an increase in the ferrite content in the 
AISI 316 stainless steel weld metal. 
3.5 Thermo-Mechanical Response of Welded Austenitic 
Stainless Steels 
As it has been analyzed in previous sections, austenitic stainless steels 
represent the largest group of stainless steel alloys. They exhibit good 
corrosion resistance at ambient and high temperatures and their strength 
levels are equivalent to those of mild steels. Thus, these alloys can found 
application in many industries. The welding process of austenitic stainless 
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steels does not present any difficulties, though certain precautions must 
be taken in order to produce sound welded structures that perform as 
anticipated under service conditions. 
The physical properties and behavior during the welding process of the 
austenitic stainless steels that distinguishes them from the other stainless 
steel grades are based on their primary austenitic phase. Austenitic weld 
metals inherit most of their properties, such as thermal conductivity and 
thermal expansion, from the austenitic phase. However, as described in 
previous sections, most of austenitic stainless steel weld metals contain a 
volume of residual high-temperature δ-ferrite, which affects the weld 
metal in many aspects. The presence of low levels of δ-ferrite in the weld 
metal is generally desired, for example to enhance solidification cracking 
resistance, which has been discussed in previous sections.  
The beneficial effect of ferrite stands only when a small amount of 
ferrite is present in the austenitic weld metal, thus, these low levels must 
be controlled and maintained to avoid undesirable effects and degradation 
of the mechanical properties of the weld metal. The control of the ferrite 
content in the weld metal can be achieved with filler metal alloying 
additions, welding under various shielding gas mixtures and manipulation 
of welding process parameters. In addition, the means that control the 
ferrite volume in the weld metal can greatly affect the properties and 
thermo-mechanical response of the welded structure.  
3.5.1 Mechanical Properties of Austenitic SS Weld Metals 
Austenitic stainless steels are usually welded in the annealed, hot-rolled 
or cold-rolled conditions. In all cases some softening might occur in the 
HAZ due either to grain growth in the case of hot-rolled materials or to 
recrystallization and grain growth in cold-worked material. Thus, when 
transverse stress is applied, failure often occurs in the HAZ rather than in 
the weld metal. The presence of ferrite in the weld metal acts as a second 
phase-strengthening agent and increases the strength level relative to the 
base metal and the HAZ. 
Frequently, in austenitic stainless steel welded joints the weld metal 
area exhibits the highest values of hardness. During the solidification of 
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the fusion zone (FZ), the material generally loses its original strength 
induced by strain hardening. In single-phase materials, such as fully 
austenitic stainless steels weld metals, the increment of hardness in the 
FZ may be induced by precipitation hardening effects, residual stresses or 
microstructure refinement due to rapid solidification in the weld pool 
[Zambon et al 2006]. The same hardness behavior is observed when 
residual high temperature ferrite is present in the weld metal 
microstructure [Zumelzu et al 1999; Klimpel et al 2006]. As the ferrite 
content increases in the weld metal, the hardness is enhanced, resulting 
in about 30% higher hardness values in the weld metal in comparison to 
the base metal hardness when solidification occurs in the FA mode [Silva 
et al 2009b].  
Hardness is also enhanced by the addition of nitrogen in the weld 
metal, since nitrogen is an interstitial solid solution strengthening element 
[Shankar et al 2003]. The weld metal increases its hardness when the 
solubility of nitrogen in the microstructure increases. Huang [2009] 
performed GTAW and A-GTAW welds with Ar + N2 shielding gas mixtures. 
The activating flux increased the welding voltage and subsequently the 
solubility of nitrogen in the weld metal. Thus, the A-GTAW weld metal 
exhibited higher hardness from the GTAW weld metal. Similarly, Tseng 
and Chou [2003] compared the weld metal hardness of alloys AISI 304 
and AISI 310 and found that the hardness of the latter was higher. This 
was justified by the fact that AISI 310 can absorb more nitrogen than 
AISI 304 alloy.  
An exception to this hardness profile in austenitic stainless steel welds 
has been observed when hydrogen is added to the shielding gas. 
Hydrogen, as it can be seen from Figure 3.64b, has as ten times more 
thermal conductivity than argon. Small amounts of hydrogen in the 
shielding medium can increase the melted volume of base metal in GTAW 
even by four times [Tušek & Suban 2000].  Although, high welding speed 
and efficiency is yielded from the addition of hydrogen in the shielding 
gas, the weld metal and HAZ become ductile and exhibit low hardness 
values [Durgutlu 2004; Gülenç et al 2005]. This is attributed to the fact 
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that when hydrogen in the shielding gas increases, a significant grain 
growth in the weld metal occurs [Durgutlu 2004]. 
Austenitic stainless steels are excellent engineering materials at 
cryogenic temperatures, since they exhibit good strength, ductility and 
toughness at those temperatures [Michler 2007]. For good service 
performance at cryogenic temperatures, a common practice is to avoid 
extensive formation of ferrite in the weld metal. Ferrite is considered to 
degrade toughness at those temperatures [Chi et al 2007]. The 
experimental observation of the negative effect of ferrite is difficult to 
establish. In the work of Yuri et al [2000] the welded L-grades 304L and 
316L alloys were exposed to fatigue test, but their failure was attributed 
to pre-cracks and blowholes overshadowing the role of δ-ferrite. However, 
Liao and Chen [1998] observed a decrease of toughness in their 
weldements which was solely attributed to the presence of δ-ferrite. In 
addition, a small addition, about 5%, of hydrogen in the shielding gas 
mixture is proven to increase toughness [Gülenç et al 2005]. 
The tensile and yield strength of welded austenitic stainless steels are 
enhanced when ferrite is present in the weld metal. This behavior is 
evident in the work of Lee et al [2009a], where the increment of the 
Creq/Nieq resulted in higher tensile and yield strength. Apart from δ-ferrite, 
nitrogen has the ability to increase the tensile strength of austenitic 
stainless steels [Huang 2009], while small amounts of hydrogen in the 
shielding gas seem to improve the ultimate tensile strength (UTS) too 
[Gülenç et al 2005]. Mechanical properties of weldments are not 
depended entirely on compositional effects. Liao and Chen [1999] 
observed differences in the UTS of austenitic stainless steels welded with 
the GMAW and FCAW process. The GMAW welded components exhibited 
higher tensile strength. This was attributed to inclusions, which were 
found in both welds, but in a much more extend in the FCAW joints, due 
to the presence of the flux.  
3.5.2 Residual Stresses and Deformation of welded Austenitic SS 
The residual stresses in welded structures are generated via the thermal 
stresses which are present during the welding process. The expansion and 
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contraction of the metal during heating and cooling, respectively, of the 
thermal cycle are responsible for the material to be plastically deformed. 
At the end of the thermal cycle a residual stress field is formed resulted 
from the plastic behavior of the material, which is apparent in the 
microstructure due to an increase in dislocation density [Stoenescu et al 
2007]. In single phase materials, such as austenitic stainless steels, a 
typical stress field is usually found in butt-welded joints [Zambon et al 
2006], which is illustrated in Figure 3.66.  
 
Figure 3.66 Typical distributions of (a) longitudinal (σχ) and (b) transverse (σy) residual stresses in butt-weld [Kou 2003]. 
The high tensile residual stresses in the weld metal and its adjacent area 
in the longitudinal direction (Fig. 3.66a) are resulted from the FZ 
shrinkage occurring during cooling [Park et al 2004]. These stresses are 
balanced by compressive stresses at higher distance. The distribution of 
the transverse residual stresses along the length of the weld (Fig 3.66b) 
exhibit relatively low tensile stresses in the middle part of the weld, where 
the thermal contraction is restrained by the much cooler metal farther 
away from the wed. These tensile stresses in the middle of the weld are 
balanced by compressive stresses at the ends of the weld, as it has been 
observed in the case of Pratihar et al [2009], who determined the residual 
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stress field in an AISI 316L welded specimen. If the lateral contraction of 
the welded joint is restrained by an external constrain, such as fixture 
holdings, approximately uniform tensile stresses are added along the weld 
as the reaction stress. The external constrains have little or no effect in 
the longitudinal direction.  
The magnitude and field of the residual stresses are greatly influenced 
by the material. In austenitic stainless steels the yield strength of the 
weld metal has a significant effect on the magnitude of the final welding 
residual stresses especially in the weld zone area [Deng et al 2008]. In 
addition, austenitic grades, due to their physical properties, such as 
thermal conductivity and thermal expansion coefficient, produce a wide 
tensile stress field in the weld metal and its adjacent region. This is 
apparent mostly in dissimilar welds with ferritic steels [Joseph et al 2005; 
Roy et al 2007]. 
The physical properties of austenitic stainless are also responsible for 
the excessive welding deformation that occurs. The high thermal 
expansion coefficient combined with the low thermal conductivity, which 
is responsible for extremely steep temperature gradients in the bulk 
metal, result in high deformation. Deformations are reversely related to 
the residual stresses. Where dimensional constrains exist, high stresses 
and low deformation occurs, while low stresses and high deformation 
occurs where no constrains are applied [Radaj 1992]. The welding 
thermal cycle will lead the joint to various dimensional changes. The basic 
dimensional changes are the longitudinal and transverse shrinkage and 
the angular change which results from the temperature gradient along the 
materials thickness. These dimensional changes are illustrated in Figure 
3.67. 




Figure 3.67 Dimensional changes due to welding: (a) Transverse and (b) longitudinal shrinkage, (c) angular change in butt- and (d) fillet-welds [Kou 2003]. 
As mentioned previously, residual stresses, and consequently 
deformation, are influenced by the material and its microstructure. The 
presence of δ-ferrite in the weld metal has a detrimental effect on the 
residual stresses. The ferritic phase has a lower thermal expansion 
coefficient compared to the austenitic phase. Thus, if ferrite is present in 
the fusion zone less shrinkage occurs. This has been established 
experimentally by Lin and Chen [2001], who measured the dimensional 
change during heating and cooling welding cycles in AISI 316L stainless 
steel alloy, as shown in Figure 3.68 a & b. They have used Ar + N2 
shielding gas mixtures in order to control the residual ferrite content in 
the weld metal. For nitrogen additions to the gaseous shield, up to 8%, 
the weld metal contained no ferrite, namely 0 FN, while for pure argon 
shielding gas the weld metal resulted to 8.5 FN approximately. The 
heating and cooling curves of the weld metal with 0 FN, which are 
presented in Figure 3.68a, show a negative shrinkage value once the 
temperature drops below 400°C, while the curves of the weld metal with 
residual ferrite maintain a positive expansion value during the cooling 
process (Fig. 3.68b). Therefore, the weld metal, which contained ferrite, 
underwent a smaller contraction after welding. Thus, the presence of 
ferrite in the weld metal reduces the magnitude of the tensile stresses in 
the weld metal area.  




Figure 3.68 Dimensional changes during heating and cooling in 316L stainless steel with (a) 0 FN and (b) 8.5 FN in the weld metal [Lin & Chen 2001]. 
The presence of nitrogen in the shielding gas affects indirectly the residual 
stresses and deformation of welded joints, not only due to the reduction 
of ferrite in the weld metal, but also due to its effect on heat input levels 
[Lin & Chen 2001; Tseng & Chou 2003]. The relation of nitrogen and heat 
input from GTAW of two austenitic steel alloys is presented in Figure 3.69.  
 
Figure 3.69 Calculated heat input as a function of nitrogen added in argon shielding gas [Tseng & Chou 2003] 
Thus, an increase in nitrogen content in the gaseous shield, results in 
higher heat input values, namely higher temperatures in the welded 
joints. Heat input values influence directly the residual stresses and 
deformation, mostly due to the higher volume of welded metal, which 
results in higher shrinkage forces during cooling [Huang 2009]. The 
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influence of nitrogen on the maximum principal residual stress in two 
austenitic alloys for low and high heat input values is plotted in Figure 
3.70, from the work of Lin and Chen [2001]. 
 
Figure 3.70 Influence of nitrogen to maximum principal residual stress for (a) high and (b) low heat input values [Lin & Chen 2001]. 
The influence of heat input on the residual stresses in austenitic stainless 
steel welds has been observed by many investigators [Akbari & Sattari-
Far 2009]. Thus, several techniques and welding practices have been 
developed in order to reduce welding residual stresses. Investigations 
have been conducted in order to determine the optimum groove angle in 
butt-joints of austenitic stainless steels for minimizing residual stresses 
[Akbari Mousavi & Miresmaeili 2008; Sattari-Far & Farahani 2009]. The 
weld groove shape is not an important factor when it comes to welding of 
thin plates. However, when thick plates are welded the “X” groove shape 
is preferred so that heat input is balanced [Sattari-Far & Farahani 2009].  
Another technique, which involves geometrical preparation of the joint, 
has been developed in order to reduce residual stresses and it is termed 
“narrow gap” welding. As the term implies, a narrow gap exists between 
the two plates to be welded allowing only small amounts of molten metal 
to form the weld metal. Thus, the heat input is reduced and subsequently 
the residual stresses magnitude lowers. The narrow-gap welding process 
has been extended by Engelhard et al [2000] with a post-weld pass on 
the top surface of the welded joint (Last Pass Heat Sink – LPHS 
technique). This pass covers the weld and HAZ surface turning the high 
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tensile stresses of the weld to compressive stresses of moderate 
magnitude. The purpose is to eliminate the tensile stresses which can 
more easily facilitate crack initiation. 
The symmetrical benefits that yield from the “X” groove were used for 
the development of another welding process which reduces residual 
stresses and distortion in thick welded joints. The technique is known as 
the Double-Sided Arc Welding (DSAW) process and is based on the 
simultaneous employment of two arc torches on both sides of the joint to 
be welded (Fig. 3.71). During the first pass the torch on the upper surface 
of the joint advances in order to facilitate the overhead welding process of 
the second torch (Fig 3.71a). 
 
Figure 3.71 DSAW process: (a) first pass and (b) subsequent passes [Zhang et al 2001]. 
The DSAW process has been compared with conventional arc welding in 
the work of Zhang et al [2001]. Shrinkage forces during cooling of the 
fusion zone in a “V” shaped joint are uneven in the depth-direction (Fig. 
3.72a), thus, resulting in out-of-plane distortion. On the other hand, 
during the DSAW process shrinkage forces in the fusion zone are more 
symmetrical (Fig. 3.72b), thus, reducing the transverse distortion and the 
residual stresses in the weld pool. In addition, DSAW process is a 
relatively low-heat input process. In a subsequent investigation, Zhang et 
al [2002] calculated the amount of heat input required for plasma arc 
welding and the DSA welding. The PAW process was selected for 
comparison because it is considered ideal for thick sections. The DSAW 
process attributed to the welded joint 70% less heat input that the PAW 
process. 




Figure 3.72 Shrinkage forces in the fusion zone of (a) a V-shaped weld metal and (b) in DSAW weld metal [Zhang et al 2001]. 
Residual stresses apart from the heat input values are also influenced by 
the temperature gradients, which occur during the welding process. Due 
to their thermal properties, austenitic stainless steels exhibit high 
temperature gradients, which greatly affect the residual stresses and 
deformation.  
Chou and Lin [1992] have investigated the possibility of smoothing the 
thermal gradients during the welding process by employing the "parallel 
heat welding" (PHW) process, which is schematically presented in Figure 
3.73. The principal of the process is that two heating torches are 
travelling parallel to the welding arc, thus heating the workpiece.  
 
Figure 3.73 The parallel heat welding process [Chou & Lin 1992]. 
The main feature of the process in that the bulk temperature of the metal, 
increases far from the weld line, thus lowering the thermal gradients, 
which would have resulted from the conventional welding process. Based 
on the experiments of Chou and Lin [1992], a 21-32% reduction of the 
principal residuals stresses can be achieved with PHW in comparison to 
conventional welding (CW) and that the stress relief with low heat input 
values is greater than with higher heat input values. However, the issue 
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of sensitization raises, since the HAZ is exposed to high temperatures 
longer that conventional welding. In their work Chou and Lin [1992] 
measured the exposure time at temperatures of 600 to 800°C in both 
PHW and CW and found small differences, less than a second. Based on 
these time measurements the phenomenon of sensitization was excluded. 
In a subsequent investigation the dependence of residual stresses on the 
"equilibrium temperature" was denoted [Lin & Chou 1992]. The 
"equilibrium temperature" refers to the temperature at which the cooling 
curves of the metal converge. The longitudinal residual stress decreases 
with increasing welding equilibrium temperature.  
Based on these previous assumptions, an investigation has been 
conducted by Lin and Lee [1997], in order to define the influence of the 
preheating temperature on welding residual stresses. Based on their 
results one can find that there are two factors affecting the formation of 
welding residual stress in preheating process, which are the elevation of 
welding equilibrium temperature and the increase of heat input. Their 
cumulative effects do not improve significantly the welding residual 
stresses. An increase in the preheating temperature will increase residual 
stresses. In addition, preheating will introduce a wider HAZ and poorer 
base metal strength than CW of stainless steel.  
A process which allows the variation of additional parameters, in order 
to regulate the heat input, the weld metal geometry and subsequently 
control the residual stress field is the pulsed-welding process. A complete 
investigation of the effects of pulsed-GTAW on the residual stresses of 
austenitic stainless steels has been conducted by Tseng and Chou [2002]. 
Based on their results, greater pulse frequency can enhance the 
concentration of energy density on the heat source, thus increasing the 
depth-to-width ratio and reduce the HAZ range of the welded joint, which 
results directly to reduction of residual stresses. The increment of pulse 
spacing also reduces residual stresses, due to the fact that larger pulse 
spacing introduces lower heat input values. The current amplitude ratio, 
which is the ratio of the peak to the background current, also affects 
residual stresses. As the current amplitude ratio increases, residual 
stresses tend to reduce, due to the reduction of the temperature 
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difference between the fusion zone and the unaffected base metal. In 
addition, the duration ratio, which is the ratio of the duration of the 
background to the duration of the pulse current, affects the peak 
temperature values and subsequently the thermal stresses. Increasing 
the duration ratio, smaller residual stresses are formed in the weld.  
It can be summarized that physical properties and welding practice are 
the major factors that affect the thermo-mechanical response of 
austenitic stainless steel welded structures. In order to control or predict 
residual stresses and deformation it is crucial to obtain knowledge of the 
material. The unique properties of austenitic stainless steel alloys, 
specifically the thermal conductivity and thermal expansion coefficient, 
are responsible for residual stress differences, even among the austenitic 
alloys, as in the case of AISI 304 and AISI 310 alloys [Tseng & Chou 
2002]. In addition, the presence of residual ferrite in the weld metal must 
always be taken into account because the material behavior alters during 
heating and cooling of the thermal cycle. Finally, the various parameters 
of the welding procedure must be handled with caution, in order not to 
introduce to the material excessive heat input that will eventually lead to 
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CHAPTER 4 - EXPERIMENTAL WELDING OF AISI 316L  
4.1 Introduction 
For the purpose of this thesis, welding experiments on austenitic stainless 
steel plates were carried out. More specifically, the flux cored arc welding 
(FCAW) process has been employed to butt-weld austenitic stainless steel 
plates of various dimensions and thicknesses. The FCAW equipment was 
attached to a robotic device, thus ensuring the preservation of constant 
welding speed and arc length during the process. Prior to the welding 
process, bead-on-plate tests were performed in order to determine 
optimum welding conditions for the welding procedure of the specific 
austenitic stainless steel alloy. Both linear and linear weaving torch 
movements were used for optimum filler metal deposition in the weld 
groove and production of sound weld profiles.  
During the welding process measurements of the thermal cycles, local 
strain and out-of-plane deformation were carried out with the use of 
appropriate measurement and data acquisition equipment. In the as-
welded condition, the residual stresses were measured experimentally by 
means of a semi-destructive method. In addition, transversal sections 
were cut off from the welded joints and subjected to complete 
metallographic investigation through optical microscopy (OP) and scanned 
electron microscopy (SEM). Subsequently, micro-hardness tests were 
carried out to determine the hardness of the weld metal, heat affected 
zone and base metal.  
The measurement results, obtained during the welding process, 
justified the properties of austenitic stainless steels. During the welding 
thermal cycle the peak temperatures were moderate, even at points near 
the fusion zone, and steep cooling curves were recorded, due to the low 
thermal conductivity of the alloy. In addition, high values of local strain 
and out-of-plane deformation were observed, since the alloy possesses a 
high thermal expansion coefficient, in combination with a wide residual 
tensile stress field in the weld metal and its adjacent region.  
In the solidified weld metal both phases of austenite and δ-ferrite were 
formed, with ferrite being the primary solidification phase, while the base 
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metal and heat affected zone exhibited a fully austenitic microstructure. 
The beneficial effect of the L-grades has been pronounced, particularly in 
the case of multi-pass welding, where no chromium carbide precipitation 
was observed in the heat affected zone or in the overlapped welding 
passes. The presence of sufficient δ-ferrite in the weld metal eliminated 
the susceptibility of any cracking during cooling to room temperature and 
enhanced the hardness of the weld metal as compared to the base metal.  
4.2 Materials 
Austenitic stainless steels represent the largest group of stainless steels 
and are applied in service, due to their good mechanical properties at 
elevated and cryogenic temperatures, in most corrosive environments. 
Thus, a representative from this large group a low-carbon austenitic 
stainless steel grades was selected to be studied during welding and in 
the as-welded condition. The welding process employed to the 
experiments was the FCAW process. Thus, a flux-cored wire with similar 
chemical composition to the base metal was selected as the filler metal.  
4.2.1 Base Metal 
The specific austenitic alloy, which was selected for the welding 
experiments, is mostly known with its AISI (American Institute for Steel 
and Iron) designation, as AISI 316L stainless steel. The steel’s EN (Euro 
Norm) designation is EN 1.4404/EN 1.4401, according to the EN 10088-
2/05 standard, while the designation according to ASTM (American 
Society for Testing and Materials) International and to the ASTM 
A240/A240M-05 standard is Type 316L/316. This stainless steel alloy is 
usually selected for being durable under various corrosive environments 
at ambient and elevated temperatures. Thus, it is considered to be an 
excellent material for application in the marine and petrochemical 
industry, mostly in LNG carriers and pipe systems.  
 The steel was produced and delivered in plates in the hot-rolled and 
annealed condition, as declared by its certificate. The chemical cast 
analysis, which was attached to the certificate of the alloy, is presented in 
Table 4.1, along with the required compositional figures based on the 
designation standard of the steel alloy.  
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Table 4.1 Chemical Analysis of AISI 316L stainless steel. 
 Composition (wt %)* 
Element C Si Mn Ni Cr Mo S P Fe 
Required 
min    10.00 16.50 2.00   Bal. 
max 0.030 0.75 2.00 13.00 18.00 2.50 0.015 0.045 
Cast 
 Analysis 
0.024 0.38 1.39 10.09 16.97 2.02 0.004 0.032 Bal. 
It can be readily noted from the cast analysis that the alloy belongs to the 
"18-8" group of austenitic stainless steels, which contain 18 wt% 
chromium and 8-10 wt% nickel, approximately. In addition, the AOD 
(argon-oxygen decarburization) melt process, which apparently had been 
used during the fabrication of the steel, managed to minimize its carbon 
content to 0.024 wt%, thus appointing the alloy to the L-grade group. 
Similarly, the sulfur content has been retained to 0.004 wt%, in order to 
avoid solidification cracking phenomena. 
The steel certificate contained also mechanical properties, of the 
specific heat number, at room temperature. These properties are 
presented in Table 4.2, along with the minimum property requirements 
based on the EN 10002-01 standard.  










[HV]   Rp. 0.2% Rp. 1.0%  5 mm 50 mm  
Required 
min 220 260 530 40 40  
max   680   220 
Obtained 319 363 600 52 54 175 
The mechanical property values of the alloy are within the desired range 
for the specific alloy. The hardness value of the cast is much lower than 
the maximum allowed. This maximum barrier is set in the case some δ-
ferrite is present in the microstructure. However, the 316L plates being 
fully austenitic had a nominal hardness value of 175 HV.  
The length and width dimensions and the thickness of the stainless 
steel plates varied. Based on this dimensional variation the experiments 
were categorized in different sets. More specifically, the welding 
experiments were divided into three basic groups based on the different 
thickness of the plates. Subsequently, these groups were subdivided 
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according to the length and width dimensions of the plates. The 
categorization of the welding experiments is presented in Table 4.3. 
Table 4.3 Sets of Welding Experiments.  Thickness [mm] 
Plate Dimensions [mm2] 4 8 12 350 x 150 A.1 B.1 C.1 700 x 300 A.2 B.2 C.2 
The sequence of the welding experiments had followed, primarily, the 
increment of the thickness and subsequently the increment of the length 
and width dimension.  
The selection of the above length and width dimensions and thickness 
of the plates was not random. The use of thin sheets is the current trend 
in the shipbuilding industry, thus the 4 mm plates were selected. 
However, in the majority of the welded structures, 6 to 8 mm thick plates 
are still being used, thus the 8 mm thick plates were also included in the 
experiments. Finally, the 12 mm thick plates were selected, since a multi-
pass procedure, which is completed after six welding passes, is required 
to weld them. The specific number of welding passes required is 
considered ideal for the application of the “grouping” technique in multi-
pass welding simulation, which is discussed in the present thesis. 
The welding of the small length and width plates (350x150 mm2) aimed 
at the testing and optimizing of the welding process for the subsequent 
welding of the large dimension plates (700x300 mm2). The dimensions of 
the large plates are appropriate for the welding residual stress field, in the 
region of the mid-length of the plates, to evolve unaffected from any 
boundary conditions, such as constraints.   
4.2.2 Filler Metal 
The austenitic stainless steel plates have been welded with the 
employment of the FCAW (Flux Cored Arc Welding) process and hence the 
appropriate flux-cored wire has been selected. The trade name of the 
flux-cored wire is BÖHLER EAS 4 M-FD®, manufactured by the Böhler-
Thyssen® company. The designation of the flux-cored wire according to 
the EN ISO 176333-A: 2006 standard is T 19 12 3 L R M (C) 3, while 
according to the AWS A5.22-95 standard is E316LT0-4(1).  
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The specific flux-cored wire contains rutile flux and the chemical 
composition of the metal sheath according to the certification sheet, 
which was included in the wire packaging, is presented in Table 4.4. 
Table 4.4 Chemical composition of flux-cored wire E316LT0-4(1). 
 Composition (wt %)* 
Element C Si Mn Ni Cr Mo S P N Cu Fe 
Cast 
Analysis 
0.029 0.78 1.38 11.94 19.07 2.60 0.008 0.022 0.024 0.17 Bal. 
Observing the chemical composition of the flux-cored wire one can note 
that the low carbon content establishes the L-grade character in the weld 
metal. Chromium and molybdenum contents are higher than those of the 
cast analysis of the base metal, in order to ensure the formation of some 
residual δ-ferrite in the weld metal and avoid any solidification cracking 
phenomena. However, in order to restrain the δ-ferrite content in the 
weld metal in the desired levels, the nickel content is also enhanced. In 
addition, some nitrogen has been added to enhance the mechanical 
properties of the weld metal. The mechanical properties of the filler metal 
are presented in Table 4.5, as listed in the flux-cored wire certificate. 












Absorbed Energy  
minimum Values  
[J] 20 °C Rp. 0.2% 520 30 20 °C -120 °C 350 47 32 
The diameter of the filler wire was 1.2 mm, which is considered ideal for 
welding plates with thickness higher than 3.0 mm. The flux-cored wire is 
supplied wrapped around a 15 kg Type B300® basket spool, as shown in 
Figure 4.1, according to EN ISO 544: 2003.  
 
Figure 4.1 Wire basket spool for flux-cored wire. 
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The basket spool is designed accordingly, in order to be attached on the 
wire feeder of the welding machine. The specifications of the flux-cored 
wire mandate the use of direct current and reverse polarity (DCEP) due to 
the cleaning character of the DCRP-arc required for the stainless steel 
alloy and the presence of the flux, which limits the electrical conductivity 
of the flux-cored wire. The shielding gas medium of the process must be a 
mixture of Ar + 15 - 25% CO2 or 100% CO2, namely the M21 and C11 gas 
mixtures, according to EN 439: 1995. The use of 100% CO2 does not 
increase spattering due to the beneficial presence of the flux. The 
specifications of the 1.2 mm flux-cored wire dictate that not all welding 
positions are available, because the specific wire-diameter is designed for 
the horizontal position. However, it can be used in the vertical up and 
overhead position with extra care. 
4.3 Welding Equipment 
The equipment used for the FCAW process is practically the same with 
that of the GMAW process. For the experiments described in this thesis, 
the automated-FCAW process has been employed with the use of a 
welding robotic arm, which is illustrated in Figure 4.2.  
 
Figure 4.2 Welding robotic arm used in the automated-FCAW process. 
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The robotic device has been designed and constructed by the IGM 
Robotersysteme® company and consists of a robotic arm and the 
GMAW/FCAW welding equipment. The robotic arm possesses 6 degrees of 
freedom (DOF) allowing a linear movement in the global Cartesian 
system. The DOFs of the arm are translated to the rotational movement 
of its 6 axes, as presented in Figure 4.3.  
The GMAW welding equipment consists of the GMAW welding machine, 
the shielding gas cylinder and the wire feeding unit. The GMAW machine 
is the TPS330® model by Fronius® and has the ability to produce up to 
380 A welding current. These high welding currents present no risk to 
welding gun overheating, due to a cooling unit embodied in the GMAW 
machine. The cooling circuit runs from the cooling unit up to the gas 
nozzle of the welding gun, thus keeping the temperatures as low as 
possible. The welding machine and the shielding gas cylinder are shown in 
Figure 4.4a, while the wire spool socket and the wire feeder are illustrated 
in Figures 4.4 b & c, respectively. 
 
Figure 4.3 Schematic of the robotic arm axes. 




Figure 4.4 (a) Welding machine and shielding gas cylinder, (b) Wire spool socket and (c) Wire feeder. 
The shielding gas cylinder contained, as the specifications of the flux-
cored wire mandated, a mixture of argon and carbon dioxide. More 
specifically, the shielding gas mixture selected was Ar + 18% CO2, which 
belongs to the M21 shielding gas group of the EN 439: 1995 standard. 
The increased CO2 volume in the gas mixture is preferred in order to 
increase heat input values and penetration, which is originally suppressed 
by the low thermal conductivity of the alloy. In addition, there is no 
concern to the contamination of the molten pool by carbon from the gas 
mixture due to the presence of the flux on the surface of the molten pool.  
4.4 Welding Procedure 
 The development of welding procedures for the various austenitic 
stainless steel plates requires the performance of bead-on-plate (BoP) 
tests in order to obtain optimum welding conditions. In addition, a bevel 
treatment on the joining edge of the plates may be necessary, depending 
on the thickness of the parent metal. 
Regarding the bevel treatment of the plates, according to AWS 
D1.1/D1.1M:2004, the thin austenitic stainless steel plates required none, 
while for the 8 mm thickness plates a bevel of 30° along the joining-edge 
was necessary, thus forming a V-groove joint shape. The thick 12 mm 
(a) (b) 
(c) 
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plates were given also a V-groove joint shape, which was formed with an 
offset of 2 mm from the lower surface of the plate. The joint preparation 
of all three different joint types is illustrated in Figure 4.5. 
 
Figure 4.5 Edge and joint preparation for (a) 4 mm, (b) 8 mm and (c) 12 mm. 
Based on AWS D1.1/D1.1M:2004 standard, for all welded joints an initial 
groove gap was established according to the thickness of the plates (Fig. 
4.5). The gap width was 3 mm for the 4 and 8 mm plates, while for the 
12 mm thick plates it was maintained at 3.5 mm. In addition, in order to 
yield a sound root-shape and avoid excessive melting, the use of a 
ceramic back-up strip on the root-joint was deemed mandatory, as 
observed in Figure 4.5. 
As mentioned, previously, the conduction of bead-on-plate tests was 
necessary, in order to acquire optimum welding conditions for the various 
weld joints. According to the specification sheet of flux-cored wire 
BÖHLER EAS 4 M-FD®, Arc-Voltage and Welding-Current range are 
prescribed. More specifically, the arc voltage must be 20 to 32 [V] and 
the welding current 125 to 280 [A]. The welding machine (TPS330® model 
by Fronius®) is constant-voltage machine, namely the arc voltage is the 
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subsequently determines the welding current. Thus, a wide range of arc 
voltages were examined via bead-on-plate tests. Arc voltage values close 
to 30 [V] resulted in welding current values over 200 [A] and in excessive 
penetration (even burn-through) and undesirable weld bead shape. On 
the other hand arc voltages close to 20 [V] resulted in welding currents 
less than 150 [A] and poor penetration with narrow weld bead width. 
Adequate penetration and sufficient weld bead width were obtained with 
arc voltage 24 [V] and resulted welding current 163 [A] for a wide range 
of welding speeds (300 to 500 mm/min). Thus, all welds were deposited 
with 163 [A] welding current and 24 [V] arc voltage. 
Additional welding parameters, such as weaving width, frequency and 
welding speed, were established for two welding gun movements, namely 
for linear and linear weaving welding (Fig. 4.6). In the case of linear 
weaving, the welding gun moves from the start to the end point of the 
weld maintaining linear velocity, while performing a certain number of 
oscillations between two secondary points, which determine the width of 
the oscillation. This kind of gun movement requires small welding speeds. 
 
Figure 4.6 Bead-on-plate tests on austenitic stainless steels. 
However, when a bead was deposited with linear torch movement the 
welding speed was higher than in the case of weld deposition with linear 
weaving movement. An exception was made in the case of the thin plates, 
where no edge treatment was performed, where the linear welding speed 
was kept low in order to ensure complete penetration and fusion in the 
Chapter 4 – Experimental Welding of AISI 316L 
199 
 
thickness direction of the plate. Thus, in the case of the 4 mm plates a 
single pass weld was enough to achieve complete fusion and penetration.  
In the case of the 8 mm plates, linear weaving movement was selected 
for all welding passes, since the weld groove geometry allowed such 
implementation. However, a low welding speed had to be maintained so 
that the groove filling was sufficient, while the weaving width increased as 
the weld groove broadened. Thus, sufficient groove filling was 
accomplished with just three weld passes. However, in the case of the 12 
mm plates, a minimum number of welding passes was required to serve 
the needs of the subsequent thermo-mechanical modeling investigation. 
Thus, linear weaving movement was employed only when it was 
mandatory and more precisely, during the root and reinforcement passes, 
firstly to ensure adequate penetration and good root formation and 
finally, to produce smooth convexity on the weld surface. For the 
intermediate passes linear torch movement has been selected during 
welding. In Table 4.6 the welding conditions for all austenitic stainless 
steel welds are summarized. 












4 mm Plates 1st  24 163 300 No 18 
8 mm Plates 1st - Root 24 163 300 4 18 2nd  24 163 300 6 18 3rd  24 163 300 10 18 
12 mm Plates 1st - Root 24 163 350 4 18 2nd – 5th  24 163 450 No 18 6th  24 163 250 14 18 
It can be noted from the summarized welding conditions that a shielding 
gas flow of 18 l/min had been selected. This gas flow value is compatible 
with the flux-cored wire specifications, which recommend a 15 to 18 l/min 
Ar + 18% CO2 mixture gas flow.  
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From the data provided in Table 4.6 it is evident, that in the case of the 
thick plate weld, the welding speed in linear weaving filler deposition 
varies based on the weaving width. This variation is necessary in order to 
have sufficient amount of filler metal deposited smoothly along the weld 
bead. The welding torch has been regulated to perform 90 oscillations per 
minute, thus having a frequency of 1.5 Hz. As the width of the oscillation 
increases the linear movement of the torch must be reduced in order to 
produce a smooth weld bead with sufficient amount of filler metal even at 
the edges of the bead. If the linear torch speed increases under high 
weaving width there is not enough time for the filler metal to be deposited 
along the entire weld bead width. This assumption is evident in Figure 
4.7, where for the same weaving width (14 mm) and frequency (1.5 Hz) 
two weld beads were deposited with different welding speeds.  
 
Figure 4.7 Weaving weld bead depositions with (a) 350 mm/min and (b) 250 mm/min linear welding speeds. 
It can be readily noted, from Figure 4.7a, that high linear speed of the 
torch with high weaving width do not deposit adequate amount of filler 
metal, mostly at the weld bead edges. In addition, the smoothness of the 
weld bead surface is poor compared to the surface of the weld bead 
deposited with lower welding speed (Figure 4.7b).  
However, this practice has not been applied during the linear weaving 
filler deposition for the 8 mm thick plates. Another approach has been 
(a) (b) 
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followed, in which a medium linear torch speed has been selected for all 
welding passes. This approach can be justified by the fact that the 
variation of the weaving width, even between the 3rd and 1st passes, for 
the 8 mm plate welding was not as high as the variation of the weaving 
width of the 1st and 6th passes of the 12 mm plate welding. With the 
selection of a moderate speed, namely 300 mm/min, all welding passes 
exhibited adequate deposition and smooth shape.  
4.5 Measurement Equipment 
During the welding experiments measurements of the thermal cycles, the 
local strain and out-of-plain deformation were carried out. In the as-
welded condition a semi-destructive method has been employed, in order 
to determine the welding residual stresses. Thus, various measurement 
instruments and devices have been assembled, in order to conduct all the 
above measurements. 
4.5.1 Thermocouples  
The thermal cycles during welding and upon cooling have been measured 
in all cases, namely for every dimensions and thickness of the stainless 
steel plates. In order to capture the transient temperatures at various 
distances from the weld line, thermocouples have been used. The 
thermocouple represents the most widely used temperature converter. 
The principle of the thermocouple is based on the theory that two metallic 
conductors, of different metals, when joined together on their one end, 
produce an electric potential on their other end (Fig. 4.8). This electric 
potential is dependent on the combination of the metallic conductors and 
temperature. 
 
Figure 4.8 Schematic of the electric potential produced at the ends of two metallic conductors joined together.  
Chapter 4 – Experimental Welding of AISI 316L 
202 
 
The variation of temperature at the joined end of the metallic conductors 
affects the electric potential via a function. This function is determined 
based on the combination of the metallic conductors. The various metallic 
combinations designate the type of the thermocouple and its operational 
range.  
The type of the thermocouples used in the experiments is Type-K, 
which is also known with the trade name "Chromel-Alumel" thermocouple 
and is presented in Figure 4.9. The thermocouples were constructed and 
provided by the UTECO® company. The metallic conductors of this type 
consist of Ni (90%) - Cr (10%) and Ni (95%) - Al (2%) - Mn (2%) for the 
positive (+) and the negative (-) conductor, respectively. Type-K 
thermocouples have an operational range from -270 to 1370 °C and are 
the only type which exhibits a linear relationship between the electric 
potential and the temperature. The coefficient, k, of this linear function is 
equal to k = 41 [μV/°C]. The linearity of the function is one of the main 
advantages in the use of Type-K thermocouples, apart from their wide 
operational range. 
 
Figure 4.9 Thermocouple Type-K used in the experiments. 
The thermocouples were mounted on the stainless steel plates with the 
use of a special 2-part cement adhesive, which was supplied along with 
the thermocouples. 
Conductors Joined End 
Electric Potential Output 
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4.5.2 LVDTs (Linear-Variable Differential Transformers) 
In most experiments the out-of-plane deformation has been measured 
with the use of LVDTs (Linear-Variable Differential Transformers). The 
operation of LVDTs is based on the principles of electromagnetism. A 
longitudinal section of an LVDT is presented in Figure 4.10, where the 
moving and static parts that constitute the LVDT are apparent. The static 
part of the LVDT consists of three coil windings. The primary coil winding 
is supplied with constant AC Voltage, thus creating its electromagnetic 
field. The two secondary coil windings at both edges of the static part 
produce an electric potential through self-induction by the movement of 
an iron magnetic core in the LDVT. The voltage difference between the 
two secondary coil windings is directly proportional to the movement of 
the iron core. Thus, the linear motion of the extension of the iron core is 
transformed directly to a voltage difference.  
 
Figure 4.10 (a) Longitudinal section and (b) electric circuit diagram of an LVDT. 
In addition, the two secondary coil windings of the LVDT are connected 
with a periodic phase difference of 180˚. Thus, from the polarity of the 
resulting voltage difference, at both ends of the conductors, information 
on the direction of the core motion can be derived.  




Figure 4.11 The LVDTs types employed throughout the experiments. 
The LVDTs used throughout the experimental test were manufactured by 
Applied Measurements Ltd®. Two different types of LVDTs, which varied 
on their measurement range capability, have been employed (Fig. 4.11). 
The measurement range of the LVDTs has been ± 50 mm and ± 25 mm 
for the long and short type, respectively.  
4.5.3 Strain Gages 
In order to measure the local strain of austenitic stainless steel during 
welding, strain gages have been applied on the surface of the material at 
various distances. A strain gage is basically a small electric resistance, 
which alters its resistance value when its length is altered. A typical strain 
gage is presented in the schematic of Figure 4.12.  
 
Figure 4.12 A typical strain gage. 
Measurement range ± 25 mm 
Measurement range ± 50 mm 
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The electric resistance of the strain gage is encapsulated in order to be 
protected and easily attached on the material surface by a proper 
adhesive. The characteristic numerical value for strain gages is the gage 
factor, which is basically the fraction of the percentage variation in 
resistance to the percentage variation in gage length, namely G.F. = 
(dR/Ro) / (dL/Lo) with R being the resistance value and L the length of the 
resistance. Knowing the gage factor of a given strain gage, the conversion 
to strain is easily accomplished.  
During the experiments, measurements of the transient strain in the 
longitudinal and the transverse direction to the weld line were acquired. 
In order to capture the strain in both directions, special strain gages, 
manufactured by KYOWA®, had been used. These strain gages are known 
as biaxial strain gages because they are consisted of two electric 
resistances, which are perpendicular to each other, as seen in Figure 
4.13. Thus, these particular strain gages provide strain measurement in 
two directions. 
 
Figure 4.13 Biaxial strain gage used in the experiments to measure the longitudinal and transverse strain. 
 Strain gages are considered to be very sensitive to high temperatures 
and temperature variations. During welding high temperatures and 
temperature gradients occur. For this reason, special strain gages that 
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can withstand temperatures up to 350 °C have been employed, mainly at 
the region close to the weld line.  
Strain gages contain relatively small resistances, for this reason the 
measurement is conducted with the connection of special bridge circuits, 
such as the Wheatstone bridge, which ensure the accuracy of the 
measurement and compensate any variations due to temperature change. 
The connection of the strain gage is usually termed as “quarter-bridge” 
connection, due to the four resistances that constitute the Wheatstone 
bridge. A typical quarter-bridge connection of a strain gage is presented 
in Figure 4.14, in which the resistance R4 represents the strain gage 
resistance. The measurement reading result is the fraction of the output 
to the input voltage, namely VOUT/VIN [mV/V]. Since the strain gage's 
purpose is to retrieve the apparent strain, the measurement must be 
converted to micro-strain [με]. The conversion formula from mV/V to με, 
with the introduction of the gage factor and an approximation in the 
resistance fraction, comes as ε = (4000 x VOUT) / (VIN x GF).  
 
Figure 4.14 Wheatstone bridge connection and measurement reading of a strain gage.  
There are two connection circuits possible for the strain gages, based on 
the wire conductors that are mounted on the strain gage. These two 
possibilities are known as the 2-wire and 3-wire connections and are 
illustrated in Figure 4.15. The three-wire circuit is considered to be more 
reliable due to the increased electric resistance, which compensates any 
variations during the measurement, as mentioned earlier. 




Figure 4.15 (a) Two-wire and (b) three-wire quarter-bridge strain gage circuit.  
4.5.4 Strain Gage Rosettes and Hole Drilling Equipment 
Strain gage rosettes work in the same way with the plain strain gages, 
but are specially made, in order to determine the residual stresses when 
the hole drilling method is employed. Strain gage rosettes consists of 
three strain gages axially arranged so that two of them form a 90° angle 
with each other, while the third strain gage forms a 135° angle with each 
one of them. These strain gages are also known as “delta” rosettes and 
are presented in the schematic of Figure 4.16. 
 
Figure 4.16 Delta strain gage rosette. 
In order to measure the residual stresses in the as-welded austenitic 
stainless steel joints after the welding experiments, rosette strain gages 
have been employed. The strain gage rosettes have been manufactured 
by KYOWA® and their wiring is designated for two-wire connection, as 
seen in Figure 4.17. 




Figure 4.17 Strain gage rosette used for the determination of the residual stresses in the as-welded specimens.  
The principle of the measurement with strain gage rosettes is based on 
the relaxation of stresses that are present within the material. The strain 
gage rosette is attached on the surface of the welded plate with the use of 
a special adhesive. Once the three strain gages are connected, a small 
hole is drilled in the middle of the rosette, on the mark that is apparent in 
Figures 4.16 and 4.17. The hole must be drilled gradually in order to 
maintain control of the measurement and avoid errors, while the drilling 
depth is based on the size of the rosette.  
With the removal of this small amount of material any residual stresses 
present are immediately relieved.  The strain gages capture the stress 
relief by measuring the strain induced in the region and with appropriate 
equations and diagrams the measured strain is converted to stress, 
according to Equations 4.1. The resulting stress values are referred to the 
stresses that are present in the surface and not in the bulk of the 
material.  
2 21 3
max,min 3 1 3 1 2
1 2 3
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The strain values ε1, ε2 and ε3 are referred to the measured strain of 
each strain gage of the rosette, while values A and B are derived from 
special diagrams and are dependent on the material and the dimensions 
of the drilled hole. Equations 4.1 calculate the maximum and minimum 
principal stresses and the angle, α, between the maximum principal stress 
and the measurement direction of strain ε1.  
During the hole drilling process care must be taken so that the material 
is not heated by the drill. An increase in the bulk temperature during 
drilling may lead to plastic behavior of the material and destroy the 
measurement. The measurement is based solely on the determination of 
the elastic component of the stress. Thus, the hole is usually drilled at 
high speed, in order to avoid any plasticity effects. Based on this principal 
a high-speed drill, powered by an air-turbine, is usually employed, which 
is part of the hole drilling commercial or customized equipment. The drill 
is forwarded with small pitch gradually in the material with the minimum 
required pressure. Two widely used commercial hole-drilling devices are 
illustrated in Figure 4.18. 
 
Figure 4.18 Hole drilling devices: (a) RS-Milling Guide by VISHAY® and (b) MTS 3000 by HBM®.  
4.5.5 A/D Converters 
The measuring signal from all measuring instruments has analog form, 
whether it comes from thermocouples, LVDTs or strain gages. In order to 
record this signal in a database that has been constructed in a PC 
(personal computer), the conversion of the analog signal to digital must 
be done. For this reason, in the measurement equipment circuit, between 
(a) (b) 
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the measuring instrument and the PC-database, an A/D (Analog to 
Digital) converter is interfered.  
 
Figure 4.19 (a) The Spider8® ADC and (b) input and output channels. 
In this series of welding experiments the A/D multi-converter Spider8® 
manufactured by HBM® has been employed. The multi-converter is 
illustrated in Figure 4.19a, while the input analog and output digital 
channels are presented in Figure 4.19b.  
The specific device offers for every channel a separate A/D converter, 
while the input channels can facilitate strain gage, LVDT connections and 
thermocouples, if proper cards are mounted on the device. The supply 
voltage for the devices is adjusted according to the power pack available 
from 110 to 240 Volts, while for mobile applications power packs with 12 
Volts supply are also available. However, in the current case the supply 
voltage had been ~230 Volts from the power supply network.  
Each Spider8® can facilitate 8 input measuring channels and each 
channel can be configured with a sampling rate of 9600 values/sec. 
However, this connectivity can be expanded, since up to 8 devices can be 
connected together and provide 8 x 8 = 64 input channels. The A/D 
devices are connected through LPT (Line Print Terminal) ports with each 
other becoming “slave” devices, while the device that is connected 
directly to the PC via an LPT port is considered to be the “master” device. 
For the purpose of the welding experiments, described in this thesis, up to 
31 input channels were employed. Thus, the connection of 4 Spider8® 
devices was necessary, as seen in Figure 4.20. 
(a) (b) 




Figure 4.20 Spider8® set up for the experiments. 
This maximum number of channels was necessary in the case where 5 
LVDTs, 6 thermocouples and 20 strain gages were taking measurements 
simultaneously. The strain gages and thermocouples were connected 
directly to the Spider8®, while the LVDTs require an external power 
supply for their primary winding coil, as explained in a previous section. 
For this reason, a customized multi-power pack, which can facilitate up to 
7 LVDTs, is interfered between the A/D converter and the LVDTs. The 
specific multi-power pack is illustrated in Figure 4.21. 
 
Figure 4.21 The customized multi-power pack for LVDTs; (a) front and (b) back view. 
In addition to a 12 Volt supply to each LVDT, the customized power pack 
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channel. Thus, a complete interference of the power pack between the 
LVDTs and the A/D converter is established. 
Finally, once the measurement signal from all the instruments is 
inputted into the A/D converters, a software program installed in the PC is 
acquiring all digital signal measurements and stores them in the data 
base. This program is supplied along with the A/D converter devices from 
the HBM® company and is labeled CATMAN®. Amongst the capabilities of 
the software are the instantaneous application of conversion formulas and 
the real-time monitoring of the measurements. Thus, the reading of the 
LVDTs and thermocouples in Volts has been converted to millimeters and 
Celsius grads, respectively, and the reading of the strain gages in mVolts 
per Volts to micro strain (με).  
However, in the case of the experimental determination of the residual 
stresses with the hole drilling method, a different A/D converter was 
employed. The specific A/D converter, manufactured by OMEGA® is 
illustrated in Figure 4.22. In practice, three devices were used, namely 
one A/D converter for each strain gage of the rosette. Each strain gage 
established a two-wire connection with the converter, which was able to 
convert the measured signal to με. 
 
Figure 4.22 A/D converters connected to the rosette strain gages.  
4.6 Welding of the 4 mm Stainless Steel Plates 
Two series of welding tests have been conducted for stainless steel plates 
with thickness 4 mm. The welding tests have been encoded as tests A.1 
and A.2, in previous sections. The A.1 series involved the welding of 4 
mm thick plates with dimensions 350x150 mm2, while the A.2 series 
concerned plates with dimensions 700x300 mm2. In both series, the 
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plates have been welded along the edge with the largest dimension, while 
one plate was fully constrained during the experiment. The other plate 
was free of constraints, in order to absorb any dimensional changes due 
to the welding process.  
During the welding process measurements of the thermal cycles and 
deformation were carried out, in both series. In the as-welded condition 
the A.2 series welded joint has been subjected to the hole-drilling test 
method, in order to determine the resulting welding residual stress field. 
Transverse sections of the weld profile have been cut off from the A.1 
welded joint and were subjected to metallographic investigation.  
4.6.1 Transient Measurements and Experimental Set Up 
For the transient measurements, in test series A.1 and A.2, 
thermocouples and LVDTs have been employed, while for the A.2 series 
strain gages have been attached on the plate surface to measure the local 
strain. The experimental set up for series A.1 and A.2 is presented in 
Figures 4.23 and 4.24, respectively.  
 
Figure 4.23 A.1 test series experimental set up. 
In the case of A.1 series five thermocouples have been attached on the 
top surface of the constrained plate at various distances from the weld 
line. The position of the thermocouples on the top surface and not on the 
lower surface of the plate is irrelevant. This is because 4 mm plates are 
considered quite thin and no significant temperature variation in the 
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thickness direction is expected. Thus, thermocouples have been 
positioned and properly cemented at distances 15, 25, 35, 55 and 75 mm 
from the weld line. Positioning the thermocouples closer to the weld line is 
not an option, mainly for two reasons. Firstly, during the welding 
experiment there can be no exact calculation of the weld metal width 
dimension, since the tolerance of the width dimension can vary from 1 to 
3 mm. Secondly, the cylindrical end tip of the thermocouple has a 
diameter of 3 mm, while the cement adhesive that constrains the 
thermocouples increases the diameter dimension. The possibility of 
covering the thermocouple tip with melted filler metal at closer distances 
than 15 mm is significant.  
At a distance of 130 mm from the weld line, in the A.1 series, five 
LVDTs were positioned along the welding direction. The purpose of the 
LVDTs was to capture the out-of-plain deformation during welding and the 
final plate profile in the longitudinal direction at the edge of the plate. The 
positioning of the LVDTs closer to the edge was considered risky, since 
the distortion of the plate could shift the LVDTs out of the plate.  
 
Figure 4.24 A.2 test series experimental set up. 
For the A.2 test series, five thermocouples were cemented at the same 
distances as in the case of A.1 series, in the mid-length of the constrained 
plate for the same reason. The LVDTs were positioned, similarly to the A.1 
series, along the longitudinal direction of the unconstrained plate at 150 
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mm distance from the weld line. The LVDTs were not positioned at farther 
distance, since small measurement range LVDTs were used and the 
distortion of the plate’s edge could exceed the specific measurement 
range.  
 In addition, biaxial strain gages were cemented on the top and lower 
surface of the plates at the same distances with the thermocouples from 
the weld line, as seen in Figure 4.25. The purpose of the strain gages was 
to capture the local strain of both surfaces in the longitudinal and 
transverse directions and be correlated with the temperature 
measurements. The strain gages on the top surface had to be prevented 
from possible weld spatter, thus commercial aluminum foil had been 
applied, as seen in Figure 4.25a. 
 
Figure 4.25 Biaxial strain gages cemented on the (a) top and (b) bottom surface of the unconstrained plate. 
Finally, in both plate’s series, tack welds have been made in order to 
prevent the deformation of the weld groove during the welding process. 
The tack-welded plates of both series prior to the welding experiment are 
illustrated in Figure 4.26. 
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The welding process of both series has been conducted according to the 
welding conditions described in a previous section. In the as-welded 
condition an excellent bead shape has been formed. The weld surface is 
illustrated in Figure 4.27, while the deformation of the unconstrained 
plate is apparent in both experimental series. 
 
Figure 4.27 Surface of the weld bead in the as-welded case. 
4.6.2 A.1 Series Transient Experimental Results 
Once the welding arc has been established at one end of the welding 
groove, the recording of the measurements commenced. The welding 
torch required approximately 35 seconds to reach the transverse section 
of the joint, where the thermocouples were mounted. At that time the 
readings of the thermocouples exhibited an instant vertical increment. 
The highest increment, namely the highest temperature reading, was for 
the thermocouple being closer to the weld line.  
The thermal cycles recorded by all five thermocouples during the 
welding process of the A.1 test series are presented in Figure 4.28. As 
mentioned earlier the peak temperature reading was higher, the closer to 
the weld line the thermocouple was positioned. However, the peak 
temperatures are considered to be moderate in magnitude, since the 
maximum temperature at 15 mm distance from the weld line was just 
below 250 °C. This can be attributed to the low thermal conductivity of 
the austenitic stainless steel alloy. The heat dissipation is highly restricted 
resulting to high temperature gradients in the bulk of the material. This 
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temperature difference is evident even between the 1st and 2nd 
thermocouple, at distances 15 and 25 mm respectively, which have a 
temperature difference of almost 100 °C. 
 
Figure 4.28 Thermal cycles during the A.1 welding experiment. 
The effect of the low thermal conductivity is also apparent in the 
recordings of the thermocouples located at 55 and 75 mm. As the welding 
arc passes by their transverse coordinate, an almost negligible 
temperature increment is observed, while the peak temperatures are 
reached after a significant time interval due to the thermal diffusion in the 
bulk of the metal.  
In addition, high cooling rates are observed mostly in the area near the 
weld metal. The cooling curve of the thermocouple nearest to the fusion 
zone is much steeper than that of the thermocouple at 25 mm from the 
fusion zone. The two curves converge approximately 600 seconds after 
the arc initiation at 100 °C, which means that during that time interval 
the temperature of the 1st thermocouple decreased by 150 °C and that of 
the 2nd by 50 °C. The cooling curves of the three remote thermocouples, 
beyond 35 mm from the weld line, are quite smooth, which is a result of 
the combined effect of thermal conductivity and diffusivity. 
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The instant effect of the arc and the subsequent cooling of the metal 
are pronounced in Figure 4.29, in which the curves of the LVDTs 
measurements are presented. The LVDTs were placed in line at a distance 
of 130 mm from the weld line, as described in the experimental set up.  
 
Figure 4.29 Out-of-Plane deformation curves of the A.1 unconstrained plate. 
The instant effect of the welding arc on the deformation of the plate is 
apparent during the welding process and depicted on the readings of each 
LVDT. The plate is highly distorted during welding, while each LVDT has 
recorded a small peak value once the arc had reached its transverse 
coordinate. Once the weld bead is deposited and the cooling commences 
the weld metal shrinkage affects the deformation of the plate 
significantly. As long as the temperature gradients are high during 
cooling, the deformation of the plate increases exponentially. This 
behavior is observed until approximately 800 seconds from arc initiation. 
From this moment on the deformation increases at much slower rates 
until it reaches its maximum values.  
The time interval of high increment rates of deformation is coincident 
with the time interval of high cooling rates presented previously in Figure 
4.28. It is evident that, once the temperature curves converge, the 
deformation rate decreases. However, deformation continues to increase 
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with slow rate until the bulk temperature balances at ambient levels. It is 
notable that all LVDT curves exhibit the same behavior. This is due to the 
fact that the out-of-plane deformation is the result of angular distortion, 
which is driven by the transverse shrinkage forces due to the cooling of 
the fusion zone. It is also noted that the curve of each LVDT converges at 
a different value. This is due to the longitudinal shrinkage forces of the 
fusion zone that act upon cooling. The combined effect of these two 
shrinkage forces produces a mixture of angular and longitudinal bending 
distortion to the unconstrained plate, as illustrated in Figure 4.30. 
 
Figure 4.30 Final deformation values of the unconstrained plate. 
Basically, the plot in Figure 4.30 represents the longitudinal profile of the 
unconstrained plate of a section at distance equal to 130 mm from the 
weld line. The bending curve of the plate is not entirely symmetrical to 
the transverse mid-length axis, probably due to the constraint condition. 
It appears that the highest deformation value exists at a distance 
between 100 and 175 mm from the one end of the plate. 
4.6.3 A.2 Series Transient Experimental Results 
Similar to the A.1 test series, the thermal cycles and out-of-plane 
distortion have been measured during welding and upon cooling of the 
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A.2 series plates. The thermocouples were mounted at distances equal to 
15, 25, 35, 55 and 75 mm from the weld line, similarly to the A.1 series, 
and the measured thermal cycles of the welding process are illustrated in 
Figure 4.31. The closer a thermocouple was positioned to the weld line, 
the higher its recorded peak temperature was. Thus, the 1st thermocouple 
at 15 mm from the weld line measured approximately 300 °C, once the 
welding torch passed by its transverse coordinate.  
 
Figure 4.31 Thermal cycles during the A.2 welding experiment. 
The peak temperatures reached during welding of the A.2 series plates 
were higher compared to the temperatures reached during welding of the 
A.1 series plates. This is probably due to the fact that heat is more easily 
dissipated in larger volumes.  However, similarly to the A.1 series welding 
experiment, the two thermocouples mounted far away from the weld line 
have not recorded an instantaneous heating due to the presence of the 
welding arc; instead, they captured a smoother heating rate due to the 
heat dissipation in the metal. 
In addition, high cooling rates have been observed when temperatures 
are high, while the cooling curves become smoother once the temperature 
drops below 170 °C. The cooling curves of the two thermocouples being 
closer to the weld line converge at approximately 700 seconds after arc 
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initiation, while all cooling curves converge completely after 2000 
seconds. The cooling behavior of the welded plates is critical for the 
deformation of the plates, as established by the A.1 series experiments. 
The out-of-plane deformation of the A.2 series welded plates during 
welding and upon cooling, as measured and recorder by the LVDTs, is 
presented in Figure 4.32.  
 
Figure 4.32 Out-of-Plane deformation curves of the A.2 unconstrained plate. 
It can be readily noted that deformation turns to negative values during 
welding and during a significant cooling period, until finally the 
deformation rate changes sign, resulting into positive deformation values. 
This distortional behavior of the plate during welding is anticipated and 
attributed to the ductility of the hot weld metal and the plate weight. 
When the arc commences the weld groove is filled with hot ductile metal, 
which initially cannot provide sufficient stiffness to the joint. In addition, 
the tack welds, which constrained the free-plate, have been re-melted 
from the welding arc. Thus, the weight of the plate drives the horizontal 
plane of the plate downwards. This initial downward distortion occurred 
also in the A.1 plates for a few seconds, but the weight of the plate was 
not sufficient to become the main driving force of the distortion. 
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In the case of the A.2 plates the deformation changes direction at 
approximately 200 seconds, while in order for the deformation to become 
positive a long time period is required. This slow deformation rate is due 
to the plate constraints and probably due to the small longitudinal 
shrinkage stresses of the weld metal. However, once the stresses are 
accumulated and are able to overcome the resistance due to the plate 
constraint, a rapid increase of the deformation rate occurs at 
approximately 1450 seconds after arc initiation. This vertical increase of 
the deformation rate testifies the accumulation of stress energy, which is 
released once the constraint forces have been overcome. Finally, the plate 
distortion balances after 4500 seconds, much later after the convergence 
of the cooling curves. 
 
Figure 4.33 Final deformation values of the unconstrained plate. 
The final deformation values of the unconstraint plate at a distance of 150 
mm from the weld line are plotted in Figure 4.33. The longitudinal 
bending profile of the plate is readily noted. The deformation at the mid-
length of the plate is less than 1 mm higher than that of the A.1 plate. 
Considering that the measurement point in A.2 was 20 mm further from 
the weld line than that of the A.1 series, it can be stated that the angular 
change in both plate series is likely to be the same in the mid-length. 
However, at both ends of the plate the angular change is quite small. This 
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can be attributed to the dimensions of the plate, which encourage large 
deformational differences along the length of the A.2 series plate and to 
the constraints of the plate.  
 
Figure 4.34 Local Strain of the A.2 series at 55 mm from the weld line. 
 
Figure 4.35 Local Strain of the A.2 series at 75 mm from the weld line. 
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Some information of the local strain can be derived from the strain gage 
measurements, since the extensive heat of the welding arc has led the 
strain gages near the weld line to failure. Thus, the strain history of the 
unconstrained plate is provided from the recordings of the stain gages 
mounted at 55 and 75 mm from the weld line only. The values recorded 
by the strain gages are plotted in Figures 4.34 and 4.35.  
During the welding process large variations of the strain are observed 
in both the transverse and longitudinal directions. In the longitudinal 
direction during welding, at both measurement points, a positive strain is 
apparent which demonstrates the expansion of the metal during heating. 
At the end of the welding process the metal begins to cool down. During 
the cooling process the shrinkage of the metal is evident in both plots, 
since the strain curve dives into negative values. Finally, at both 
measuring points the resultant longitudinal strain exhibits negative high 
values. The variations of strain in time are more intense at the 55 mm 
location, rather than the 75 mm one, since the measuring point is closer 
to the weld line and is more easily affected. Finally, at the 75 mm 
distance higher negative strain values are obtained by the strain gage, a 
fact that can be attributed to the compressive stress field that is expected 
at such distances. The final strain value at 55 mm is probably affected by 
the tensile residual stress field that is expected in the region adjacent to 
the weld line.  
The transverse strain is less affected than the longitudinal one by the 
welding process, although some variation is observed as the welding arc 
heats the metal. Finally, at both measuring points a relatively small 
positive strain is observed in the transverse direction. 
4.6.4 Residual Stress Field 
In the as-welded condition the welded plates from the A.2 experimental 
series were subjected to the semi-destructive Hole Drilling method for 
determining residual stresses. Thus, delta rosettes, which were presented 
in previous sections, were cemented on the top surface of the 
unconstrained plate and were directly connected to the A/D converter. In 
addition, the welded joint had to be placed on a soft surface to avoid 
movement due to the deformed shape of the joint. 
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Each hole was drilled gradually in 8 to 10 steps, in order to supervise 
and control the accuracy of the measurements. The readings of the strain 
gages when the hole was fully drilled were introduced into Equation 4.1, 
in order to calculate the maximum and minimum relieved stress. Along 
with the stress calculation, the angle of the maximum calculated stress 
and the primary strain gage, of the rosette, was also determined. In the 
case of welding residual stresses, the maximum stress is expected in the 
longitudinal direction. Thus, the rosette strain gages were cemented with 
the primary strain gage measuring in the weld line direction so that small 
angle values would verify the accuracy of the results. The measurements 
of the residual stresses in the longitudinal (σx) and transverse (σy) 
direction are presented in Figure 4.35. 
 
Figure 4.35 Welding residual stresses in the A.2 unconstrained plate. 
It is evident that the measurements do not include the weld metal 
surface, since the strain gage rosette cannot be applied on convex or 
coarse surfaces. An attempt to treat the weld metal surface would induce 
plastic deformation to the region and any measurements would be 
inevitably erroneous. However, a good perception of the residual stress 
field is depicted. The stress field near the weld metal is characterized by a 
wide tensile stress region in the longitudinal and transverse direction. The 
magnitude of the tensile stresses in the longitudinal direction is much 
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higher than that of the transverse direction. The longitudinal tensile 
stresses exhibit a decrease as the distance from the weld metal increases, 
until they become zero and turn to compressive stresses of moderate 
magnitude at approximately 35 mm distance from the weld line. The 
transverse tensile stresses near the weld line are also of moderate 
magnitude and approach zero as the distance from the weld line 
increases. Finally, both longitudinal and transverse residual stresses turn 
to zero at approximately 120 mm distance from the weld line.  
The form of the residual stress field resembles that of a typical welding 
residual stress field, with the unique characteristic of a wide tensile stress 
region near the weld metal. The formation of such a stress field is mainly 
attributed to the physical properties of the alloy, such as the coefficient of 
thermal expansion. Thus, the expansion and shrinkage forces during 
heating and cooling are more severe in the specific alloy. 
4.6.5 Metallographic Investigation 
In the as-welded condition, sections of the weld profile were taken from 
the A.1 series joints and were subjected to metallographic investigation. 
Firstly, the weld profile sections were mounted in appropriate resin so 
that they would be easily manipulated during gridding and polishing. In 
Figure 4.36 three samples, which are mounted and polished, are depicted.  
 
Figure 4.36 Weld profile specimens mounted, polished and chemically etched.  
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Subsequently, the samples were chemically etched in order to reveal their 
microstructure in the microscope. The chemical etchant used after the 
specimens were polished is known as “Glycerecia”, which is considered 
ideal for austenitic stainless steel alloys, since it attacks and reveals the 
austenitic grains, ferrite, chromium carbides and σ phase. The specific 
etchant is constituent by 3 parts of HCL, 2 parts of Glycerin and 1 part of 
HNO3. The specimen must be emerged and stirred in the chemical etchant 
for few minutes, until the microstructure is visible. Since the HCL is the 
solvent agent, the more Glycerin and HNO3 is added the more aggressive 
the etchant becomes.  
4.6.5.1 Macroscopic Investigation 
Once the microstructure was apparent on the surface of the specimens, 
the weld metal was readily apparent. Prior to the microscopic observation 
and the characterization of the weld metal, the base metal and the heat 
affected zone (HAZ), the section profile was investigated through a 
stereoscope, in order to macroscopically detect the weld and base metal 
regions. The macroscopic view of the joint specimen profile is illustrated 
in Figure 4.37. 
 
Figure 4.37 Macroscopic view of the specimen profile with the WM and HAZ. 
WM 
HAZ HAZ 
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In the macroscopic view of the weld joint profile, the weld metal (WM) is 
readily apparent, since it is etched with a lighter color than the heat 
affected zone (HAZ) and the base metal (BM).  
The penetration of the weld metal in the root area is considered almost 
excellent, but above the mid-thickness an excess in the volume of the 
weld metal is observed. The weld reinforcement exhibits a large width of 
approximately 13 to 14 mm, which is at least 3 times the width of the 
root weld metal. This geometrical defect could not have been corrected by 
adjusting the welding parameters, since less heat input aimed at 
minimizing the reinforcement width would result in less penetration and 
inadequate root filling. The best way to resolve such issues is to perform a 
bevel treatment on the plates’ edges, although the 4 mm plates are 
considered thin and generally require no beveling.  
4.6.5.2 Microscopic Investigation 
The chemically etched specimens were investigated via a Leica® optical 
microscope, in order to observe the solidification of the weld metal, the 
heat affected zone and the base metal. In addition, the possibility of 
chromium-rich carbides formation has been studied.  
The base metal exhibited a fully austenitic microstructure with 
equiaxed austenitic grains. In the austenitic microstructure of the base 
metal the presence of δ-ferrite in the form of ferrite-stringers, also 
referred to as ferrite-islands, is apparent, as seen in Figures 4.38a and b. 
 
Figure 4.38a & b Austenitic microstructure with δ-ferrite stringers of the base metal. 
(a) (b) 
Chapter 4 – Experimental Welding of AISI 316L 
229 
 
The presence of the ferrite stringers is a result of the thermo-mechanical 
process, which the plates undergo during the manufacturing process. In 
the present case, as previously mentioned, the plates were delivered in 
the hot-rolled and annealed condition. Thus, the hot-rolling process was 
responsible for the local segregation of ferrite-promoting elements, which 
formed the ferrite stringers.  
It is also evident that the ferrite-stringers are aligned in the direction of 
the hot-rolling process. The presence of the stringers is more intense in 
the mid-thickens of the stainless steel plates, while on the plate’s edges 
almost no ferrite is formed. This can be attributed to both the hot-rolling 
and annealing processes. Firstly, in order to produce relatively small plate 
thickness, the hot-rolling process was more intense, thus resulting in a 
greater volume of ferrite in the base metal. Subsequently, the annealing 
process seemed to be able to dissolve ferrite successfully on the plate 
edges but not in the core, which might have required longer exposure to 
temperature. However, longer exposure could provoke more harmful 
changes in the microstructure.  
In the adjacent area of the weld metal, the HAZ is not readily apparent 
since no significant grain growth has occurred. A characteristic 
microstructure of the HAZ is illustrated in Figure 4.39. 
 
Figure 4.39 Heat affected zone microstructure. 
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The presence of δ-ferrite in the HAZ has been restrained due to the 
welding thermal cycle, which dissolved the ferrite-promoting elements in 
the solid solution. Ferrite in the HAZ is mostly present in the connection 
zone (CZ) with the weld metal. This is probably due to the ferrite potential 
of the base metal, which allows the ferrite of the weld metal to form along 
the grain boundaries in the connection zone. This ferrite-penetration can 
be observed in Figure 4.40, where the microstructures of the weld metal 
and HAZ converge.  
 
Figure 4.40 Connection zone and ferrite formation in HAZ.  
Detailed examination of the HAZ and the CZ did not reveal any Cr 
carbides, which might have been precipitated during the welding process. 
In the weld metal, dentritic grains are readily apparent, as a result of 
high cooling rates. It is evident from the morphology of the dentritic 
microstructure in the weld metal that solidification has occurred in the FA 
mode. One basic characteristic of the specific solidification mode is the 
presence of high temperature δ-ferrite in the center of the dentritic 
grains. The solidification occurs with ferrite being the primary solidification 
HAZ WM 
Ferrite 
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phase, while some austenite forms along the boundaries of the ferritic 
grains. Subsequently, upon cooling the austenite begins to consume 
ferrite with a diffusion reaction. Finally, at room temperature some ferrite 
remains in the center of the dentritic grains. The residual ferrite, when 
solidification has occurred in the FA mode, can have two types of 
morphology, namely skeletal, also known as vermicular (Fig. 4.41a), and 
lathy (Fig. 4.41b). 
 
Figure 4.41 Weld metal morphology; (a) Skeletal and (b) Lathy. 
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The two morphologies are apparent in the entire volume of the weld metal 
where either single skeletal or lathy colonies have been formed, or 
coexisting ones, as depicted in Figure 4.42.  
4.6.5.3 Micro-hardness Measurements 
On the transverse section of the welded joint micro-hardness 
measurements were taken. The measurements were taken at three 
different planes normal to the weld thickness. More precisely, tests were 
carried out in three parallel lines 1, 2 and 3 mm from the lower surface of 
the welded specimen, as seen in Figure 4.43.  
 
Figure 4.43 Micro-hardness measurement planes. 
The measurement region for each plane had been extended up to 9.5 mm 
from the weld centerline at both sides of the weld. The distance of the 
measuring points on each measuring plane was 0.5 mm (500 μm), which 
is considered as a medium-dense measuring frequency.  
The micro-hardness measurement results are plotted in Figure 4.44 for 
all three measuring planes. The maximum hardness values were 
measured in the HAZ of the specimen, while the weld metal exhibited 
similar peaks. The increased hardness in the weld metal was expected 
due to the dual phase microstructure, of austenite and ferrite. In addition, 
it is also not uncommon to meet high hardness values in the HAZ of 
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hardness in the HAZ has been enhanced probably due to the increased 
heat input and the large volume of the weld metal reinforcement.  
The large weld reinforcement volume introduced a large amount of 
heat input in the bulk of the metal and created a heat affected zone, 
which exceeds the micro-hardness measuring region. Thus, in the 
measurements the hardness values of the base metal do not appear. In 
order to detect the base metal through the micro-hardness test in the 
specific welded joint, one must exceed a distance of approximately 11 
mm from the weld centerline. 
 
Figure 4.44 Micro-hardness measurements of the A.1 weld joint. 
4.7 Welding of the 8 mm Stainless Steel Plates 
Similar to the A series experiments, two series of welding experiments 
were conducted with 8 mm thick plates, namely series B.1 and B.2, as 
entitled in a previous section. The B.1 and B.2 series plates had the same 
length and width dimension with the A.1 and A.2 series, respectively. 
Thus, welding experiments were carried out with 350x150 mm2 and 
700x300 mm2 plates, which were 8 mm thick. 
During welding the one plate was fully constrained, while the other was 
totally free to absorb any dimensional changes. Thus, the thermal cycles 
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were measured and recorded in both series, while in the B.2 series the 
local strain and out-of-plane deformation were measured. Finally, in the 
as-welded case measurements of the residual stresses with the hole-
drilling method were carried out in the B.2 welded specimen, while 
transverse sections of the weld profile were cut off from the B.1 welded 
specimen and subjected to complete metallographic investigation.  
4.7.1 Transient Measurements and Experimental Set Up 
As mentioned previously, during the welding process of the B.1 series, the 
thermal cycles were measured with the use of thermocouples, which were 
mounted at various distances from the weld line. In addition to the 
measurement of the thermal cycles, during the welding process of the B.2 
series, the out-of-plane deformation and local strain were also measured. 
The experimental set up for the B.1 test series is presented in Figure 
4.45. 
 
Figure 4.45 B.1 test series experimental set up. 
As noted from Figure 4.45, thermocouples were positioned at distances 
equal to 15, 25, 35, 55 and 75 mm from the weld line in the mid-length 
of the plate in the case of the B.1 series. In the B.2 series, thermocouples 
were cemented at the same distances from the weld line as in the B.1 
series, as illustrated in Figure 4.46. The thermocouples were not 
positioned closer to the weld line for the same reasons described in 
paragraph 4.6.1. In addition, biaxial strain gages were also mounted in 
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the mid-length of the unconstrained plate at 15, 25, 35, 55 and 75 mm 
from the weld line, in order to capture the induced strain during welding 
and upon cooling in the longitudinal and transverse direction and be 
correlated with the temperature measurements. The strain gages were 
cemented on the top and bottom surface of the unconstrained plate.  
In order to measure the out-of-plane deformation of the joint, four 
LVDTs were positioned on the top surface of the unconstrained plate in 
the B.2 series. Three of the LVDTs were positioned in the mid-length of 
the plate at 150, 200 and 250 mm from the weld line, while the fourth 
LVDT was positioned at 150 mm from the weld line and 100 mm from the 
plate's edge, as depicted in Figure 4.46. The LVDT set up was different 
from that in the A series experiments for a basic reason. The aim was to 
capture the deformation in the mid-length of the plate at various 
distances and observe any variations in the angular change along the 
plate’s width. However, one LVDT was positioned near to the plate’s edge 
so that the longitudinal bending of the unconstrained plate could be also 
captured. 
 
Figure 4.46 B.2 test series experimental set up.  
In both B.1 and B.2 welding series, the thermocouples were not cemented 
on the surface of the plates, but in the mid-thickness of the plates, in 
order to evaluate the thermal history in the bulk of the metal. For this 
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reason, small diameter holes were drilled to position the thermocouples at 
the specified measuring points as seen in Figure 4.47. 
 
Figure 4.47 Thermocouple position in the mid-thickness of the B series plates. 
In both series tack welds were made in order to support the 
unconstrained plate prior to the welding process. For the B.1 plate series 
two tack welds were adequate for supporting the plate, while for the B.2 
series four tack welds were required. Pictures of the complete set up of 
the B series tack welded plates prior to the welding experiments are 
presented in Figures 4.48a and 4.48b.  
 
Figure 4.48 Tack-welded plates of (a) B.1 and (b) B.2 series prior to welding. 
4.7.2 B.1 Series Transient Experimental Results 
As described in the welding procedure section, the welding torch obtained 
a speed, during the welding process of each pass, of 300 mm/min, while 
the length of each pass, which evidently equals the plate length, was 350 
mm. Thus, each welding pass was deposited in 70 seconds from arc 
initiation to arc blowout. The second and third weld passes commenced 
once the temperature reading of the first thermocouple dropped during 
cooling below 100 °C. This welding sequence was selected in order to 
avoid complete cooling of the weld metal and its adjacent area and 
maintain the temperature within the range where Cr-rich carbides 
precipitate. The aim was to evaluate the immunity of the L-grade in 
(a) (b) 
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carbide formation in the subsequent metallographic investigation. The 
thermal cycles measured during the B.1 series are presented in Figure 
4.49. 
 
Figure 4.49 Thermal cycles during the B.1 welding experiment. 
Similar to the A series experiments, no high temperatures were observed, 
due to the low thermal conductivity of the material. The maximum 
temperature reading was recorded during the second weld pass by the 
thermocouple being closer to the weld line, since the thermocouple was 
cemented at the same depth with the second weld deposition. This peak 
temperature was approximately 330 °C. 
The two most remote thermocouples experienced no temperature 
increment during all three welding passes due to the welding arc but only 
due to the heat diffusion caused by the welding process. In addition, high 
cooling rates were also present after all welding passes. At elevated 
temperatures the cooling rate was much higher than that at the lower 
temperatures.  
4.7.3 B.2 Series Transient Experimental Results 
The same welding sequence with the B.1 welding series was adopted by 
the B.2 series. Naturally, due to the larger length of the B.2 plates, each 
weld pass was completed in 140 seconds after arc initiation, since the 
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welding speed was maintained at 300 mm/min. The thermal cycles of the 
B.2 series are illustrated in Figure 4.50 and subsequently analyzed. 
 
Figure 4.50 Thermal cycles during the B.2 welding experiment. 
Each weld pass commenced, similarly to the B.1 series, when the 
temperature reading of the thermocouple closer to the weld line dropped 
below 100 °C.  In general, the same behavior with the B.1 welding 
experiment is observed. The maximum temperature is recorded during 
the second weld pass, due to the position of the thermocouples in the 
mid-thickness of the plate. The peak temperature is approximately 280 
°C, which is somewhat lower than that of the B.1 series. The recordings of 
the two remote thermocouples exhibit, once more, not instantaneous 
heating rates once the arc passes their longitudinal coordinates. The heat 
increase in this remote area is solely based on the thermal diffusivity of 
the material due to the overall welding process.  
It is also evident from the thermal cycles that the cooling rates are 
quite fast, mostly at elevated temperatures and that more intense 
thermal cycles have been present much closer to the weld metal than at 
the further away measuring points, similarly to the A series experiments. 
Hence, due to the multi-pass welding, an area between the connection 
zone and the first measuring point, which is set at 15 mm from the weld 
line, has been exposed to the temperature range, in which chromium 
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carbide precipitation occurs. This assumption demands a more intense 
subsequent metallographic investigation, mostly in regions which have 
undergone reheating, such as the overlapped heat affected zone and weld 
metal.  
The intensity of thermal conduction during the arc welding process is 
also apparent during the out-of-plane deformation measurements of the 
unconstrained plate, with LVDTs. The deformation curves measured by 
the LVDTs during the three-pass welding process of the B.2 plates are 
presented in Figure 4.51. From these curves it can be readily noted that 
during each weld pass the deformation rate increases vertically, while 
during the cooling process, after all welding passes, deformation rates are 
evident but much more moderate. The most intense deformation rates 
are observed during the second weld pass, probably due to the geometry 
of the weld groove at the specific time period. During the first weld pass, 
namely the root pass, the volume of the just deposited weld metal does 
not have the capacity to distort the heavy unconstrained plate 
extensively, while during the third weld pass the weld joint has already 
acquired rigidity and stiffness from the two previous weld passes and is 
much more difficult to be distorted.  
 
Figure 4.51 Out-of-Plane deformation curves of the B.2 unconstrained plate. 




Figure 4.52 Angular change curves of the B.2 unconstrained plate. 
The same deformation behavior is observed from the recordings of the 
three LVDTs because they are positioned at the same longitudinal 
coordinates of the unconstrained plate. Thus, all three LVDTs record the 
same angular change, which occurs at the transverse plain in the mid-
length of the plate. The fourth LVDT exhibits a different deformation curve 
shape because it is positioned at different longitudinal coordinates as 
compared to the other three. This specific LVDT, however, has the same 
transverse coordinate with the LVDT, which is located in the mid-length of 
the plate and closer to the weld line. 
The same behavior of the deformation curves is also observed in the 
plot of the angular change, presented in Figure 4.52. The angular change 
can be easily acquired considering the arc tangent of the recorded 
deformation to the transverse coordinate fraction. In the specific figure 
the angular change recorder by the two LVDTs with the same transverse 
coordinates are plotted, since the curves of three LVDTs with the same 
longitudinal coordinates are identical and they exhibit the same angular 
change. It is evident from the two curves that the plate is locally distorted 
by the welding arc. Thus, the LVDT being closer to the onset of the 
welding arc is distorted first, while the distortion of the mid-length is 
recorded subsequently.  
150 mm 
Deformation 
α° = tan-1 (Deformation/150) 
α° 




Figure 4.53 Bending deformation and angular difference of the B.2 plate. 
The final deformation and angular change values of the two curves 
designate the bending deformation that has occurred in the unconstrained 
plate. The bending deformation is acquired from the subtraction of the 
two curves, while the angular difference is similarly derived. The curves 
that result from the subtraction are plotted in Figure 4.53, where details 
of the deformation behavior can be analyzed, mainly in the case of the 
second and third passes, where the variations are more distinct.  
It is evident that the plate edge exhibits higher deformation values 
during the welding pass, while upon cooling the deformation of the mid-
length increases greatly surpassing the edge deformation and resulting to 
the bending of the plate. The bending deformation is attributed to the 
weld metal shrinkage in the longitudinal direction. The final longitudinal 
bending deformation measured between the mid-length and 100 mm 
from the plate’s edge is closely to 2.5 mm, while their final angular 
change values vary by approximately 1 degree.  
During the three-pass welding process of the 8 mm thick B.2 series 
plates, strain gages mounted on the top and bottom surface of the 
unconstrained plate have measured the local longitudinal and transverse 
strain induced by the process. The measured curves of the strain gages at 
35 and 75 mm distance from the weld line are presented in Figures 4.54 
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and 4.55, respectively. It can be readily noted that during the deposition 
of each welding pass the strain is greatly affected, an evidence of the 
instantaneous heating from the heat source.  
 
Figure 4.54 Local Strain of the B.2 series at 35 mm from the weld line. 
 
Figure 4.55 Local Strain of the B.2 series at 75 mm from the weld line. 
After each welding pass and upon cooling all strain curves exhibit the 
same behavior converging to their final strain values. The measured 
strain values at 35 mm are higher than those recorded at 75 mm from 
the weld line, since the thermal cycles, which cause the metal to expand 
Chapter 4 – Experimental Welding of AISI 316L 
243 
 
and contract, are more intense closer to the weld metal. The longitudinal 
strain at 35 mm from the weld line converges to approximately 450 με, 
while at 75 mm to -120 με. The transverse strain is quite more intense at 
35 mm converging to -800 με, but at 75 mm it is practically zero.  
4.7.4 Residual Stress Field 
The B.2 plates in the as-welded condition were subjected to the 
experimental determination of the residual stresses with the semi-
destructive hole-drilling method, similarly to the A.2 series welded joint. 
For the purpose of the method, strain gage rosettes were mounted on the 
top surface of the unconstrained plate, as illustrated in Figure 4.56a, 
covering a region, which extended up to 120 mm from the weld metal. In 
addition, similar to the case of A series, the welded joint had to be placed 
on a soft surface to avoid movement due to the deformed shape of the 
joint. 
Subsequently, as the method prescribes, blind holes were drilled in the 
center of the strain gage delta rosette, with a 1.6 mm titanium coated 
drill, which was driven by an air-powered drilling device and illustrated in 
Figure 4.56b. With the removal of a certain volume of material from the 
hole, the stresses in the region of the rosette were relieved and measured 
by the strain gages as relieved strain.  
 
Figure 4.56 (a) Delta rosettes on the top surface of the plate and (b) the hole drilling apparatus in service. 
The strain measured in the three directions of the delta rosettes was 
introduced into Equations 4.1 and the stresses in the longitudinal direction 
of the plate were calculated for all measuring points. The stress field for 
the 8 mm B.2 plates is presented in Figure 4.57.  
(a) (b) 




Figure 4.57 Welding residual stresses in the B.2 unconstrained plate. 
The residual stress field shares many similarities with the one measured 
in the A series experiments. A wide tensile stress field is observed in the 
region adjacent to the weld metal. The tensile stresses are considered 
relatively high near the weld metal, but as the distance from the weld 
metal increases the tensile stresses are zeroed at 25 mm. The stresses 
become compressive of moderate magnitude until approximately 80 mm 
distance from the weld. Further away the stresses turn again to tensile of 
moderate magnitude. The presence of these remote tensile stresses may 
be attributed to the bending deformation of the plate or to preexisting 
stresses provoked by the thermo-mechanical production process of the 
plate.  
4.7.5 Metallographic Investigation 
Transverse sections of the weld joint were cut off and properly prepared 
for metallographic investigation. The metallographic specimens were 
taken from the B.1 welded joint. Similar to the case of the A.1 
metallographic specimens, the weld sections were mounted in resin and 
polished so that their surface could be chemically etched. The chemical 
etchant used in order to reveal the microstructure of the weld metal, heat 
affected zone and base metal was “Glycerecia”, which as mentioned is 
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constituted by three parts of HCL, two parts of Glycerin and one part of 
HNO3. The specific etchant is able to attack and reveal the austenitic 
grains, ferrite, sigma phase and chromium carbides, which due to the 
multi-pass welding procedure may have formed.  
4.7.5.1 Macroscopic Investigation 
The chemically etched specimen was firstly observed in the stereoscope, 
in order to determine the boundaries of each weld pass. In Figure 4.58 
the weld metal profile of the three-pass welded joint is presented. The 
bevel treatment on the edges of the plates provided a sound weld shape 
with sufficient root filling and adequate reinforcement of the weld surface.  
According to the welding procedure that was established and presented 
in a previous section, all three weld passes were deposited with the same 
welding parameters. For this reason the first pass, namely the root pass, 
was able to fill the narrow part of the groove up to the mid-thickness 
plane and the two subsequent passes were required in order to fill the 
wide part of the groove and form a desirable convex surface.  
One can also observe the crystallographic orientation of the 
solidification in the weld metal. More precisely, in the root pass the 
orientation of the crystals starts epitaxially from the base metal and 
becomes competitive, until the solidification fronts from both sides meet 
in the center of the root. In the two subsequent passes the crystals 
solidify at first epitaxially from the surface of the previous pass and 
continue in a competitive mode until the surface.   
 




2nd   
3rd  
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4.7.5.2 Microscopic Investigation 
The chemically etched specimens were observed via a Leica® optical 
microscope, in order to observe the solidification of the weld metal, the 
heat affected zone and the base metal. In addition, the possibility of 
chromium-rich carbides formation has been investigated. 
The base metal of the austenitic stainless steel 316L was composed of 
equiaxed austenitic grains with apparent twinning, as seen in the 
micrograph of Figure 4.59a. The presence of ferrite-stringers is apparent 
in the micrograph of Figure 4.59b. The ferrite-stringers are located mostly 
in the mid-thickness of the 8 mm plate and their existence is attributed to 
the thermo-mechanical process of hot rolling during the manufacturing of 
the plate. In addition, the direction of the stringers is parallel to the hot-
rolling direction. However, the density of the ferrite-stringers is not as 
high as in the case of the 4 mm thick plates. This is probably due to the 
thickness of the plate and the thermo-mechanical production process.  
 
Figure 4.59 Austenitic microstructure of the base metal (a) without and (b) with ferrite-stringers. 
In the heat affected zone no significant grain size is observed, since the 
plates were delivered in the annealed condition. A micrograph of the heat 
affected zone is illustrated in Figure 4.60.  
(a) (b) 




Figure 4.60 Heat affected zone microstructure of the 8 mm thick plates. 
In the transition from the heat affected zone to the weld metal, namely 
the connection zone, some ferrite is formed in the HAZ due to the ferrite 
potential of the alloy. The ferrite in the HAZ is linked directly to the weld 
metal and to the ferrite-stringers, which may exist in the HAZ. The 
connection zone is illustrated in Figure 4.61a.  
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In addition, it can be readily observed that grain growth from the 
connection zone into the weld metal during solidification is performed 
epitaxially. Similar solidification behavior is also observed in the 
connection zone between two welding passes. The epitaxial solidification 
behavior is apparent in Figure 4.61b, for both HAZ to weld metal and weld 
pass to weld pass interfaces.  
 
Figure 4.62 Weld metal microstructure; (a) skeletal and (b) lathy δ-ferrite. 
The transition from epitaxial to competitive growth in the weld metal is 
quite rapid and in the bulk of the weld metal the solidification occurs in 
the FA mode, in which two solidification morphologies are evident. These 
morphologies are the skeletal and the lathy ferrite, which are apparent in 
the micrographs of Figures 4.62a and b, respectively.  
This binary solidification morphology is usually attributed to local 
compositional variations or solidification rate differences in the volume of 
the weld metal. Both morphologies are randomly apparent in the bulk of 
the weld metal in small or large colonies. Thus, in the weld metal the 
coexistence of both morphologies is not uncommon as it can be seen from 
the micrograph in Figure 4.63.  
(a) (b) 




Figure 4.63 Coexistence of skeletal and lathy ferrite morphology in the weld metal. 
After extended investigation in the heat affected zone, the overlapped 
passes and areas that have been reheated due to the multi-pass welding 
process, no Cr-rich carbides have been detected. The absence of M23C6 
carbides verifies the efficiency of the L-grade austenitic stainless steels, 
such as 316L, which eliminate the possibility of sensitization. In addition, 
no cracks in the weld metal or the HAZ near the connection zone were 
apparent, despite the amount of S and mostly P impurities in the filler and 
base metal. This is attributed to the presence of δ-ferrite in the weld 
metal and in the HAZ, providing solubility to the impurity elements and 
preventing the formation of liquid films along austenitic grain boundaries, 
which are potent towards leading to solidification and liquation cracking 
phenomena. 
4.7.5.3 Micro-hardness Measurements 
The weld joint specimens were subjected to Micro-hardness 
measurements after the metallographic investigation, similar to the 
specimens of the A.1 series. Due to welding deformation during the 
Lathy 
Skeletal  
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welding process, the two welded plates were misaligned for approximately 
1.5 mm from their original plane. Thus, a weld centerline in the thickness 
direction was introduced, as it can be seen in Figure 4.64, in order to 
define the micro-hardness measurement planes.  
 
Figure 4.64 Micro-hardness measurement planes. 
Subsequently, two planes of the weld joint profile were subjected to 
micro-hardness measurements, namely at 1.5 and 4 mm from the line 
that connects the lower surfaces of the plates. The region of the 
measurements was extended up to 10.5 mm from the weld metal 
centerline in both directions. The micro-hardness measurements are 
presented in Figure 4.65. 
The region with the maximum hardness values was the weld metal, due 
to the binary microstructure of austenite and δ-ferrite. The hardness 
values in the weld metal were close to 220 HV, while near the connection 
zone some peak values of 225 HV were measured. The values began to 
decrease in the HAZ region until the measurements reached the base 
metal nominal hardness of approximately 170 HV. 
1.5 mm 4 mm 




Figure 4.65 Micro-hardness measurements of the B.1 weld joint. 
It is evident that, although a difference of approximately 50 HV exists 
between the base metal and the weld metal hardness, a smooth transition 
between the two regions is established.  
4.8 Welding of 12 mm Stainless Steel Plates 
 The experimental welding of the 12 mm plates, namely the C series of 
the welding experiments, was the final series of a complete investigation 
in butt-welding of austenitic stainless steel 316L alloy. During the welding 
process and experimental measurements of the thick joints the expertise 
of the previous welding experiments, namely the A and B series, was 
employed in order to produce sound welded components. 
During the two series of welding experiments, which were termed C.1 
and C.2, measurements of the thermal cycles and out-of-plane 
deformation were taken. In addition to these measurements, during the 
C.2 experiments, strain gages were mounted on the unconstrained plate 
in order to measure the local strain. In both C.1 and C.2 welding 
experiments, one plate was fully constrained, while the other was free of 
movement to absorb any dimensional changes. In the as-welded condition 
the joint of the C.2 experimental series was used for the determination of 
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the residual stresses with the Hole-drilling method, while transverse 
sections of the welded joints from the C.1 series were cut off and 
prepared properly for complete metallographic investigation.  
4.8.1 Transient Measurements and Experimental Set Up 
During the experiments of the C.1 plate series measurements of the 
thermal cycles and out-of-plane deformation were taken with the use of 
thermocouples and LVDTs, respectively. The thermocouples were 
cemented on the top and bottom surface of the constrained plate at 
various distances. On the top surface the thermocouples were positioned 
at distances 15, 25, 35 and 55 mm from the weld center line in the mid-
length of the plate, while on the lower surface two thermocouples were 
cemented at distances 5 and 15 mm from the weld center line. The 
positioning of thermocouples on the lower surface aimed at the 
investigation of the through thickness temperature variation (at 15 mm), 
while the geometrical features of the weld groove allowed temperature 
measurements close to the weld metal (at 5 mm).  
The LVDTs were positioned at the same transverse coordinates of the 
unconstrained plate, at a distance of 130 mm from the weld center line 
(as explained in paragraph 4.6.1). The longitudinal coordinates of the 
LVDTs were 25, 100, 175, 250 and 325 mm from the plate’s edge. The 
experimental set up of the C.1 series is presented in Figure 4.66, while 
the thermocouple positions for the C series are illustrated in Figure 4.68. 
 
Figure 4.66 C.1 test series experimental set up. 
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In the C.2 experimental set up, the thermocouples were cemented at the 
same distances from the weld line in both surfaces of the plate with the 
C.1 series. The LVDTs, however, were arranged on the top surface of the 
unconstrained plate in a different manner. Three LVDTs were positioned 
200 mm from the weld center line at the mid-length and close to both 
plate’s edges, while the two remaining LVDTs were positioned 100 mm 
from the weld center line at the plate’s edges. The employment of LVDTs 
with wide measurement range allowed the deformation measurement at 
the 200 mm longitudinal plane and the determination of the longitudinal 
bending. The two remaining LVDTs, which were positioned at the plate’s 
edges, aimed at the investigation of the angular change along two 
different transverse planes of the plate. The experimental set up for the 
C.2 series is presented in Figure 4.67. 
 
Figure 4.67 C.2 test series experimental set up. 
The biaxial strain gages used during the C.2 experiment were mounted on 
both surfaces of the unconstrained plate. However, the distance of the 
strain gages from the weld center line was different from the case of the 
A and B series. The biaxial strain gages were mounted at distances equal 
to 35, 45, 55, 75 and 100 mm from the weld line at the mid-length of the 
plate, since at smaller distances the heat from the welding arc could lead 
them to failure. However, a correlation with the temperature 
measurements could be established at 35 and 55 mm. 




Figure 4.68 Thermocouple position on the constrained plate in the C series. 
4.8.2 C.1 Series Transient Experimental Results 
According to the welding procedure, the process was completed after six 
welding passes, including the root and reinforcement passes. The 
recorded thermal cycles from the thermocouples on the top surface are 
presented in Figure 4.69. Regarding the welding sequence of the process, 
each new weld pass was deposited every 400 seconds, which was enough 
time to clear the flux from the weld surface and re-program the robotic 
welding machine. 
 
Figure 4.69 Thermal cycles of the top surface during the C.1 welding experiment. 
It can be readily observed that the recorded temperature rises with each 
welding pass, so that the maximum temperature is obtained at the final 
reinforcement pass. This behavior was expected for two reasons, firstly 
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due to the surface position of the thermocouples and secondly due to the 
high heat input of the final pass. 
The position of the thermocouples affects also the recordings of the 
intermediate welding passes, which were laid at both sides of the weld 
groove. More specifically, the second and fourth weld passes were 
deposited on the groove edge of the plate with the mounted 
thermocouples, while the third and fifth weld passes were deposited on 
the groove edge of the unconstrained plate. Thus, the maximum 
temperatures of the second and third pass vary slightly, while the 
maximum temperature of the fourth pass is higher than that of the fifth 
weld pass. This behavior is more evident in the thermal cycles, which 
were recorded by the two thermocouples on the lower surface of the plate 
and are presented in Figure 4.70. 
 
Figure 4.70 Thermal cycles of the lower surface during the C.1 welding experiment. 
The thermocouple being positioned at 5 mm from the weld groove is 
greatly affected during the second weld pass. Thus, the temperatures 
recorded during the second and fourth weld passes are much higher than 
those of the third and fifth ones. However, the highest temperature 
reading occurs during the final weld pass, since the heat input value is 
extremely high at that time.  
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In order to observe the through thickness temperature variation, the 
temperature difference of the thermocouples being positioned on the top 
and lower surface at 15 mm from the weld line are presented in Figure 
4.71. During the first and second weld passes it is evident that the 
highest temperatures are reached on the lower surface of the plate. After 
the third welding pass the top surface of the plate experiences more 
intense thermal cycles. The temperature difference reaches its maximum 
value, which is approximately over 70 °C, during the final weld pass. 
However, a temperature balance between the two surfaces is reached 
rapidly after all welding passes.  
 
Figure 4.71 The through-thickness temperature difference. 
Regarding the material behavior during welding and upon cooling, the 
same behavior with the previous experimental series is observed. The 
effect of the low thermal conductivity of the metal is apparent, since 
relatively low temperatures are recorded by all thermocouples. In 
addition, high cooling rates are dominant between welding passes and 
upon cooling to room temperature. 
In addition to the temperature measurements, recordings of the out-of-
plane deformation have been conducted during the C.1 experimental 
series, as previously mentioned. The deformation curves acquired by the 
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LVDTs are presented in Figure 4.72. Once a welding pass is deposited in 
the weld groove the deformation increases vertically in all measuring 
positions. An exception is observed during the first welding pass, where 
no significant deformation occurs. This is probably attributed to the fact 
that the forces due to the expansion and contraction of the specific 
volume of the weld bead are not enough to balance the weight of the 
plate and distort it vertically. The distortion seems to be more intense 
during the third welding pass. This is probably due to the fact that the 
weld joint at the specific time is able to balance and support the weight of 
the unconstrained plate and simultaneously exhibit low stiffness and be 
more prone to angular change. 
 
Figure 4.72 Out-of-Plane deformation curves of the C.1 unconstrained plate. 
The LVDT that is positioned closer to the onset point of the weld 
deposition is distorted more intensively during all welding passes, but 
during cooling the shrinkage forces of the weld lead to an almost even 
distortion at all measuring positions. Finally, the angular change leads to 
high values of angular distortion, while the relatively small length-to-
thickness ratio is probably the reason of a minor longitudinal bending 
distortion. However, the effect of the high thermal expansion coefficient of 
the metal is the main driving force for the large distortion values. 
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4.8.3 C.2 Series Transient Experimental Results 
The C.2 stainless steel plates were welded with the same procedure as 
the C.1 plates. During the welding process, and similar to the C.1 
experiments, measurements of the thermal cycles and out-of-plane 
deformation were carried out. In addition, measurements of the local 
strain on the surface of the unconstrained plate were taken with strain 
gage application.  
On the top surface of the constrained plate four thermocouples were 
cemented at various distances from the weld centerline, while two 
thermocouples were cemented on the lower surface. The thermal cycles of 
the top and lower surfaces are plotted in Figures 4.73 and 4.74, 
respectively. 
 
Figure 4.73 Thermal cycles of the top surface during the C.2 welding experiment. 




Figure 4.74 Thermal cycles of the bottom surface during the C.2 welding experiment. 
The same thermal behavior with the C.1 series experiments is observed 
also during the C.2 experimental welding. The thermocouples record 
higher temperatures when a weld pass is deposited in the groove at the 
edge of the plate, on which the thermocouples are cemented. However, 
the highest temperatures are recorded during the final reinforcement 
pass, which provides the highest heat input of all. From the recordings of 
the thermocouples on the top and lower surface at 15 mm from the weld 
line the temperature difference in the through thickness plane is 
presented in Figure 4.75.  




Figure 4.75 The through-thickness temperature difference. 
The top surface of the plate is subjected to more intense thermal cycles 
almost during the complete welding process, while the maximum 
temperature variation is observed during the final reinforcement pass. 
The temperature equilibrium of both surfaces is reached rather rapidly, 
similarly to the C.1 case.  
The LVDTs were not positioned along a longitudinal plane of the plate. 
Instead they were positioned along two planes, as it has been presented 
on the experimental set up in Figure 4.67. The deformation during 
welding and upon cooling is presented in Figure 4.76. All deformation 
curves exhibit similar behavior, while the LVDTs positioned at 200 mm 
from the weld line record higher deformation values than the LVDTs 
positioned at 100 mm from the weld line.  




Figure 4.76 Out-of-Plane deformation curves of the C.2 unconstrained plate. 
The large weight of the unconstrained plate leads to a negative 
deformation during the deposition and cooling of the root pass. 
Subsequently, the stiffness of the weld joint increases and during all 
welding passes deformation takes positive values. The highest 
deformation is achieved during the third welding pass, due to the 
moderate stiffness of the joint and the neutralized resistance of the plate 
weight. The highest value of the final deformation is recorded by the LVDT 
at the mid-length of the plate, which designates longitudinal bending 
deformation, while the LVDTs positioned near the plate's edges exhibit 
similar deformation values.  
Following the deformation curves one can observe that the plate's 
edges undergo higher deformation during welding, but upon cooling the 
deformation of the mid-thickness increases and surpasses them. This is 
attributed to the cooling of the weld bead, which leads to longitudinal 
shrinkage upon cooling. Similar curves are acquired when the angular 
change is plotted for the three LVDTs positioned at 200 mm from the weld 
line, and presented in Figure 4.77. The angular change is derived from 
the arc tangent of the recorded deformation to the transverse coordinate 
fraction.  




Figure 4.77 Angular change curves of the C.2 unconstrained plate. 
The angular change of the unconstrained plate is measured approximately 
over 12°, from all LVDTs, while the out-of-plain vertical deformation of 
the unconstrained plate is over 40 mm. The high thermal expansion 
coefficient of the metal justifies these high distortion values. 
 The thickness of the material, and more specifically the length to 
thickness ratio, however, did not allow high bending deformation in the 
longitudinal direction to occur. The bending deformation is calculated 
when the mean value of the measurements from the LVDTs positioned on 
the plate's edges are subtracted from the measurements of the LVDT in 
the mid-thickness. Similarly, the difference in angular change is calculated 
and plotted along with the bending deformation in Figure 4.78. 
The deformation behavior of the plate’s edges and mid-length is more 
easily captured in the specific plot. During the deposition of a new weld 
pass the bending deformation and angular change drop vertically, which is 
translated to an instant increase of the distortion at the edges of the 
plate. During the cooling process after each welding pass the distortion of 
the mid-thickness rises, while the distortion of the edges drops. Thus, the 
longitudinal bending deformation tends to take positive values. After the 
final weld deposition the bending deformation converges to its final 
200 mm 
Deformation α° 
α° = tan-1 (Deformation/200) 
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positive value, which is approximately 2 mm. Similarly, the angular 
change curve exhibits the same behavior and finally converges to 
approximately 0.55 degrees.  
 
Figure 4.78 Bending deformation and angular difference of the C.2 plate. 
Comparing the deformation behavior of the two multi-pass welding series, 
namely B and C, several conclusions can be drawn. The out-of-plane 
deformation of the unconstrained plate resulting from the angular change 
is approximately 30% higher in the case of the 12 mm thick plates than 
the 8 mm thick plates. However, the longitudinal bending deformation of 
the 8 mm thick plates is 30% higher than that of the 12 mm thick plates. 
The increased angular change of the C series plates is attributed to the 
number of welding passes, which work cumulatively to the final 
deformation. However, the B series exhibits higher longitudinal bending 
deformation due to the 30% higher length to thickness ratio of the plates. 
Thus, the plates are more easily distorted in the longitudinal direction 
producing considerable bending. 
During the welding process measurements of the local strain were 
conducted with the application of strain gages on both surfaces of the 
unconstrained plate. The biaxial strain gages were mounted at 35, 45, 55, 
75 and 100 mm from the weld line, in order to capture the longitudinal 
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and transverse local strain. The local strain curves acquired by the strain 
gages are plotted and presented in Figures 4.79 to 4.83. 
 
Figure 4.79 Local strain of the unconstrained C.2 plate at 35 mm. 
 
Figure 4.80 Local strain of the unconstrained C.2 plate at 45 mm. 
 
Figure 4.81 Local strain of the unconstrained C.2 plate at 55 mm. 




Figure 4.82 Local strain of the unconstrained C.2 plate at 75 mm. 
 
Figure 4.83 Local strain of the unconstrained C.2 plate at 100 mm. 
At all measuring points the effect of the welding heat input is evident from 
the instantaneous variations of the local strain in both directions. The 
thermal expansion during heating is apparent, mostly in the longitudinal 
direction, when a new weld pass is deposited. When the metal cools 
down, namely between two weld passes or after the final pass, the 
thermal contraction of the metal leads the local longitudinal strain to 
negative values. Finally, at all measuring positions the longitudinal strain 
converges to negative values.  
In the transverse direction a different and more complex behavior in 
the strain variation is observed. During the deposition of a new weld pass, 
a binary effect of expansion and contraction appears at all measuring 
points. During the cooling time period after each welding pass the thermal 
contraction in the transverse direction of the metal is observed at 35 and 
45 mm, while at larger distances from the weld line the metal is expanded 
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upon cooling. Either way, the final local strain in the transverse direction 
converges to negative values, which tend to decrease as the distance 
from the weld increases. The final strain values measured in both 
directions are presented in Figure 4.84.  
 
Figure 4.84 Final local strain of the unconstrained C.2 plate. 
In the longitudinal direction the strain is apparent in the whole measuring 
region, while in the transverse direction the resultant strain decreases as 
the distance from the weld metal increases. Thus, the welding process 
affects mostly the strain in the longitudinal direction rather than the 
transverse direction. The residual strain in the longitudinal direction 
designates the existence of longitudinal residual stresses, which are 
usually more intense than the transverse stresses in a butt-welded joint. 
4.8.4 Residual Stress Field 
In the as-welded condition of the C.2 joint measurements of the residual 
stresses have been conducted with the use of the Hole Drilling method. 
The relatively large thickness of the C.2 plates allowed measurements to 
be taken at both sides of the deformed plate. The measuring of the 
residual stresses on the top and lower surface would give a better insight 
to the residual stresses that exist in the bulk of the metal. 
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Thus, delta strain gage rosettes were applied on both surfaces of the 
unconstrained fully deformed plate of the welded joint at a distance up to 
140 mm from the weld, as seen in Figure 4.85. 
 
Figure 4.85 Position of delta strain gage rosettes on the C.2 plate. 
The rosettes on the top surface were mounted at the exact same 
longitudinal and transverse coordinates with the rosettes on the lower 
surface. Thus, the measurements of both surfaces could be linked, 
allowing the calculation of the residual stresses in the bulk of the metal. 
As the method indicates, and has been employed in the previous two 
experimental series, a 1.6 mm titanium coated drill is used to drill a blind 
hole in the center of the rosette strain gage (Fig. 4.86a). The drilling 
depth is defined according to the rosette dimensions. Once the blind hole 
is drilled (Fig. 4.86b) and the material is removed, the local stresses are 
relieved and measured by strain from the three strain gages arranged 
axially on the rosette. 
 
Figure 4.86 (a) Titanium coated drill and (b) Drilled hole in the center of the rosette. 
The measured strains are inputted in Equations 4.1 allowing the 
calculation of the maximum and minimum stress and their orientation 
according to the direction of one of the strain gages. The residual stresses 
in the longitudinal (σx) and transverse (σy) direction of the weld joint in 
(a) (b) 
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the bulk of the metal are plotted in Figures 4.87 and 4.88, respectively. In 
addition, the measured residual stresses of both surfaces of the plate are 
also plotted. 
 
Figure 4.87 Residual stresses field in the longitudinal direction of the plate. 
 
Figure 4.88 Residual stresses field in the transverse direction of the plate. 
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The longitudinal residual stresses are much higher than the transverse 
residual stresses, as it had been speculated from the experimental 
measurement of the local strain during welding. The longitudinal residual 
stresses form a typical stress field with high tensile stresses near the weld 
metal, which turn to moderate compressive stresses as the distance from 
the weld increases. It can be also observed that the longitudinal bending 
deformation has also affected the stress field on the surfaces of the plate 
in the longitudinal direction. Bending results in tensile stresses on the top 
surface and compressive stresses on the bottom surface. When the mean 
value of the residual stresses is calculated for the bulk of the metal, the 
bending stresses of the two surfaces are balanced and eliminated from 
the results.  
The transverse residual stresses are much more moderate than the 
longitudinal ones. The stresses reach zero values quite close to the weld 
and seem to be slightly influenced by the local surface strain of the plate. 
In general, a typical stress field of the austenitic stainless steel butt-
welded joint is formed, similar to the stress field of the previously studied 
experimental series. The wide tensile stress field near the weld metal 
seems to be one of the characteristics of the austenitic stainless steel 
welded joints.  
4.8.5 Metallographic Investigation 
The welded joints form the C.1 series were properly prepared for 
metallographic investigation. Thus, transverse sections of the weld metal 
profile had been cut off and mounted in resin so that they could be 
examined through the optical microscope and finally subjected to micro-
hardness measurements. Similarly to the metallographic investigation of 
the previous experimental series, the resin-mounted specimens were 
polished and chemically etched with “Glycerecia” in order to reveal the 
microstructure of the weld metal, heat affected zone and base metal. 
Prior to the observation under the microscope, a visual macroscopic 
investigation was conducted in order to determine the quality of the 
welded joint and possible defects, such as underfills, undercuts, porosity 
and cracks. 
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4.8.5.1 Macroscopic Investigation 
The welding parameters selected during the welding procedure produced 
a sound weld joint. The appearance of the weld reinforcement (Fig. 4.89a) 
and the weld root (4.89b), which were deposited with the weaving 
welding technique are quite satisfactory.  
 
Figure 4.89 (a) Weld reinforcement and (b) weld root of C series weld joints. 
The final pass covered the entire weld groove with no excess or lack of 
filler metal addition along the whole length of the weld. In addition, the 
weld root exhibited excellent penetration, while the support of the ceramic 
back-up strip contributed to the formation of a good convex shape. During 
the visual macroscopic examination no defects were found at any part of 
the weld. 
 
Figure 4.90 Overall weld metal profile.  
(a) (b) 
1st  
2nd   
3rd   
4th  5
th   
6th  
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As previously mentioned the weld groove was filled after six welding 
passes, including the root and the reinforcement. In Figure 4.90 a 
complete view of the weld metal profile with the weld pass sequence is 
presented. In this macroscopic view of the weld metal the orientation of 
the weld metal crystals is readily apparent. In the root pass the crystals 
solidify from the edges of the plate towards the center of the weld groove, 
where the two solidification fronts meet. Regarding all the subsequent 
weld passes, the orientation of the solidified crystals is directed from the 
edges of the plate and the surface of previous weld passes towards the 
weld surface. 
4.8.5.2 Microscopic Investigation 
The chemically etched specimens were observed via a Leica® optical 
microscope, in order to observe the solidification of the weld metal, the 
heat affected zone and the base metal. In addition, the possibility of 
chromium-rich carbides formation has been investigated, since in multi-
pass welding the repeated thermal cycles can cause sensitization of 
reheated regions, such as the heat affected zone or the primary weld 
passes. 
The base metal exhibited a complete austenitic microstructure, which 
was constituent of equiaxed grains, as illustrated in the micrograph of 
Figure 4.91. The presence of twinning was apparent in most of the grains, 
which had a mean grain size of approximately 50 μm. Similarly to the 
microstructure of the plates in series A and B, the base metal contained 
also a small amount of δ-ferrite, which was present in the form of ferrite-
stringers, as the micrographs of Figure 4.92a and b show. The ferrite 
stringers were located in the region of the mid-thickness of the 12 mm 
plate. The existence of the stringers is attributed to the thermo-
mechanical process of hot-rolling during the production of the plate. The 
amount of the ferrite in the base metal was smaller than that of the two 
thinner plates. Thus, it is established that the 4 mm thick plates contained 
the maximum amount of ferrite-stringers, while the 12 mm plates the 
minimum amount. This is attributed to the intensity of the hot-rolling 
process which was higher in order to produce thin plates, thus resulting to 
higher amount of ferrite in the base metal. The existence of the stringers 
Chapter 4 – Experimental Welding of AISI 316L 
272 
 
mostly in the mid-thickness of the plates is attributed to the annealing 
process, which was able to dissolve ferrite in the austenitic matrix mostly 
at the edges of the plate. 
 
Figure 4.91 The base metal of the 12 mm thick plates. 
 
Figure 4.92 Ferrite stringers in the austenitic base metal (a & b) 
Due to the annealing process, as it has been observed in the previous 
metallographic investigations, no significant grain growth has been 
observed in the heat affected zone, which is presented in Figure 4.93a. A 
(a) (b) 
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small amount of δ-ferrite is formed in the heat affected zone at the 
boundaries with the weld metal region, as illustrated in Figure 4.93b. 
 
Figure 4.93 (a) Microstructure of the HAZ and (b) δ-ferrite in the HAZ. 
In the connection zone of the HAZ with the weld metal the solidification of 
the grains is performed epitaxially, as it is shown in the micrograph of 
Figure 4.94a. Epitaxial growth is also observed in the boundaries of two 
weld passes, as the just deposited weld pass is solidified from the surface 
of the previously deposited weld pass. The epitaxial growth along the 
interpass boundaries is presented in Figure 4.94b. 
 
Figure 4.94 Epitaxial grain growth along (a) the connection zone and (b) between the 2nd and 3rd weld passes. 
The epitaxial growth in the connection zone and the interpass region is 
extended only for approximately 50 μm. The epitaxial growth is 
subsequently altered to competitive growth with direction towards the 
surface of each weld pass. An exception to the direction of the 
competitive growth of the grains is met in the root pass, as observed 
during the macroscopic investigation. The grain growth in the root pass 
(a) (b) 
(a) (b) 
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begins from the edge of each plate and travels towards the weld center 
line, where the two solidification fronts meet, as shown in Figures 4.95a & 
b. 
 
Figure 4.95 (a) & (b) Conjunction plane of solidification fronts in the root pass. 
The solidification of the weld metal is performed in the FA mode, during 
which ferrite is the primary solidification phase, while some austenite is 
formed at the end of solidification along the primary dentritic grain 
boundaries. However, as analyzed in previous sections, during the cooling 
to room temperature, a large amount of ferrite is transformed to 
austenite via a diffusion reaction. Thus, some ferrite remains in the center 
of the dentritic grains exhibiting two different morphologies. The two 
morphologies apparent in the weld metal are skeletal and lathy, which are 
illustrated in Figures 4.96a and 4.96b, respectively. 
 
Figure 4.96 Weld metal (a) skeletal and (b) lathy ferrite morphology. 
The two weld metal morphologies are randomly distributed in all welding 
passes forming small and large colonies. The coexistence of these two 
morphologies is generally attributed to small local compositional 
(a) (b) 
(a) (b) 
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differences or local variations of the cooling rate. A micrograph of the 
intersection of two crystals with the two different morphologies is 
presented in Figure 4.97.  
 
Figure 4.97 Skeletal and lathy morphology in two bordering crystals. 
In all welding experimental series the same weld metal microstructure 
has resulted, exhibiting the same ferrite morphology. In addition, the 
same filler wire was used in all series, while all base metal plates came 
from the same production batch, having the same cast analysis. Thus, the 
compositional factor seems to mainly affect the weld metal solidification 
mode and morphology, since some heat input variations between the 
experimental series did not alter the final microstructure. After thorough 
investigation in the HAZ and WM of the specimens, no Cr-rich carbides 
were detected.  
4.8.5.3 Micro-hardness Measurements 
The resin mounted specimens were also used for the micro-hardness 
measurements of the weld metal and its adjacent region. Micro-hardness 
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dimension of the weld joint specimen, as seen in Figure 4.98. The two 
planes had 5 and 9 mm distance from the lower surface of the plate. The 
measurement range along each plane reaches a distance equal to 12.5 
mm from the weld center line. Test measurements were taken every 0.5 
mm along each plane. The results of the micro-hardness measurements 
are presented in Figure 4.99. 
 
Figure 4.98 Micro-hardness measurement planes. 
 
Figure 4.99 Micro-hardness measurements of the C.1 weld joint. 
5 mm 
9 mm 
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The region with the maximum hardness values was the weld metal, due 
to the binary microstructure of austenite and δ-ferrite. The hardness 
values in the weld metal were close to 225 HV, while near the connection 
zone some peak values of 240 HV were measured. The values began to 
decrease in the HAZ region until the measurements reached the base 
metal nominal hardness of approximately 170 HV. 
It is evident that although a difference of almost 45 HV exists between 
the base metal and the weld metal hardness, a smooth transition between 
the two regions is established. 
4.9 Results Summary 
Experimental welding tests of austenitic stainless steel AISI 316L were 
carried out with the employment of the flux cored arc welding (FCAW) 
process. The filler wire used for the specific process was of similar 
composition with the austenitic base metal. 
The welding process included the butt-welding of austenitic plates of 
various dimensions. The experiments were categorized based on the three 
different plate thickness dimensions and further divided based on the 
length and width of the plates. Thus, experiments on the butt-welding of 
4, 8 and 12 mm thick plates were carried out. During the experiments 
measurements of the thermal cycles, out-of-plane deformation and local 
strain were taken. In the as-welded condition the welded specimens were 
subjected to experimental determination of the welding residual stresses 
and to a complete metallographic investigation. 
The thermal behavior of the material during the welding process in all 
experimental cases was practically the same. The low thermal 
conductivity of austenitic stainless steel was responsible for low 
temperature thermal cycles and high cooling rates. The highest 
temperature measured was in the mid-thickness of the 8 mm thick plate 
at a distance equal to 15 mm from the weld line (location of the closest to 
the weld line thermocouple) and was approximately 320 °C.  
However, during the transient experiments of all plates the relatively 
high thermal expansion coefficient of austenitic stainless steel alloys was 
evident from the local strain measurements and the LVDT recordings. 
During welding and upon cooling the strain gages mounted at various 
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distances from the weld metal recorded extreme strain variations when a 
welding pass was deposited. The strain curves converged to high final 
values which increased as the distance to the weld metal decreased. The 
measured strain in the longitudinal direction of the plates was relatively 
higher than that in the transverse direction.  
The LVDTs positioned on the unconstrained plates of all experimental 
series measured high deformation values. The angular change measured 
increased as the thickness of the plate increased. Thus, the 12 mm thick 
plates resulted in the higher angular change. This is attributed mostly to 
the repeated heat input from the multi-pass welding procedure. However, 
the resulting longitudinal bending deformation was higher in the case of 
the thin plates. The increment of the plate thickness resulted in less 
bending distortion. This is due to the fact that the stiffness of the plate is 
enhanced as the thickness increases. Thus, increased thickness opposes 
the longitudinal bending deformation.  
The low thermal conductivity and high thermal expansion coefficient 
have also affected the residual stresses formation in the as-welded 
condition. The same residual stress distribution in the longitudinal 
direction has been observed in all welded joints regardless of the 
thickness of the plates. High tensile stresses were present in the adjacent 
region of the weld metal forming a wide stress field. The tensile stresses 
became zero in all specimens at a distance which varied from 30 to 40 
mm from the weld line. At larger distances the longitudinal stresses 
became compressive of moderate magnitude, while far from the weld the 
stresses converged to zero values. The transverse stress field was less 
intense than the longitudinal stress field, while the transverse stresses 
turned to zero values not far from the weld line.  
 Transverse sections of the weld metal profile were taken from all 
welded joints and were subjected to metallographic investigation. The 
specimens were mounted in resin, polished and etched chemically to 
reveal their microstructure. All studied welds exhibited the same 
microstructure in the base metal, heat affected zone and weld metal. The 
weld metal has solidified in the FA mode (ferritic-austenitic solidification), 
with ferrite being the primary solidification phase and austenite forming at 
the end of solidification along the ferrite grain boundaries. In the post-
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solidification cooling process solid state transformation δ  γ takes place 
and austenite consumes most of the ferrite.  
The solidification behavior of the weld metal is also verified by the 
WRC-1992 constitution diagram. In order to use this predictive diagram 
the calculation of the Creq and Neq of the base and filler metal must be 
calculated. The calculated equivalent values are listed in Table 4.7. The 
values are positioned on the diagram’s axes and the compositional points 
of the base and filler metals are set on the diagram (Fig. 4.100).  
Table 4.7 WRC-1992 Creq and Nieq of base and filler metal. 
Equivalency 
Formulas Creq = Cr + Mo + 0.7 x Nb Nieq = Ni + 35xC + 20N + 0.25Cu Base Metal 18.99 10.93 Filler Metal 21.67 13.48 
 
Figure 4.100 WRC-1992 constitution diagram prediction of weld metal solidification. 
In the FCAW process the filler metal affects the weld metal composition 
by 70%, while the base metal by 30%. Thus, the solidification mode of 
the weld metal and the ferrite number can be predicted. From the 
diagram in Figure 4.100 it is verified for all examined weld metals that 
solidification has occurred in the FA mode and that FN = 9.5. In addition, 
for FN values less than 10 it can be stated that FN equals the ferrite 
percentage in the weld metal. The dilution of the weld metal is affected by 
the edge preparation (Fig. 4.5) and can play an important role in the FN 
prediction by altering the partition ratio of base and filler metal. In the 
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present case, the dilution is not taken into account, since the line that 
connects the BM- and FM-point is almost parallel to the iso-ferrite lines. 
Based on this fact, the FN can vary for the specific Creq/Nieq values from 
8.2 to 9.8, thus always being less than 10 FN. 
In all metallographic specimens no significant grain growth has been 
observed in the heat affected zone, since all plates have been delivered in 
the hot-rolled and annealed condition. In addition, the temperatures 
reached in the HAZ were not significantly high to cause any grain growth. 
The base metal of all plates exhibited a complete austenitic 
microstructure, while the presence of ferrite-stringers in the mid-
thickness of the plates was attributed to the thermo-mechanical process 
of the plates. More specifically, the stringers were created due to the local 
segregation of ferrite-promoting elements in the direction of the hot-
rolling process. The amount of ferrite-stringers in the base metal was 
higher in the case of the thinner plates due to the intensity of the thermo-
mechanical process in the production of thin plates.  
For further verification of all previous statements, the metallographic 
specimens were subjected to SEM (Scanned Electron Microscopy) 
observation and EDS (Electron Diffraction Spectroscopy). Two regions 
were thoroughly studied during SEM and EDS, the weld metal area and 
the mid-thickness of the plates where the ferrite-stringers are aligned. In 
addition, the heat affected zone has been studied in order to examine the 
possibility of Cr-rich carbide precipitation, which might not have been 
detected during optical microscopy. The microstructure of the weld metal, 
via SEM, is presented in Figure 4.101, where the mixture of austenite and 
ferrite is apparent. More specifically, ferrite is colored white and austenite 
has a darker color. Chemical analysis via EDS was conducted at two 
points of the weld metal. The first point is located on the austenite grain, 
while the second lies within the ferrite area, among other austenite 
grains. The microstructure, captured via SEM, of the base metal with the 
ferrite-stringers is presented in Figure 4.102. The chemical analysis 
conducted by EDS was not single-point analysis but involved the area, 
which is covered by the stringer. It is evident from the back-scattering 
view of the micrograph that the ferrite-stringer is aligned on a different 
plane than the surrounding microstructure, which denotes a 
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crystallographic variation. The results of the EDS analysis for both 
micrographs are listed in Table 4.8. 
 
Figure 4.101 SEM of the weld metal area. 
 
Figure 4.102 SEM of the base metal with ferrite-stringer. 
2 
1 
Chemically analyzed Area 
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Table 4.8 EDS chemical analysis.  Chemical Analysis [%] 
 Cr Ni Mo Weld Metal 1st Point 17.62 11.06 2.80 Weld Metal 2nd Point 24.24 7.16 4.26 Base Metal Ferrite-Stringer 19.27 7.49 2.63 
The results of the chemical analysis seem to verify all previous 
assumptions and statements of the metallographic investigation. The 
chemical composition of the 1st point in the weld metal designates the 
austenitic microstructure. All element levels are within the levels that 
constitute the austenitic stainless steel alloy from the mixture of the base 
and filler metal chemical compositions.  
However, the analysis of the 2nd point in the weld metal clearly shows 
an increment in the levels of ferrite-promoting elements and a decrease in 
austenite-promoting elements. These compositional levels designate the 
existence of δ-ferrite in the weld metal among the austenitic grains. More 
specifically, the levels of chromium and molybdenum have surpassed their 
nominal composition in the filler metal, while the nickel level has dropped 
below its nominal composition in the base metal. 
Considering the chemical analysis of the ferrite-stringer area it is 
evident that a segregation of ferrite-promoting elements has occurred. 
The levels of chromium and molybdenum are much higher than their 
nominal values in the base metal composition. In addition, the nickel level 
has dropped approximately by 2.5 wt% from its nominal value. Thus, the 
ferrite composition of the stringer is also established.  
Finally, no chromium carbides have been detected via SEM observation 
in the heat affected zone or any region that has been subjected to 
repeated heating due to multi-pass welding. This fact proves the benefit 
of the L-grade alloy, which restricts the precipitation by lowering the 
carbon content. In addition, the amount of ferrite in the weld metal and 
heat affected zone was within the desirable levels, thus eliminating any 
susceptibility of hot cracking.  
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CHAPTER 5 – THERMO-MECHANICAL MODELING OF 
AUSTENITIC STAINLESS STEEL WELDING 
5.1 Introduction 
In the present thesis a series of numerical finite element simulations were 
carried out. The numerical simulations were based on the welding 
experiments on austenitic stainless steel, which were described in the 
previous chapter. Thus, three-dimensional finite element models were 
constructed based on all welding experiments and were subjected to 
thermo-mechanical analysis yielding results of the thermal cycles, 
deformation and residual stresses of the welded joints. 
The performance of thermo-mechanical analyses of the welding process 
has demands and limitations. The use of temperature dependent 
properties of the material with the construction of the material model is 
one of the basic demands of the analysis, due to the high temperatures 
and thermal gradients that occur during welding. However, as mentioned, 
limitations appear when it comes to the case of the simulation of the solid 
to liquid and liquid to solid phase transition in the fusion zone, since the 
solid and plane elements used in such analyses cannot capture the fluidity 
of the molten metal. The models and the analyses were constructed and 
performed with the use of the commercial finite element code ANSYS®. 
The specific finite element code is able to simulate the welding process 
quite satisfactory, allowing the user to completely interfere in the 
analysis.  
The basic aim of all welding simulations conducted in this thesis is the 
accurate prediction of the thermo-mechanical response of the welded 
joints. To evaluate the accuracy of the predicted results, the 
measurements of the experimental procedures were subjected to 
comparison with the numerical results. Since thermo-mechanical transient 
three-dimensional analyses demand a great amount of time to reach a 
solution, even when the analysis is performed on platforms of powerful 
personal computers, one major concern was the minimization of the time 
to solution required. The major tools used in order to increase the 
efficiency of the analysis and yield the thermo-mechanical results in a 
Chapter 5 – Thermo-Mechanical Modeling of Austenitic Stainless Steel Welding 
284 
 
reasonable amount of time are the efficient mesh construction and the 
load application. An efficient mesh had been constructed for all analyses 
performed, while a grouping technique has been employed for the multi-
pass welding simulation, which is considered as one of the more time-
consuming analysis.  
5.2 Thermo-Mechanical Modeling Process 
In the previous chapter the various aspects of thermo-mechanical 
modeling of the welding process have been discussed. These aspects 
concern, primarily, the construction of the geometry and the initial 
selection of two- or three-dimensional analyses. In addition, decisions 
must be made for the selection of material properties that adequately 
describe the behavior of the material during the intensity of the severe 
thermal cycles of the welding process. 
  Further aspects of the entire process are the thermal and mechanical 
analysis, which could be solved separately or simultaneously, as 
discussed. Prior to the solution the heat input model, namely the load 
case scenario, must be constructed and applied on the geometrical model. 
The thermal load is applied in time steps, thus defining the analysis as 
transient. As mentioned in the previous sections, the finite element code 
ANSYS® has been employed for all thermo-mechanical welding analyses 
conducted. Thus, input files written in the ADPL command language of the 
finite element code have been inputted in the software for the analysis 
runs.  
5.2.1 Geometry and Mesh Construction 
For all cases studied through numerical finite element simulation, three-
dimensional models have been constructed. The construction of three-
dimensional models, as analyzed in the previous chapter, requires an 
intelligent design and selective density of the meshed element model. 
Otherwise, a large number of elements and nodes could result, which 
would lead to extremely large computational time during the thermo-
mechanical analysis. In addition, false estimation of the areas that require 
dense mesh could lead to erroneous results and false assessments for the 
case being studied. 
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The basic concept of the mesh construction lies in the fact that high 
temperatures and thermal gradients occur in the weld metal and its 
adjacent region. This behavior greatly affects the analysis results during 
both the thermal and mechanical analyses. As discussed in the previous 
chapter, there are two ways of mesh construction for models that are 
subjected to thermo-mechanical analysis of the welding process. The first 
and most widely used type of mesh construction is the graded-mesh, 
which is based on a dense mesh division along the weld line and its 
adjacent region. The density of the mesh along the weld line becomes 
finer as the distance from the weld metal increases. The second approach 
is based on the construction of a dynamic or adaptive mesh, which alters 
its density, by coarsening or refinement, during the analysis based on 
aposteriori error estimators or geometrical constraints.  
In this thesis the first approach for the mesh construction is employed 
in all welding finite element simulations. The selection of this technique is 
based primarily on the fact that during the thermo-mechanical analysis 
the adaptive meshing technique can result in approximately the same 
number of elements and nodes as with the graded mesh technique. This 
is attributed to the fact that during cooling of the weld metal and its 
adjacent region the shrinkage forces act, thus resulting in high gradients 
even at low temperatures. Thus, a dense mesh is required to accurately 
capture the occurring phenomena during almost the entire cooling 
process. This has been demonstrated in the work of Runnemalm and 
Hyun [2000], where the adaptive mesh technique has been applied. They 
observed that in the mechanical analysis the dense mesh was extended 
along the complete length of the weld metal during the entire cooling 
process. In addition, the adaptive mesh technique would divert from the 
basic scope of the present thesis, which is the evaluation of the grouping-
technique in minimizing computational time during the thermo-
mechanical analysis of the welding process.  
Thus, the meshed models constructed for the thermo-mechanical 
simulation of the welding process exhibited a dense mesh along the weld 
metal and its adjacent region. The mesh became coarser as the distance 
from the weld line increased. The mesh was constructed mainly by solid 
hexahedral and tetrahedral elements. The hexahedral elements were 
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implemented in the volume of the solid model, while the tetrahedral ones 
were employed in areas where a free-anisotropic mesh was required or in 
transition areas of thin to coarse mesh, as illustrated in Figure 5.1.  
 
Figure 5.1 Transition from fine to coarse mesh. 
The transition from fine to coarse mesh was conducted mostly along the 
longitudinal direction of the geometrical welded joints. The element 
division after the transition was divided by two, so that two times less 
elements would have to be constructed along the specific direction in the 
coarse mesh area. However, in the case of the welding simulation of the 
thick plates, the transition from thin to coarse mesh has been employed 
along the thickness direction as well. 
The mesh constructed for each model consisted of two element types 
from the ANSYS® element library. The two element types were the 
SOLID70® and SOLID185® ones, which are separately used in the thermal 
and mechanical analysis, respectively. SOLID70® is a solid element, which 
has a three-dimensional thermal conduction capability. The specific 
element has eight nodes with a single degree of freedom, namely the 
temperature, at each node. The element is applicable to three-
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dimensional steady-state or transient thermal analysis. When the model is 
subsequently subjected to the mechanical analysis the element must be 
replaced by the corresponding SOLID185®, which can be used in three-
dimensional transient mechanical analyses. The SOLID185® element also 
consists of eight nodes with three degrees of freedom at each node, 
namely translations in the nodal x, y and z directions. The specific 
element has plasticity, hyper-plasticity, stress stiffening, creep and large 
strain capabilities. The geometry of the two elements is similar and is 
presented in Figure 5.2. 
 
Figure 5.2 The geometry of elements SOLID70® and SOLID185®. 
The geometry of the two elements is similar, since the mesh geometry 
must be identical between the thermal and mechanical analysis. The 
thermal solid element must be replaced by a geometrical similar element 
so that geometrical compatibility is established in coupled-field analyses. 
It is also evident that a tetrahedral form of both element types is 
available so that transition or anisotropic mesh areas can be constructed. 
The tetrahedral geometrical form of an element is usually favored when 
a decrease in computational time during the analysis is desirable. The 
anisotropic mesh constructed by tetrahedral elements results in smaller 
number of nodes than the corresponding isotropic mesh, but 
approximately the same element number. Considering that the solution of 
the governing equations in finite element analysis is performed at the 
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nodes, the computational time is decreased when the number of nodes is 
minimized.  
According to all previous statements, geometrical meshed models have 
been constructed based on the three welding experimental series of 
austenitic stainless steel welding. More specifically, for the A, B and C 
series, three-dimensional solid models were constructed based on both 
joint dimensions. The graded mesh technique was employed in the 
construction of all mesh models, while tetrahedral elements were used in 
all transition areas and in the weld metal area of A1, A.2, C.1 and C.2 
models. The majority of the meshed models are presented in Figures 5.3 
to 5.5. 
 
Figure 5.3 Meshed model of A.2 joint; (a) overall view, and (b) mesh transition areas. 
 
Figure 5.4 Meshed models of (a) B.1, and (b) B.2 joint. 
It can be observed from the comparison of Figures 5.3 and 5.4b that in 
the case of the A.2 joint a double mesh transition was constructed, which 
designates that the mesh division in the longitudinal dimension of the 
model was 4 times finer in the weld metal than in the plate’s edges. This 
increased number of elements and nodes in the weld metal, of the A.2 
(a) (b) 
(a) (b) 
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joint, has been selected due to the application of the heat source model, 
which required a large number of nodes and elements to be accurately 
implemented. The transition from fine to coarse mesh, in the case of the 
B and C series models, was performed at 25 mm from the weld center 
line and at 15 and 25 mm in the case of the A series models. Thus, the 
coordinates of the nearest to the weld line thermocouples were included 
in the fine mesh area. The measurements of these thermocouples were 
subsequently used to evaluate the predictive accuracy of the analysis. 
 
 
Figure 5.5 (a) Overall view of C.2 meshed model, (b) anisotropic mesh of C-series weld metal, weld metal of (c) A.2 model, and (d) B.2 model. 
The implementation of the anisotropic mesh in the weld metal area of the 
solid model, which represented the C.2 welded joint, aimed at reducing 
the number of nodes in the model (Fig. 5.5b). This reduction was decided 
in order to minimize the computation time of the analysis, without any 
loss of accuracy [Lindgren et al 1997; Gruau & Coupez 2005]. The 
computational time in this case had been a concern, since the simulation 
of multi-pass welding processes requires a large number of time steps for 
its solution. Tetrahedral elements were also used to construct the filler 
(a) (b) 
(c) (d) 
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metal volume of the A series models due to its geometrical shape (Fig. 
5.5c). However, in the case of the B series models, a plain trapezoidal 
shape with hexahedral elements was constructed for the weld metal area, 
as observed in Figure 5.5d.  
In Table 5.1 the dimensions of the constructed solid models along with 
the node, element and DOF (Degrees of Freedom) numbers for both 
analyses are presented for all weld joints. 
Table 5.1 Geometrical characteristics of the meshed solid models. Weld Joint Model Dimensions [mm3] Number of Elements Number of Nodes Thermal Analysis DOFs [N.N.] Mechanical Analysis DOFs [3xN.N. – B.C.] A.1 4x350x303 30008 35037 35037 104919 A.2 4x700x603 95065 98376 98376 294936 B.1 8x350x303 31360 36423 36423 109013 B.2 8x700x603 80704 90984 90984 272696 C.1 12x350x303.5 44638 33901 33901 101511 C.2 12x700x603.5 99308 79149 79149 237255 
The groove gap of each weld joint has been added in the transverse 
dimension of all solid models as noted in the Dimension column of Table 
5.1. It is also evident that the models with high dimensional values 
consist of large numbers of elements and nodes. The influence of the 
anisotropic mesh application is apparent when the element and node 
numbers of the solid models of the B and C weld joints are compared. In 
the case of the B joints the number of nodes is larger than that of the 
element number. However, in the case of the C joints the number of 
nodes is quite smaller than that for the elements due to the anisotropic 
mesh construction in the weld metal area. The small scale implementation 
of anisotropic mesh in the filler metal of the A series models can be 
observed in the small difference of node and element number.  
In addition, the number of elements of the C joints is not extremely 
larger than that of the B joints. This is attributed to a second mesh 
transition, in the thickness direction, from fine to coarse mesh. The 
transition in the thickness direction was employed at the same distance of 
the weld metal as the transition in the transverse direction as illustrated 
in Figure 5.6. 




Figure 5.6 Transition from fine to coarse mesh in the thickness direction. 
In the thickness direction the 4 mm weld joints (A-joint) had a 6-element 
division, due to the demands of the heat source model, while in the 8 mm 
weld joint (B-joint) an 8-element division has been implemented. In the 
case of the 12 mm thick weld joints, a 12-element division has been 
selected in the weld metal and its adjacent region. However, at further 
distances from the weld, where the coarsening of the mesh is not 
expected to affect the accuracy of the results, the 12-element division has 
been transitioned into a 6-element division. Thus the number of elements 
and nodes were efficiently reduced and some of the computational time 
could be saved. 
According to the model dimensions, which were presented in Table 5.1, 
of all solid models and the division-strategy followed in the thickness and 
horizontal direction, the maximum and minimum element size was 
determined. Obviously, the smallest elements existed in the weld metal, 
while the largest ones could be found at the plate edges. In the case of 
the A series solid models the smallest element size in the weld metal area 
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largest at the plate edges was [x, y, z] 10x1x10 mm3. In the case of the 
B and C series models, which followed a similar division strategy, the 
smallest element size was [x, y, z] 5x1x2 mm3, while the largest was [x, 
y, z] 10x1x10mm3 for B and [x, y, z] 10x2x10 mm3 for C series.  
The A series solid model exhibited the denser mesh of all series, thus 
the smallest element size was observed in their weld metal area. On the 
other hand, the largest element size was found at the plate edges of the C 
series models due to the extra coarsening of the mesh in the thickness 
direction. It must be noted that the presented element dimensions refer 
to hexahedral elements and not to tetrahedral elements, which were 
constructed in the weld metal area of the A and C series. The size of the 
tetrahedral elements is difficult to be determined, since a free mesh 
construction is employed in the horizontal and thickness direction of the 
model. However, the tetrahedral elements share the same longitudinal 
dimension with the hexahedral elements. Thus, the length [x-dimension] 
of the tetrahedral elements was 2.5 mm and 5 mm in the A and C series 
weld metal, respectively. 
The mesh density, which resulted from the dimensions of the elements 
in the weld metal and its adjacent area, was sufficient to produce 
accurate analysis results. The sufficiency of the mesh was evaluated upon 
performance of thermal test-analyses on the small joint models. Based on 
these test-analyses, the heat source models, which shall be analyzed in a 
subsequent section, produced accurate spatial temperature distributions 
in the solid models. In addition, a decrease in the element dimensions, 
which resulted in finer mesh division, did not produce any variation in the 
results of the test-analyses. Thus, the element sizes were considered 
sufficient for the subsequent full-scale analyses. 
5.2.2 Material Model of Austenitic Stainless Steel 
During the welding process the material experiences severe thermal 
cycles mostly in the weld metal and its adjacent region. For the thermo-
mechanical analysis to be accurate and produce correct results the 
material model must provide details of the material behavior in a wide 
temperature range. In the case of austenitic stainless steels the effect of 
thermal gradients and high temperatures is apparent in their thermo-
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mechanical response in terms of suppressed thermal conductivity and 
high thermal expansion, as described in previous chapters. At the same 
time, the material properties of the austenitic stainless steel alloy vary 
significantly with temperature.  
Thus, in the material model, which was used during all thermo-
mechanical analyses, temperature dependent properties have been 
inputted, in order to accurately capture the material behavior at elevated 
temperatures during heating and cooling. The material properties are 
divided into thermal and mechanical properties. This categorization is 
based on the material properties that are required for the separate 
solution of the thermal and mechanical analysis. The thermal properties 
are Density [kg/m3], Thermal Conductivity [W/m-°C] and Specific Heat 
Capacity [J/kg-°C]. In addition, a film coefficient for the heat conduction 
to the environment is required for all free surfaces of the solid model. The 
properties required for the solution of the mechanical analysis are Young’s 
Modulus [GPa], Thermal Expansion Coefficient [1/°C], Poisson’s Ratio and 
the hardening model.  
The AISI 316L austenitic alloy, as analyzed in the previous chapter, 
does not experience phase transformation during the thermal cycle of the 
welding process, since austenite is the only phase present in the 
microstructure of the base metal. However, some residual high-
temperature δ-ferrite is formed and can be found in the weld metal when 
it cools down to room temperature. The amount of ferrite is less than 
10%, thus it is considered negligible. Hence, the alloy can be considered 
as single-phase and the material model is constructed ignoring any phase 
transformations that could occur during solidification or upon cooling 
[Brickstad & Josefson 1998; Duranton et al 2004; Deng et al 2008; Akbari 
Mousavi & Miresmaeili 2008; Deng & Kiyoshima 2010].  
The determination of the material properties dependence on 
temperature requires the performance of experiments, which are 
considered costly and with increased level of difficulty. Thus, it is very 
difficult to find data for material properties at high temperatures. 
However, for the specific austenitic alloy, the material properties from 
room to melt temperature are provided in the work of Dong [2001]. The 
thermal properties of the alloy are presented in Figures 5.7 to 5.9. 




Figure 5.7 Density of austenitic stainless steel 316L. 
 
Figure 5.8 Thermal conductivity of austenitic stainless steel 316L. 
 
Figure 5.9 Specific heat capacity of austenitic stainless steel 316L. 
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The main characteristic of the thermal properties of the alloy is the 
relatively low thermal conductivity, as noted many times before in the 
present thesis. The values of the thermal conductivity do not exhibit any 
significant increment as temperature rises, except in the case of the 
melting temperature, at which the property values rise vertically. For the 
material model of the thermal analysis to be considered complete, a film 
coefficient is introduced, in order to simulate the heat loss of the heated 
metal to the environment through convection and radiation. The film 
coefficient used in the current material model has been employed by 
many investigators [Brickstad & Josefson 1998; Deng & Murakawa 2006b] 
in thermo-mechanical modeling of various austenitic stainless steel alloys, 
such as AISI 304 and 316, thus it is considered accurate for the current 
simulations. The coefficient is listed in Table 5.2 as a function of 
temperature.  
Table 5.2 The film coefficient for austenitic alloys [Brickstad & Josefson 1998]. 
0.0668ha T= ×  2[ ]W m−×  0 500 oT C≤ ≤  
0.231 82.1ha T= × −  2[ ]W m−×  500 oT C≥  
For the mechanical analysis the existence of the temperature dependent 
thermal properties of the material model is considered unnecessary. In 
fact the material model should contain just the mechanical properties in 
order to save some computational time, since the thermal properties just 
increase the order of the equations and matrices during the solution of 
the mechanical analysis without taking any part in it.   
The temperature dependent mechanical properties of AISI 316L alloy 
[Dong 2001] are presented in Figures 5.10 to 5.12. It is readily noted that 
the characteristic mechanical property of the austenitic alloy is the 
thermal expansion coefficient, which exhibits high values for the entire 
temperature range. 




Figure 5.10 Young’s modulus of elasticity of austenitic stainless steel 316L. 
 
Figure 5.11 Thermal expansion coefficient of austenitic stainless steel 316L. 
 
Figure 5.12 Poisson’s ratio of austenitic stainless steel 316L. 
In addition, the kinematic hardening model must also be part of the 
material model. Thus, stress-strain curves at various temperatures are 
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inputted in the material model. The stress-strain curves of the austenitic 
alloy were also available in the work of Dong [2001] and are illustrated in 
Figure 5.13. 
 
Figure 5.13 Stress-strain curves of austenitic stainless steel 316L [Dong 2001]. 
The kinematic hardening model is considered to be superior to isotropic 
hardening by many researches, as mentioned in the previous chapter. 
5.2.3 Heat Source Model 
All simulated cases in the present thesis were three-dimensional transient 
analyses, hence a volumetric heat source model moving along the weld 
line in time is considered ideal. In the previous chapter various heat 
source models have been mentioned and analyzed, regarding the thermo-
mechanical modeling of the welding process. For three-dimensional solid 
geometrical models the application of a volumetric heat source is usually 
considered appropriate. 
In the present thesis, two types of volumetric heat source model have 
been employed during the simulation of the welding process. Both models 
were applied during the time-stepped analysis by changing their 
coordinates at every time step, thus moving from one end of the weld line 
to the other. The time steps for each analysis were defined according to 
the weld length of the joint and the welding speed, which were defined 
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during the welding experiments. In addition, the heat source models were 
numerically determined based on the heat input values of the welding 
passes. The first heat source model used in the numerical simulations was 
the widely used “double ellipsoidal” heat source model by Goldak et al 
[1984].  
 
Figure 5.14 The double ellipsoidal heat source model by Goldak et al [1984]. 
As noted from Figure 5.14, in order to define the double ellipsoidal heat 
source model numerically, apart from the weld heat input, several 
geometrical parameters must be determined. These parameters, as 
analyzed in a previous chapter, are the dimensions of the two ellipsoids, 
which constitute the volumetric heat source. The geometrical parameters 
of the heat source are matched with the weld pool dimensions and can be 
measured by the metallographic investigation of bead on plate tests or in 
the as-welded condition of the joint by visual examination and 
measurement of the weld surface and root. 
The double ellipsoid heat source model has been employed only in the 
simulation of the single-pass welding process of the 4 mm stainless steel 
welding and was constructed based on geometrical features of the weld 
measured prior to an metallographic investigation. Thus, the width of the 
weld surface and the penetration of the root were the only features, which 
were measured directly, providing the geometrical parameters [ah, bh] = 
[5.5, 4.5] in mm, according to Equations 2.17 & 2.18. The geometrical 
parameters chf and chb (Eq. 2.17 & 2.18) were determined according to 
the welding speed of the process (300 mm/min), based on the work of 
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other investigators [Nguyen 1999; 2004; Gery et al 2005], selecting rf 
and rb (Eq. 2.17 & 2.18)) equal to 1.3 and 0.7, hence [chf, chb] = [7, 13] 
in mm.  
The double ellipsoid heat source model was inserted in the analysis as 
a function of Cartesian coordinates, written in the APDL command 
language of ANSYS®. Thus, an extra fine mesh was constructed in the 
weld metal region, as mentioned in the previous section. The dense mesh 
division was able to accommodate the double ellipsoid function and to 
accurately interpolate the heat input values at the nodes. The contour plot 
of the moving double ellipsoidal heat source model is illustrated in Figure 
5.15, where the weld pool boundaries are evident.  
 
Figure 5.15 Double ellipsoidal heat source; (a) longitudinal section, and (b) top and bottom view of the moving heat source. 
In the multi-pass welding simulations, namely in the case of the B and C 
welded joints, the double ellipsoidal heat source model was excluded, 
since it could not simulate the through thickness temperature variation, 
as discussed in the subsequent 5.3.1 section. Thus, the volumetric heat 
source model, which is based on the direct application of a thermal 
volumetric force in the weld pool, has been selected and employed. The 
specific model has the ability to successfully simulate the actual weld 
metal transverse profile and accurately provide the through thickness 
temperature variation.  
The volumetric heat source model simulates the heat input in the weld 
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welding arc. Many investigators have found the volumetric heat source 
model very useful mostly when welding processes with filler metal 
addition are simulated via finite element analysis [Brickstad & Josefson 
1998; Deng et al 2008; Deng & Murakawa 2008c; Kyriakongonas & 
Papazoglou 2009a]. In the present case the flux cored arc welding of 
austenitic stainless steel is investigated, hence the volumetric heat source 
model is considered ideal. The thermal body force is numerically 
determined directly from the heat input value of each welding pass. In 
Figure 5.16, a contour plot of the moving volumetric heat source is 
illustrated. 
 
Figure 5.16 Application of the volumetric moving heat source model. 
 As previously described, the heat source models are applied in a time-
stepped transient analysis by changing their coordinates at every time 
step. Thus, the heat source can move from one end of the weld to the 
other in time. The time steps are defined according to the welding speed 
of each pass and the length of the weld pass. After the deposition of each 
weld bead in the weld groove, a time-stepped interval must be defined in 
the analysis for the cooling process between passes. However, in the case 
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of the single-pass welding simulation the cooling process, which follows 
the deposition of the weld pass, simulates the cooling of the material to 
room temperature. For all multi-pass welding simulations the exact same 
time intervals between welding passes have been adopted from the 
experimental welding procedure.  
Based on the principle that the time intervals of weld deposition and 
cooling follow the experimental procedure, the time-stepped analysis has 
been transformed to a load-stepped analysis. Namely, the time parameter 
does no longer define the number of the analysis-steps, but is dependent 
on the spatial application of the heat source model. Thus, the number of 
the analysis-steps is defined according to the movement of the heat 
source model, namely the change of its longitudinal coordinate, as 
previously described. For all series analyses two step-scenarios were 
examined, in order to determine the optimum number of load steps. 
These scenarios were applied on the small joint models, since their 
analysis required less time to be solved. 
During the first scenario, the heat source models changed their 
coordinates and moved towards the end of the weld seam with a 5 mm 
span, while during the second scenario the coordinates of the heat source 
changed with a double span, namely 10 mm. The number of load steps 
for each scenario resulted from the fraction of the total weld length to the 
span-length. Thus, in all series 70 and 35 load steps were required for 
each weld deposition for the first and second scenario, respectively. The 
time of every load step was determined by multiplication of the 
experimental welding speed and the appropriate span-length. This 
clarifies the dependency of the time-parameter and its secondary role in 
the analyses.  
 The thermal results of both scenarios were almost identical and no 
variations could be observed in the spatial temperature distribution. 
However, the analyses with the 5 mm heat source movement required 
almost twice as much computational time for their solution, since the 
number of the load steps during the weld deposition was doubled in 
comparison to the analyses with the 10 mm heat source movement. An 
attempt was made to increase the span-movement to 20 mm, but large 
variations and inaccurate results appeared mostly in the case of the A 
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series analysis, where the double ellipsoidal heat source model was 
employed. These variations are attributed to the length of the specific 
heat source model, which, according to experimental measurements, was 
less than 20 mm. This large spatial movement forced the heat source 
model to skip several groups of elements, resulting to partial heating of 
the fusion zone and loss of the transient character of the weld deposition. 
The volumetric heat source model, applied in the B and C series, did not 
skip any elements, since its length is determined solely by the span-
length, but the transient character of the heat distribution was also lost. 
Thus, the optimum load-step number has been determined with selecting 
the 10 mm movement of the heat source models. This movement is 
translated to 35 and 70 load steps for the weld deposition in the small 
and large joint dimensions, respectively, of all series analyses. In Table 
5.3 the number of welding steps and cooling steps are presented for all 
welding simulations.  
Table 5.3 Analysis steps for all welding simulations. Simulation Case Passes Step Number Simulation Steps Weld Pass Inter-pass Cooling Final Cooling A.1 1 35 - 20 55 A.2 1 70 - 20 90 B.1 3 35 5 10 130 B.2 3 70 5 10 235 C.1 6 35 10 10 280 C.1 4 (group) 35 10 10 190 C.2 4 (group) 70 10 10 330 
The number of analysis steps for the thermal and mechanical analyses is 
the same, as it shall be further explained. It is evident that the number of 
simulation steps is greatly dependent on the number of welding passes of 
each case and the total length of the weld. For this reason the two final 
simulation cases are conducted with the employment of the grouping 
technique, which is the primary subject of the present thesis. In the case 
where the C.2 joint would have been simulated straightforward, namely 
with 6 passes, it would require 490 time steps to reach a solution for both 
the thermal and mechanical analyses. 
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5.2.4 Birth and Death Technique 
The flux cored arc welding process, which is studied and numerically 
simulated in the present thesis, belongs to the welding methods, where 
filler metal is added in the weld groove during the process. The absence 
of material in the weld groove prior to the process and the addition of 
molten metal during the arc travel have been simulated by several 
techniques, which have been analyzed in a previous chapter. The finite 
element code, employed for all welding simulations in the present thesis, 
facilitates one of the techniques that can adequately simulate the filler 
metal addition during the welding process. This technique is known as the 
“Birth and Death” of elements and is based on the activation and 
deactivation of an appropriately defined number of elements during any 
analysis. 
The activation and deactivation of elements, as analyzed in a previous 
chapter, is accomplished by the insertion of a very low coefficient, in the 
order of 10-6 at least, in the elements’ stiffness matrix. During the 
simulation of the welding process all elements representing the filler 
metal addition in the weld groove are initially deactivated. Thus, only tack 
welds exist in the weld groove in the beginning of the analysis, as 
illustrated in Figure 5.17. 
 
Figure 5.17 Deactivation of elements in the weld groove of the (a) B.2 ,and (b) C.2 meshed models. 
The re-activation of the “killed” elements in the weld groove is performed 
once the heat source model reaches their coordinates. Thus, at every 
time step of the simulation process, during which filler metal is deposited, 
the groove is gradually filled until the end of the final weld pass, in the 
(a) (b) 
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case of multi-pass welding. The activation and deactivation of elements is 
performed in both the thermal and mechanical analysis in the exact same 
sequence.  
All welding experiments have been conducted with the FCAW process. 
Hence the "birth and death" technique has been employed in all welding 
simulation cases. In addition, the position of the activated tack welds in 
the weld grooves has been the same with the actual tack welds in the 
experimental set up. Thus, the solid models A.1, B.1 and C.1 had two 
tack welds, while the A.2, B.2 and C.2 solid models had four tack welds 
activated in the weld groove.  
The ANSYS® finite element code has also enabled an extra feature to 
ensure the accurate solution of an analysis when the "birth and death" 
element technique is employed. The nodes that are not connected to any 
active elements may "float", or pick up stray degrees of freedom 
responses. The best way to deal with these nodes is to constrain them, 
which also reduces the number of equations to be solved and eliminates 
the possibility of ill-conditioning. 
5.2.5 Uncoupled Analysis Solution 
Once all previous procedures have been completed and the code, in the 
APDL language, has been written for both analyses the solution process 
can commence. There are two ways to solve thermo-mechanical coupled-
field problems, as analyzed in a previous chapter. The first and most 
common way is to solve the two analyses separately and the second is to 
solve them simultaneously. These two solution approaches are also 
termed “uncoupled” and “coupled” solutions, respectively. The uncoupled 
solution approach designates the primary solution of the thermal analysis 
and the input of the thermal results, as the load case scenario, into the 
mechanical analysis, which is solved subsequently and separately. On the 
other hand, during the coupled solution both analyses are solved 
simultaneously at every time step. In the present thesis, all welding 
thermo-mechanical analyses were solved uncoupled, which allows a better 
monitoring and post-processing evaluation of both analyses.  
  One of the basic concepts of the uncoupled thermo-mechanical 
approach of the welding process is the dependence of the mechanical 
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analysis on the thermal analysis results. The thermal load has been 
applied during the thermal analysis, while the mechanical solution 
facilitates the thermal results to reach an accurate solution, provided that 
some basic procedures are followed. Thus, the geometry of the solid 
meshed model used in the thermal analysis must be exactly the same, 
without any deflections or variations in the number of elements and nodes 
and of course their positions. The temperature dependent mechanical 
properties, discussed in a previous section, must be entered into the 
material model, while the removal of the temperature dependent thermal 
properties is an optional action.  
In addition, when the technique of “birth and death” of elements is 
employed during the thermal analysis, it is crucial to maintain the same 
element activation and deactivation sequence during the mechanical 
analysis. In the present case, it is important to deactivate primarily all 
elements in the groove apart from the elements that represent the tack 
welds. The elements of the tack welds are also important during the 
mechanical analysis of the welded joint, since they are the only constraint 
that maintains the gap between the two plates and ensures the primary 
stiffness of the joint until the complete deposition of the first weld pass.  
The mechanical results are greatly influenced by the application of the 
boundary conditions. The constraints that are employed on one of the two 
plates must be similar to that of the constrained plate during the 
experimental procedure. A variation of the boundary conditions can lead 
to completely different numerical results, mostly in the case of the 
deformation of the unconstrained plate. 
5.3 Simulation Cases and Results 
The simulation cases examined and analyzed have been given the same 
coding with the corresponding experimental cases, as seen from the 
listing in Table 5.3. All thermo-mechanical simulations were solved as 
uncoupled analyses, while the accuracy of the numerical results was 
evaluated upon comparison with the corresponding experimental results. 
The basic numerical results that have been subjected to comparison were 
the thermal cycles, the out-of-plane deformation and the residual 
stresses. The local strains were not included in the evaluation, since their 
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numerical results varied significantly from the experimental ones. In order 
to capture the local strains numerically, a different approach in the 
modeling process is required. However, this approach is not discussed in 
the present thesis. 
In addition, an evaluation of the heat source models employed has 
been conducted based on the accuracy of the thermo-mechanical results. 
The issue of the long computation time during the analysis of the multi-
pass welding process is also discussed in this thesis. The two 
experimental series of multi-pass welding of austenitic stainless steel 
have been thermo-mechanically simulated and their computational time 
has been recorded. A novel methodology is described and performed, 
which aims at minimizing the computational time in the case of multi-pass 
welding. 
Prior to the solution of all welding simulations, as mentioned in 
previous sections, the optimum number of load steps, the element size 
and mesh density have been determined after several test analyses, 
where the solution and results converged. Thus, having all convergence 
issues solved for all simulation series, the simulation cases can be 
evaluated for their accuracy and prediction capability.  
5.3.1 Numerical Simulation of Single-Pass Welding (A.1&A.2) 
The single-pass welding process, of the 4 mm thick austenitic stainless 
steel plates, has been numerically simulated with the use of the finite 
element code ANSYS®. The main thermo-mechanical analysis of single-
pass welding was focused on the A.2 solid model, while the A.1 solid 
model was further used to evaluate a modification of the heat source 
model. The dimensions and number of nodes and elements of the meshed 
models are listed in Table 5.1, while in Table 5.3 the number of time 
steps programmed in each of the analyses is presented. Thus, for the A.2 
thermo-mechanical analysis a total of 180 time steps have been solved 
and the numerical results of each time step have been stored in the 
model’s database. 
The heat source model used in the specific thermal analysis was the 
“double ellipsoidal” model, which had been presented in Figures 5.14 and 
5.15. The determination of the geometrical parameters of the heat source 
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had been made based on measurements of the weld reinforcement and 
weld root, prior to the metallographic investigation. In order to validate 
the accuracy of the heat source model during the thermal analysis, the 
measurements recorded by the two thermocouples closer to the weld 
metal have been compared with the numerical nodal results from two 
nodes with the same coordinates of the thermocouples position. The 
results are presented in Figure 5.18. 
 
Figure 5.18 Numerical and experimental thermal cycles of the A.2 simulation. 
The maximum temperatures recorded by both thermocouples have been 
accurately captured by the numerical model. In addition, the measured 
cooling curves exhibit similar gradients and form with the numerical 
results of the model. In general, it can be stated that the numerical 
values of the thermal model are in excellent agreement with the 
experimental measurements.  
Subsequently, the mechanical analysis was performed and the 
numerical results of the residual stresses and deformation were acquired. 
The residual stresses during the experimental procedure have been 
determined for the transverse plane in the mid-length of the 
unconstrained plate. In addition, it has been established that the residual 
stresses in the longitudinal direction were more severe than that in the 
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transverse direction. Thus, the residual stresses in the longitudinal 
direction of the transverse plane in the mid-length of the solid model are 
plotted in Figure 5.19, along with the experimentally determined stresses. 
The residual stress field predicted by the mechanical analysis shares 
many similarities with the experimental measurements of the Hole-drilling 
method. A wide tensile stress field is apparent near the weld metal 
region, which becomes compressive with moderate stress values at larger 
distance from the weld metal.  
 
Figure 5.19 Numerical and experimental longitudinal residual stresses of the A.2 case. 
 





Reaction Stresses of 
Plate Constraints 
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However, the numerically predicted stresses converge to zero at the edge 
of the plate, while the experimental values seem to zero at closer 
distance. In the weld metal the numerically predicted residual stresses 
exceed the yield strength of the material, which in the actual case is 
impossible. This behavior is explained numerically by the fact that the 
elements of the numerical model cannot simulate the solid-liquid phase 
transition and consider only the solid phase. A contour plot of the residual 
stresses in the model of the welded joint is presented in Figure 5.20, 
where the previously discussed stress condition is apparent. In addition, 
the reaction stresses due to the plate constraint can be readily noted.  
The deformation numerical results were completely inaccurate as 
compared to the experimental measurements, which were recorded by 
the LVDTs. Only small values of angular change were predicted by the 
model, while no longitudinal bending deformation has been calculated. 
The numerical values of the deformation were approximately 10-20% of 
the measured values. The cause of this inaccuracy has been justified after 
the metallographic investigation of the welded joints. The transverse 
profile of the revealed weld metal was entirely different from the weld 
metal profile resulting from the double ellipsoidal heat source model. The 
angular change is based on the through-thickness temperature variation, 
which was negligible in the case of the double ellipsoidal heat source 
model. The actual weld metal profile, which was experimentally measured 
(Fig. 5.21a), results in higher temperature variation in the thickness 
direction. Thus, a customized heat source model was constructed and 
applied in the thermal analysis (Fig. 5.21b), which significantly increased 
the angular change. 
 
Figure 5.21 (a) Measured weld profile, and (b) modified heat source model. 
(a) (b) 
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The customized heat source model was inputted into the A.1 series solid 
model and a complete thermo-mechanical analysis was performed. The 
deformation results of the analysis were compared to that of the double 
ellipsoidal heat source model and the experimental measurements of the 
LVDTs (Fig. 5.22). 
 
Figure 5.22 Experimental and numerical deformation of the A.1 case. 
It can be readily noted that the customized heat source model resulted in 
a more realistic out-of-plane deformation of the unconstrained plate. This 
denotes the importance of the temperature variation in the thickness 
direction, which is the main reason for the angular change of the welded 
joint. The deformation values of the customized heat source model 
reached approximately 50% of the experimental values, which is at least 
three times more than the results of the double ellipsoidal model. 
However, a good prediction of the out-of-plane deformation could not be 
met, but the results are promising. As noted in Figure 5.21b, the solid 
model does not contain the root and reinforcement geometry, which could 
play an important role in the angular change. 
It has been concluded that the weld metal profile during a thermo-
mechanical analysis plays an important role, mainly in the numerical 
results of the mechanical analysis. Thus, in the subsequent thermo-
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mechanical finite element simulations of the multi-pass welding process 
the second heat source model, which is based on a volumetric heat source 
proportional to the heat input of each welding pass, was employed. The 
volumetric heat source is applied directly to the finite volume of the each 
weld pass, which is geometrically constructed based on the weld metal 
profile. 
However, the longitudinal bending deformation could not be captured 
regardless the heat source model employed. In the actual experimental 
case the longitudinal bending deformation results from the longitudinal 
shrinkage of the weld metal (see section 3.5). The longitudinal bending 
deformation was apparent mostly in the 4 mm welding experiments and 
occurred during the cooling process after the onset of the angular change 
of the joint. In order for the longitudinal shrinkage to occur the weld 
metal and its adjacent region must be free of constraints along the 
longitudinal direction.  
In the thermo-mechanical modeling simulation of the A.2 and more 
thoroughly in the A.1 case several constraint scenarios were examined. 
The various scenarios involved the boundary conditions applied on the 
constrained plate of the joint. The plate was constrained at both edges, 
thus initially the longitudinal movement was allowed for one edge, 
subsequently for the other and finally for both edges. However, the 
longitudinal bending deformation could not be captured by the numerical 
models. This issue requires further study and thus it is proposed for 
future investigation. 
5.3.2 Numerical Simulation of Multi-Pass Welding (B.1) 
The solid meshed model based on the B.1 experimental series has been 
subjected only to thermal analysis due to the fact that only 
measurements of the thermal cycles have been conducted. Thus, the 
volumetric heat source model that has been applied in the present case 
has been evaluated based on its thermal results. 
The characteristics of the solid meshed model, such as dimensions and 
number of nodes and elements, have been listed in Table 5.1, while the 
time steps required for the thermal analysis based on Tale 5.3 were 130. 
The welding sequence of the bead deposition has been accurately adopted 
Chapter 5 – Thermo-Mechanical Modeling of Austenitic Stainless Steel Welding 
312 
 
by the experimental procedure. Thus, in order to verify the numerical 
results of the model, the temperature readings of the thermocouple, 
being closer to the weld metal, were used. In Figure 5.23 the temperature 
numerical results at the node, which has the same coordinates with the 
thermocouple, are plotted and compared with the thermocouple readings.  
 
Figure 5.23 Numerical and experimental thermal cycles of the B.1 simulation. 
The numerical curve of the model and the measurement curve match 
completely, which provides a strong indication regarding the accuracy of 
the thermal model. The peak temperatures of each welding pass have 
been captured by the model, while the cooling curves are almost identical. 
This initial evaluation of the thermal model points out the successful 
implementation of the volumetric heat source model in the present model 
and all subsequent models of the multi-pass welding process. 
As discussed in previous sections, the volumetric heat source model is 
implemented directly on selected nodes, which represent the volume of 
the weld metal. The thermal body force assigned to the specific nodes is 
derived from the heat input equation of the welding arc, as described by 
equation 5.1. The welding parameters, namely the voltage, welding 
current and speed, of each welding pass are inputted in the equation, 
while the arc efficiency coefficient, η, of the process varies. The coefficient 
cannot be determined precisely, but it is considered for the flux cored arc 
Chapter 5 – Thermo-Mechanical Modeling of Austenitic Stainless Steel Welding 
313 
 
welding process to take values between 0.85 and 0.95, since FCAW is 
considered a high efficient process due to the flux.  
[ / ]w
V IQ J m
u
η ⋅ ⋅
=  [5.1] 
In all multi-pass welding simulations conducted for the present thesis, 
the arc efficiency for the root and reinforcement pass was taken equal to 
0.85, due to heat loss on the back-up strip or to the environment through 
convection and radiation. On the other hand, for all intermediate welding 
passes, due to the confined space in the weld groove, an arc efficiency 
equal to 0.95 was attributed.  
5.3.3 Numerical Simulation of Multi-Pass Welding (B.2) 
Based on the thermal modeling of the B.1 series, the thermo-mechanical 
simulation of the B.2 series welding process has been conducted. The 
parameters of the heat source model have been completely adopted by 
the thermal modeling of the B.1 series. However, due to the different 
dimensions of the solid meshed model, in comparison to B.1, the 
uncoupled thermo-mechanical analysis required 470 time steps to reach a 
solution, according to Table 5.3.  
The numerical results of the thermal analysis have been evaluated 
upon comparison with the experimental results. Thus, the temperature 
recordings of the thermocouple closer to the weld line are plotted along 
with the nodal temperature results from the corresponding node, which is 
located at the same coordinates with the thermocouple and presented in 
Figure 5.24.  




Figure 5.24 Numerical and experimental thermal cycles of B.2 simulation. 
The numerical and experimental thermal cycles are in good agreement, 
since the same peak temperatures of each welding pass have been 
acquired and the cooling curves match. A small deviation is observed in 
the cooling curve after the deposition of the first weld pass. This is 
attributed to the application of the module of “birth and death” of 
elements. The deviation in the cooling curves due to the activation and 
deactivation of elements in the weld groove is observed mainly in the 
results of the thermal analysis of multi-pass welding. This diversity is 
more evident when the welding passes increase the dimensions of the 
model increase. 
The basic cause of this behavior is the fact that the technique of 
activation/deactivation of elements cannot fully simulate the actual 
conditions of the filler metal additions. In the actual case the weld groove 
prior to the filler deposition is empty, while in the case of the numerical 
analysis the elements may be inactive but they exist in the weld groove. 
The existence of inactive elements, which do not take part in any 
calculations, does not allow full thermal conduction of intermediate passes 
to the environment. When a weld pass is deposited in the weld groove, 
the free surfaces of the just solidified weld metal abduct heat to the 
environment. During the analysis, as previously mentioned, this is 
achieved with the insertion of the film coefficient on every free surface of 
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the solid model. However, in the weld groove the inactive later passes are 
present and suppress heat abduction from the upper free surface of a just 
reactivated weld pass.  
The restrain of heat abduction is evident in the cooling curves despite 
the relatively small surface of the weld metal as compared to the free 
surfaces of the entire solid model. In the actual case, the abduction of 
heat is relatively high from the surface of the weld metal, due to the high 
temperatures present. The weld metal surface is the only area abducting 
heat from the melting temperature until the entire metal cools down to 
room temperature. Thus, the absence of heat abduction from the free 
surface of the just deposited filler metal is evident in the cooling curves 
numerically calculated. 
Despite this small variation in the cooling behavior after the first pass, 
the mechanical response of the welded joint has been numerically 
calculated by the subsequent mechanical analysis. The predicted residual 
stress field of the transverse plane in the mid-length of the welded joint is 
plotted along with the experimentally determined residual stresses of the 
actual welded joint in Figure 5.25. The numerical and experimental values 
of the longitudinal stresses in the mid-length of the welded joint are in 
good agreement. However, a variation is observed far from the weld line 
at approximately 100 mm distance. The experimental values turn from 
moderate compressive stresses to moderate tensile stresses at that 
distance, while the numerical values remain compressive and converge to 
zero at the edge of the plate. 




Figure 5.25 Numerical and experimental longitudinal residual stresses of the B.2 case. 
The origin of these tensile stresses can only be assumed, since there are 
three possibilities that explain the presence of these stresses. The 
possibility of these stresses being caused solely by the bending 
deformation of the plate is the least likely, due to their high values. It is 
more possible that these stresses pre-existed in the metal and had been 
formed during the manufacturing of the plate. The thermal cycles are not 
able to redistribute the stress field at that distance since the material 
possesses low thermal conductivity. The third and most likely possibility, 
however would be a combination of the previous causes. Thus, the 
stresses pre-existed in the plate, while the bending deformation enhanced 
their magnitude. In any case, the numerical model cannot predict these 
stresses, since it considers a completely stress-free material prior to the 
thermo-mechanical process. In Figure 5.26, contour plots of the as-
welded joint of the model are presented, where the residual stress 
distribution is apparent.  





Figure 5.26 Residual stresses contour plot of the B.2 model: (a) isometric, and (b) top view. 
The angular change of the weld joint has been apparent in the as-welded 
case and it has also been predicted by the numerical model. In Figure 
5.27, the recordings of the most remote LVDT and the nodal results of the 
vertical displacement at the exact same coordinates are plotted. 
(a) 
(b) 




Figure 5.27 Experimental and numerical vertical displacement of the B.2 case. 
The two displacement curves, although exhibiting different behavior 
during the welding process, converge at values, which vary slightly. The 
numerical difference of the final deformation value is approximately 2 
mm, which is translated to less than 10% variation. The prediction of the 
thermo-mechanical model is considered quite satisfactory. However, one 
cannot neglect that the form of the deformation curves are completely 
different. This is attributed to the plane trapezoidal shape, which has been 
used for the weld passes profile, in the solid model. The actual weld 
profile shape, as revealed during the metallographic investigation, 
exhibits more geometrical complexity. The deformation captured by the 
model is also presented in the contour plots of Figure 5.28. 





Figure 5.28 Deformation contour plot of B.2 model: (a) isometric and (b) side view. 
In the contour plots one can be readily note the total deformation of the 
unconstrained plate. The angular change is mostly apparent in the side 
view of the deformed solid model (Fig. 3.28b). 
(a) 
(b) 
Chapter 5 – Thermo-Mechanical Modeling of Austenitic Stainless Steel Welding 
320 
 
5.3.4 Numerical Simulation with Grouping Technique (C.1&C.2) 
The predictive accuracy of the numerical models presented in the present 
thesis was established mostly in the previous section, in the case of the B 
series. However, the required computational time for three-dimensional 
solid models, mostly in the case of multi-pass welding simulation, is 
always an issue. The thermal analysis of the B.1 model required 
approximately 9 hours to be solved, while a test thermo-mechanical 
analysis of the same solid model required 20 hours, which also designates 
that the mechanical analysis is more time consuming. As the node 
number and the time steps increased, which was the case in the B.2 solid 
model, the computational time increased exponentially. Thus, the thermo-
mechanical analysis of the B.2 solid model required approximately 83 
hours of computational time to reach a solution.  
In the present thesis the basic aim was to reduce the computational 
time of a thermo-mechanical multi-pass welding analysis with the use of a 
technique, which numerically groups the welding passes. The 
experimental welding of the 12 mm stainless steel plates, during the C 
series, had been considered as the ideal case to be numerically simulated 
with this technique, since the welding process had been completed after 
six welding passes. The selection of the welding passes, which would be 
combined in one single pass, had to be performed after some 
consideration based on the welding parameters, the welding sequence 
and the geometry of the weld. Hence, the investigation was completed 
after several steps, providing useful information in order to reach the final 
goal, which had been the accurate prediction of the residual stresses and 
deformation of the multi-pass welding via finite element numerical 
analysis. 
  The primary investigation had been focused on “dummy” models with 
approximate dimensions of the weld metal, prior to the conduction of any 
welding experiments. The aim of these “dummy” model analyses had 
been the evaluation of the optimum weld pass grouping, without affecting 
the welding parameters of the welding passes. From this evaluation an 
optimum grouping combination of welding passes has resulted. 
Subsequently, the experimental results of the C.1 series were compared 
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with the numerical results of both the grouping technique and the 
standard welding simulation. Finally, the grouping technique with the 
optimum combination of weld passes was employed in the thermo-
mechanical analysis of the C.2 case. The numerical analysis results have 
been subjected to comparison with the experimental results for the final 
evaluation of the grouping technique.  
This grouping technique has also been employed in the past years by 
Rybicki et al [1978] and Rybicki and Stonesifer [1979] but in a more 
simple version. Their efforts involved the groupings of subsequent weld 
passes in two-dimensional models, while their investigations have been 
conducted only with respect to the residual stresses results. In the 
present thesis, the technique is applied in three-dimensional models and 
expands its prediction to the deformation of the component, in addition to 
the resulting welding residual stresses. 
5.3.4.1 Test Analyses for Optimum Grouping 
Prior to any welding experiments test models based on the dimensions of 
the C.1 welded joints have been constructed and various analyses have 
been conducted in order to determine the optimum combination of group 
passes. The welding procedure mandated that the weld group would 
require six welding passes and the welding parameters have been set for 
each pass. The welding parameters of the first and final pass varied 
between them and from all other passes. Thus, the four weld passes in 
the core of the weld metal were deposited with the same parameters. The 
solid model had been constructed by assuming the weld metal dimensions 
and the sequence of the weld passes is illustrated in Figure 5.29. 
 
Figure 5.29 Sequence of weld passes during the analysis. 
1st 
2nd  3rd  
5th  4th  
6th  
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The number of reasonable combinations of weld passes was three, which 
resulted to four thermo-mechanical analyses. The first analysis conducted 
was the complete analysis, which simulated each welding pass separately. 
The second analysis grouped the intermediate passes in the horizontal 
direction, namely the second along with the third and the fourth along 
with the fifth. The two final analyses grouped the weld passes vertically, 
namely the second with the fourth and the third with the fifth. For the 
final combination, two different analyses were required, since a change in 
the sequential deposition of the two groups can lead to different results. 
As mentioned before, all grouped passes share the same welding 
parameters according to the welding procedure. This is quite important, 
since it would not alter the transient character of any of the six weld 
passes. The welding sequence of the three grouping combinations is 
presented in Figure 5.30. 
 
Figure 5.30 Welding sequence; (a) Horizontal, (b) 1st Vertical, and (c) 2nd Vertical. 
The variation of the two vertical groups is irrelevant for the solution of the 
thermal analysis but crucial for the mechanical analysis results. The 
deposition sequence of the vertical grouping is greatly affected by the 
plate’s constraint, namely if the weld bead is deposited firstly on the edge 
of the constrained or the unconstrained plate. This variation is expected 
to be pronounced mostly in the deformation results and much less in the 
residual stresses results. 
For all test analyses the geometric solid meshed model had been the 
same and it was based on the geometry of the C.1 weld joint, as shown in 
Figure 5.31. The dimensions of the filler metal deposition volume were 
based on the bevel treatment of the plate’s edges and the root gap 
selected during the welding procedure. However, dimensions of the weld 
metal, namely the boundaries of the liquid-solid interface could not be 
(a) (b) (c) 





4 4 4 
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determined prior to the metallographic investigation. The dimension of 
the actual weld metal boundaries has a direct effect on the heat input 
values of the heat source model in the analysis.  
 
Figure 5.31 Solid meshed model based on the C.1 welded joint. 
All thermo-mechanical analyses required the same computational time to 
be solved and reached a solution after 380 time steps, except from the 
analysis which simulated all six passes separately and required 560 time 
steps to solution. The comparison of the four simulation cases was based 
on their mechanical results, since the thermal cycles would be irrelevant 
to each other. Thus, the resulting residual stresses and the deformation of 
the unconstrained plate, which had been numerically determined by the 
analyses have been plotted and further discussed. The residual stresses of 
all test analyses are illustrated in Figure 5.32, while the deformation of 
the edge of the unconstrained plate for all cases is presented in Figure 
5.33. 
The numerically determined residual stresses correspond to the 
longitudinal stresses in the transverse plane along the mid-length of the 
welded joint. It can be readily noted that the stress fields in all cases vary 
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slightly but exhibit the exact same distribution and same stress 
magnitude.  
 
Figure 5.32 Longitudinal residual stresses predicted by all analyses. 
 
Figure 5.33 Deformation of unconstrained plate predicted by all analyses. 
The variation of the four simulation cases is depicted in the deformation 
results. The simulation of all six passes results in the vertical distortion of 
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the unconstrained plate with a mean value of 21.5 mm. The horizontal 
grouping analysis seems to be the only one of the three grouping 
analyses which approaches the solution of the complete simulation with a 
mean distortion value of 19.5 mm. The two vertical grouping analyses do 
not approach the solution of the complete analysis at all. The distortion 
results vary from the results of the complete simulation by 8 to 10 mm, 
which is approximately 40 to 50%. This deviation is attributed mainly to 
the stiffness of the weld groove during the deposition of the intermediate 
passes and their lack of ability to distort the plate. 
Thus, the horizontal grouping of the intermediate welding passes is 
considered ideal for substituting the complete multi-pass welding 
simulation, since their deformation results vary only by approximately 
10%.  
5.3.4.2 Numerical Simulation of the C.1 Series 
After the metallographic investigation of the 12 mm welded joints, the 
dimensions of the weld metal were measured, in order to determine the 
exact amount of heat input of the heat source model in the subsequent 
analysis. The welding process of the C.1 welded joint was numerically 
simulated and both techniques were employed, namely the results of the 
complete simulation of all welding passes and the grouping technique 
have been subjected to comparison with the experimental results of the 
C.1 experimental series. 
During the C.1 experimental series, measurements of the thermal 
cycles and out-of-plane deformation have been performed. The 
comparison with the numerical results is based on the existence of these 
measurements.  However, the thermal cycles measured can be compared 
only with the numerical results of the analysis, which simulated all passes 
separately. The grouping technique, as previously mentioned, simulates 
the welding process with four instead of six passes, hence the numerical 
with the experimental thermal cycles are not expected to match. The 
temperature nodal results from the node, which is located 15 mm from 
the weld line in the mid-length of the plate, and the thermal cycles of the 
corresponding thermocouple are illustrated in Figure 5.34. The peak 
temperatures of each welding pass has been captured by the numerical 
Chapter 5 – Thermo-Mechanical Modeling of Austenitic Stainless Steel Welding 
326 
 
simulation, as in the case of the previous multi-pass welding simulation. 
However, the influence of the module of “birth and death” of elements is 
apparent in most of the cooling curves after the weld passes. After the 
final pass where no heat abduction is suppressed by any inactive 
elements, the numerical cooling curve matches satisfactorily the 
experimental one.  
 
Figure 5.34 Numerical and experimental thermal cycles of the C.1 simulation (the numerical results correspond to the full simulation of all weld passes). 
In the as-welded condition of the C.1 series, no measurements of the 
residual stresses were performed. Thus, the comparison of the mechanical 
results is based solely on the deformation of the unconstrained plate. 
During the experimental welding, five LVDTs were positioned at 130 mm 
from the weld line at various longitudinal coordinates of the unconstrained 
plate. Thus the numerical deformation results of the two analyses are 
focused on the longitudinal plate profile at 130 mm from the weld line. 
The numerical and experimental values of the final deformation are 
plotted together in Figure 5.35.  
As established in the previous section, the two numerical approaches 
vary only by 1.5 mm, while the experimental values of the plate 
deformation are close to the numerically predicted values. More 
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specifically, the experimental final deformation of the plate varies from 
the deformation results of the grouping technique only by 2 to 3 mm, 
namely by approximately 10%.  
 
Figure 5.35 Numerical and experimental plate profile of C.1 series. 
In addition, since the predictive capability of the model with the grouping 
technique has been considered quite accurate, the main objective is to 
evaluate the reduction in computational time of the analysis. The 
computational time along with the time steps and characteristics of each 
analysis are presented in Table 5.4. 
Table 5.4 Computational time of analyses. 
Model Passes Number of Nodes Number of Elements Time Steps Computational  Time C.1 4 33901 44638 380 22 hr C.1 6 33901 44638 560 34 hr B.1 3 36423 31360 260 20 hr 
The computational time of the analysis with the grouping technique was 
reduced from 34 to 22 hours, which is a 35% decrease. In Table 5.4 are 
also listed the computational time, and the number of nodes and 
elements of the B.1 case. In the B.1 case the analysis requires 20 hours 
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for 260 time steps to be solved, while the C.1 analysis for 380 time steps 
needs just two more hours. This designates the importance of the total 
number of nodes, which in the case of the C.1 model is smaller due to the 
anisotropic mesh in the weld metal area. 
5.3.4.3 Numerical Simulation of the C.2 Series 
Based on the reduced computational time for the analysis and the 
accurate results obtained, the simulation of multi-pass welding of the C.2 
series with the grouping technique was conducted. The solid meshed 
model based on the C.2 welded joint had 99308 elements and 79149 
nodes. The thermo-mechanical analysis of the model has been completed 
in 660 time steps and required 82 hours. According to the time 
calculations, in the previous section, if the grouping technique was not 
used and the simulation of all six passes had been conducted, then the 
analysis would require 280 more time steps and would reach a solution in 
approximately 126 hours.  
In order to evaluate the accuracy of the analysis in the C.2 case, the 
mechanical results have been compared with the experimental results of 
the C.2 series. Thus, the residual stresses and deformation experimental 
and numerical of the welded joint are subjected to comparison. In Figure 
5.36 the longitudinal residual stress distribution at mid-length is plotted. 
 
Figure 5.36 Numerical and experimental longitudinal residual stresses of the C.2 case. 
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The longitudinal residual stresses measured by the Hole-drilling method in 
the transverse plane of the plate’s mid-length have been plotted along 
with the corresponding residual stresses from the analysis. The 
experimental and numerical results are in excellent agreement, since they 
form the same stress field along the plane of the unconstrained plate. 
Similar to all other mechanical simulations, in the weld metal region, the 
stresses reach some unrealistic values, which are much higher than the 
yield strength of the material. This is attributed to the fact that the 
material model cannot simulate the transition from solid to liquid phase, 
as explained in a previous section.  
Similar to the residual stresses results, the numerical deformation 
results of the unconstrained plate are plotted along with the recordings of 
the LVDTs, which had been positioned on the unconstrained plate at 200 
mm from the weld line. The numerical and experimental deformation is 
presented in Figure 5.37. 
 
Figure 5.37 Experimental and numerical vertical displacement of C.2 case. 
The increase of deformation during the deposition of a weld pass is 
evident in both the numerical and experimental deformation curve. The 
different welding sequence of the four and six weld passes is also evident 
in the form of the curves. The convergence of the deformation curves is 
very close to each other. The experimentally measured deformation is 
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approximately 42.5 mm, while the numerical predicted deformation is 
approximately 41 mm. These results designate a variation of less than 
5%, which is a strong indication of the predictive capability of the 
numerical model and the welding pass grouping technique. 
Thus, three-dimensional thermo-mechanical multi-pass welding 
analyses of thick sections can be conducted with accuracy when some 
welding passes are grouped and simulated as one. In addition, the 
reduction of computation time is a major benefit of the technique, since 
accurate results can be attained in a reasonable time period.  
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CHAPTER 6 – CONCLUSIONS AND FUTURE WORK 
6.1 Synopsis  
In the present thesis the butt-welding of austenitic stainless steel AISI 
316L alloy has been investigated via experimental welding and numerical 
finite element simulation. Plates of different thickness were used in the 
experiments, namely 4, 8 and 12 mm. The length and width dimensions 
of the plates were 350x150 and 700x300 mm2 for all thickness 
dimensions. Thus, two weld joint sizes resulted for each plate thickness. 
During the welding process measurements of the thermal cycles, out-of-
plane deformation and local strain were conducted with the use of 
appropriate measuring equipment in order to observe the material 
behavior during the arc heating and the subsequent cooling to room 
temperature. In the as-welded condition the residual stresses caused by 
the welding process were determined with the employment of the Hole-
drilling experimental method. Subsequently, transverse sections of the 
welded joints were taken and subjected to metallographic investigation. 
The microstructure of the weld metal, heat affected zone and base metal 
were identified, while a thorough investigation was performed to locate 
any chromium carbides. The metallographic specimens have been also 
subjected to micro-hardness measurements along the weld metal profile.  
Based on all experiments, the thermo-mechanical numerical simulation 
of the austenitic stainless steel welding process was conducted via the 
finite element method. Three-dimensional models were constructed based 
on the dimensions of the welded joints for all plate thickness values. 
Various heat source models were employed in the analysis and the spatial 
heat distribution was evaluated through comparison with the experimental 
measurements. Once the predictive accuracy of the numerical models in 
single- and multi-pass welding was established, the goal was to reduce 
the computational time of the analysis, mainly in the case of multi-pass 
welding. For this reason a technique of grouping welding passes was 
employed. The main principle of this technique lies in the simultaneous 
deposition of welding passes significantly reducing the time steps of the 
analysis. The predicted results of the welding simulation with the grouping 
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technique were compared with experimental and other conventional 
numerical results to evaluate the accuracy of the technique.  
6.2 Experimental Conclusions 
The experimental procedure of the austenitic stainless steel single- and 
multi-pass butt-welding provided valuable information regarding the 
material’s behavior, which was subsequently used in the numerical 
modeling. The unique properties of the austenitic alloys, such as the low 
thermal conductivity and the high thermal expansion coefficient, were 
apparent during the welding process and in the as-welded condition. 
Thus, the spatial temperature distribution was constrained during the 
deposition of all welding passes. Near the weld low peak temperatures 
were measured during all welding experiments. The maximum 
temperature measured in the multi-pass welding process of the 8 mm 
plates during the second weld pass at 15 mm distance from the weld line 
was approximately 330 °C. These temperature levels are not sufficient for 
the precipitation of chromium-rich carbides, which could have been 
expected, mainly in the multi-pass welding. Hence, the subsequent 
investigation for precipitation is focused even closer to the weld metal 
zone. 
The heat distribution during the welding process may have been 
suppressed, but the strain and deformation measured were quite large 
and intense. The local strain, measured by strain gages mounted near the 
weld metal, was extremely intense and large strain values were recorded 
during the deposition of a weld pass. This behavior was observed during 
all welding experiments. In addition, the measured out-of-plane 
deformation of the unconstrained plate, in all experimental cases was 
quite high. The deformation of the plate resulted in angular change and 
bending deformation, which was recorded by LVDTs positioned at various 
locations on the surface of the plate. The angular change was higher in 
the case of the 12 mm thick plates, which was welded with the maximum 
number of weld passes. The repeated thermal cycles of the multi-pass 
welding process enhanced repeatedly the angular change. However, the 
bending deformation was more apparent in the case of the 4 mm thick 
plates, while the least bending deformation was recorded in the case of 
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the 12 mm thick plates. The bending deformation is a consequence of the 
longitudinal shrinkage of the welded joint, which means that thinner 
plates bend more easily due to the shrinkage forces in the longitudinal 
direction. In the as-welded condition the residual stress field in all welded 
joints was similar, regardless of the plate thickness. The residual stresses 
in the longitudinal direction were more severe than the stresses in the 
transverse direction. A wide and severe tensile stress field was formed 
near the weld metal, while the stresses became compressive at 
approximately 30 to 40 mm distance from the weld metal. The 
compressive stresses were moderate and turned to zero values at a larger 
distance. 
The subsequent metallographic investigation revealed the austenitic 
microstructure of the base metal. In the mid-thickness plane of the 
plates, ferrite -stringers were aligned in parallel lines along the rolling 
direction of the plate. The presence of the ferrite-stringers is attributed to 
the thermo-mechanical manufacturing process of the plates, which lead to 
local segregation of the ferrite-promoting elements from the austenitic 
matrix. The ferrite microstructure of the stringers was also confirmed by 
the EDS analysis, which was subsequently conducted. The density of the 
ferrite-stringers was higher in the thinner plates, probably due to the 
intensity of the hot-rolling process during their production. 
In the heat affected zone of all welded specimens, no significant grain 
growth was observed. This is mainly attributed to the fact that all plates 
were delivered in the hot-rolled and annealed condition and probably due 
to the low peak temperatures of the thermal cycles. Some ferrite was 
formed in the connection zone and propagated inter-granularly in the heat 
affected zone. After thorough observation through the optical microscope 
and via SEM, no chromium carbides were observed in the heat affected 
zone. The absence of chromium carbides accents the efficiency of the L-
grade alloy character, which suppresses the carbon content and prevents 
sensitization.  
The microstructure of the weld metal, in all welded joints, exhibited a 
binary microstructure of austenite and ferrite. The weld metal solidified in 
the FA mode, which was also predicted via the chromium and nickel 
equivalent values in the WRC-1992 constitution diagram. The first phase 
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to solidify was ferrite, while at the end of solidification some austenite 
formed at the ferrite grain boundaries. Subsequently, upon cooling in the 
solid state, the austenite consumed most of the ferrite via a diffusion 
reaction. Thus, the final microstructure in the weld metal was austenite 
with approximately 9% ferrite, as predicted by the WRC-1992 diagram. 
The presence of this small amount of ferrite eliminated any possibility of 
solidification cracking phenomena in the weld metal or the heat affected 
zone.  
The metallographic specimens were also subjected to micro-hardness 
measurements, in order to measure the hardness values of the weld 
metal, heat affected zone and base metal. The maximum hardness values 
were measured in the weld metal, since the small presence of δ-ferrite 
enhanced hardness. In the area of the heat affected zone the hardness 
was reduced smoothly until the nominal value of the base metal. An 
exception to that distribution form was found in the 4 mm welded plates, 
where the maximum hardness values are presented in the heat affected 
zone. This variation is attributed to the shape of the weld metal 
transverse profile, which enhanced the hardness values, thus extending 
the heat affected zone for a long distance.  
6.3 Numerical Simulation Conclusions 
Based on the knowledge acquired from the experiments in austenitic 
stainless steel butt-welding, numerical finite element models were 
constructed and subjected to three-dimensional thermo-mechanical 
analysis of the welding process. All solid models were constructed based 
on the dimensions of the experimental welded joints. A fine mesh division 
was selected for the weld metal and its adjacent area, while a coarse 
mesh division was employed far from the weld line, where the thermal 
and strain gradients are smooth.  
A correlation between the heat source model and the weld metal shape 
was established in the case of the single-pass welding simulation. The 
employment of standard heat source models, such as the double ellipsoid 
heat source, can predict the thermal cycles and the residual stress field 
quite accurately, but the deformation of the welded joint cannot be 
captured. Thus, the employment of customized heat source models, which 
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resembles the weld metal shape, is preferred, since it can simulate the 
through-thickness temperature variation more efficiently. The through-
thickness temperature variation is the main driving force for the angular 
change, which leads to the plate deformation. 
For the multi-pass welding simulation, volumetric heat source models 
were selected, which had a direct relationship with the heat input of each 
weld pass. The weld metal shape was also used to determine 
geometrically the heat source model for all welding passes. The numerical 
models for the multi-pass welding process accurately predicted the 
thermal cycles, residual stresses and final deformation of the welded 
joints. Small variations in the numerical and experimental thermal cycles 
were observed due to the use of the "birth and death" of elements 
technique. The variations were observed in the intermediate welding 
passes of the 8 and 12 mm multi-pass welding processes, since the 
conduction of heat from the free surfaces of each weld pass is restricted, 
as explained in a previous chapter. However, the mechanical response of 
the numerical models was quite accurate.  
The main goal of the present thesis had been to reduce the long 
computation times required for the solution of the multi-pass welding 
process. The transient analysis of the multi-pass welding process requires 
many time steps to be solved, hence, the reduction of the time steps 
would automatically decrease the computational time. A technique, which 
had never been used in three-dimensional models and had never been 
verified by experimental mechanical results, was employed in the 
numerical simulation of the welding process of the 12 mm thick plates. 
The principle of the technique is based in the simultaneous simulation of 
two welding passes during the thermo-mechanical analysis. The welding 
passes that were grouped shared the same welding parameters so that 
the heat input values of the welding passes would not be affected.  
The welding process of the 12 mm thick plates was completed after six 
welding passes. The first (root) and sixth (reinforcement) welding passes 
were not grouped, due to their unique heat input parameters. Thus, the 
second, third, fourth and fifth welding passes were grouped in several 
combinations. The accuracy of the combinations was evaluated upon 
comparison with the original analysis, which simulated each pass 
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separately. The optimum combination was selected and employed for the 
numerical analysis of the large dimension model of the 12 mm thick 
plates. The numerical results were compared with the corresponding 
experimental results. The numerical model predicted accurately the 
residual stress field of the welded joint, while the deformation values 
varied only by 5%. In addition, a decrease in computational time of 35% 
was established. 
6.4 Novelty of the Present Work 
According to all previous experimental and numerical results, the novelty 
of the current thesis can be summarized, as follows: 
 The "grouping" technique has been utilized for the first time 
in three-dimensional thermo-mechanical analysis in the present 
thesis. 
 The experimental results of the out-of-plane deformation are 
used for the first time to evaluate the accuracy of the numerical 
results when the "grouping" technique is utilized. 
The employment of the "grouping" technique in the numerical simulation 
of the multi-pass welding process resulted in a reduction of the required 
computational time by approximately 35%. This significant reduction is 
attributed to the reduced number of time-steps required for the analysis 
to be solved. Based on the comparison with the experimental results of 
the residual stresses and the out-of-plane deformation of the welded 
joints, the predictive accuracy of the numerical model has not been 
compromised. The results of the numerical and experimental residual 
stress fields were identical, while the values of the final numerical and 
experimental out-of-plane deformation varied less than 5%.  
Thus, the "grouping" technique can be enlisted as a novel 
methodology, which aims at reducing the computational time of the 
analysis in the case of three-dimensional multi-pass welding simulations, 
while producing accurate results of the thermo-mechanical response of 
the welded structure. 
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6.5 Future Work 
In the present thesis a novel investigation on the numerical modeling of 
the multi-pass welding process was presented. The ability to decrease the 
computational time of a finite element analysis, without any loss of 
accuracy, is considered ideal for the design process of welded structures.  
The present work can be extended in many ways. The grouping of 
more than two welding passes could be attempted, when the welding 
process of extremity thick sections is studied, such as in the case of the 
hull section of a merchant ship. In addition, the technique could be 
applied also to materials, in which solid state transformations occur 
during the cooling process. 
There are also other means, which can reduce the computational time, 
such as the adaptive mesh technique. The comparison between the 
present technique and the adaptive mesh technique in both accuracy and 
computational time could broaden the choices for the numerical modeling 
of the welding process. 
In addition, one unresolved issue of the present thesis could be an 
object of further investigation. This issue is related with the ability of the 
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